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Abstract 
The paper is aiming at high performance tools which reconcile the contradiction objectives of accuracy 
and speed and therefore are suited for application already in the design phase of composite structures. 
By that means they will contribute significantly to a modern Concurrent/Integrated Engineering 
Process. 
TRAVEST is a pre- and postprocessing program for finite element solvers which computes the full 
three-dimensional state of stress from results of a simple shell analysis using a formulation of the 
extended 2D-method for FE-discretisations with eight- and six-noded elements, respectively. A new 
theory has been developed, which allows for using the extended 2D-method in conjunction with four-
noded elements. This would allow for much wider application in industry.  
For thick-walled composite structures a hierarchical 3D composite element has been developed, 
implemented into B2000 and compared to existing elements. All transverse stress components show 
very much improved quality. 
For 3D reinforced composites a new failure model has been developed. It is an extension of a 
physically based criterion which is applicable to unidirectional layers only. The model is implemented 
into TRAVEST and is also suited for use in B2000 in conjunction with the 3D composite element. 
The composite damage tolerance analysis code CODAC was improved by implementing a Rayleigh-
Ritz procedure for residual strength analysis. Comparison with in-house experiments revealed good 
quality of the results. 
The postbuckling behaviour of composite panels was simulated using commercial finite element 
software and compared to in-house tests. The verified model constitutes the basis for development of a 
fast postbuckling algorithm which will be based on a hybrid reduced basis technique. 
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1 Introduction 

Saving costs and time in the development of composite structures is a high priority objective for 
research and industry worldwide. An important contribution can be made by accelerating and 
increasing reliability of today´s design and development process. This can be achieved by introducing 
much more simulation capability in all disciplines. It would allow to save tests and to parallelise the 
process to some extent. If accurate simulation can be applied already in the early design phases the 
reliability of the process is improved substantially. This can be denoted as a Concurrent/Integrated 
Engineering (CIE) approach. The challenge is to reconcile the contradicting objectives of accuracy and 
speed.  This is even aggravated by the fact that for improved exploitation of the potential of composite 
structures it is necessary to simulate highly nonlinear phenomena (e.g. postbuckling) as well as to 
regard new materials with complicated fiber architecture (textile composites) and embedded sensors 
and actuators (smart structures). 
Subsequently, high performance tools for stress analysis, failure, damage tolerance and postbuckling 
are presented. 
 
 

2 3D stress analysis of shells using TRAVEST 

The design of high-performance structures from fibre reinforced composites requires sophisticated 
knowledge of the stress tensor and the failure mechanism. The failure criteria have to regard the non 
isotropic strength and the different failure modes. In contradiction to isotropic structures, where the 
relatively small transverse stress components can be neglected, for fibre-composites they have to be 
taken into account in adequate quality, since the transverse strength is small too. Therefore, the full 3D 
state of stress is needed. However, the rather poor transverse stress results from the First Order Shear 
Deformation Theory (FSDT) are not sufficient. 
 
To avoid the effort of a full three-dimensional model, an extended 2D-method has been developed by 
Rohwer and Rolfes and implemented into the software package TRAVEST. Therein, the transverse 
stress components are calculated from the equilibrium conditions, not directly from the deformation 
field. Since the equilibrium contains derivatives of the membrane stresses with respect to the 
membrane coordinates, derivatives of the shape functions are needed. Since the extended 2D-method 
reduces the required degree of derivation by one in comparison to a standard equilibrium approach, 
only linear shape functions are needed for a transverse shear stress analysis and quadratic shape 
functions for the transverse normal stress (see e.g. [1-4]). 
 
Since the full 3D state of stress is needed, the shell-analysis has to be carried out with shear elastic 
elements with quadratic or biquadratic shape functions - up to now. Due to different disadvantages, 
acceptance of quadratic or higher order elements in practical application is low. Therefore, a new 
method for computing the transverse normal stress component without using the second derivatives of 
the shape functions is strongly demanded. 
 
An iterative technique, using Hermitian interpolation functions, has been developed and tested. 
Numerical results demonstrate the potential of third-order-polynomial approximation in general and on 
the other hand some limitations of the so called ''two-sided Hermitian iteration''. 
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2.1 The thickness-distribution of �������� 

 
In general, the transverse shear stress is small in comparison to the membrane stress components, and 
the transverse normal stress is small in comparison to the transverse shear stress. Therefore, the 
transverse normal stress is at most secondary for the failure prediction. It is to be examined, if 
therefore a lower precison for transverse normal stress than for transverse shear stress is acceptable. 
 

  
Figure 1: 

Thickness distribution of the transverse normal 
stress in a symmetric four-layered cross-ply 
CFRP-plate under bisinusoidal top surface 
pressure.  
 

Figure 2: 

Thickness distribution of the transverse normal 
stress in an antisymmetric four-layered cross-ply 
CFRP saddle shell. The bisinusoidal pressure load 
is applied half on the upper, half on the lower 
layer. 

 
Figure 1 demonstrates a very typical thickness distribution of the transverse normal stress. Since the 
TRAVEST-result is derived from the equilibrium conditions, it fulfills the boundary conditions. The 
similarity to a third-order polynomial is very typical for transverse normal stress distributions. In this 
example - as in many cases – no kinks occur at the layer interfaces. 
 

2.1.1 The boundary conditions 

TRAVEST evaluates the three equilibrium conditions for the three-dimensional continuum 

 
 

( 1)

  ( 2)

 
 

( 3)

where �� denotes the curvature in the main directions x� in the initial configuration and ���1��� x3. 
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The calculation of ��� from (3) with the extended 2D-method requires the second derivative of the 
shape functions (see [1]). If equation (3) is evaluated at top- and bottom-surface,���� and ��������are 
known and ������is the only unknown variable. Thus, at the surfaces, the derivative of the distribution-
curve can be directly calculated from the equilibrium condition. 
 

2.1.2 The layer interfaces 

Using this information, the transverse normal stress distribution could theoretically be approximated 
by one cubic Hermitian polynomial. Indeed, this is a good approximation in many cases (see figure 1). 
However, for curved laminates, the thickness distribution of the transverse normal stress has kinks at 
the layer interfaces which in some cases can be very sharp (see figure 2). Obviously, in this case, a 
Hermitian polynomial over the complete laminate would be a bad approximation. Within the single 
layers, a third-order polynomial would again fit well, but for a layerwise Hermitian approximation, the 
values and the derivatives at all interfaces would be needed. It can be shown, that the kinks only 
depend on the membrane normal stresses, which are known in appropriate quality from the FSDT-
analysis. Therefore, they can easily be calculated. 
 
At the layer interfaces, the transverse normal stress is 0C -continuous. To evaluate the kink 
numerically, it is defined as difference between the derivatives on both sides of the layer interface 
 

 
 

 
( 4)

 
( 3) Introducing into ( 4), yields  

 

 

( 5)

 
Due to the equilibrium conditions, the transverse normal stresses and the transverse shear stresses on 
both sides of the layer interface have to be equal. Thus, two of the three addends vanish if H tends to 
zero. Therefore, the kink only depends on the membrane normal stresses on both sides of the interface: 
 
 

 
 

 
( 6)

 
Unfortunately, the kink yields no information about the derivatives themselves. Only their differences 
can be calculated from the equilibrium condition. Neither the values nor their derivatives are known at 
any point inside the laminate. 
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2.2 Two-sided Hermitian iteration of ��������� 

2.2.1 Using the physical information 

The information, available from physical considerations without using second derivatives in 
membrane directions, comprises the boundary values, the derivatives at the boundaries and the kinks at 
the layer-interfaces. A numerical technique which does not require second derivatives of the shape 
functions, and therefore allows postprocessing of linear elements, has to be based only on this 
information, and the challenge is to find an approach which yields an appropriate solution without 
increasing the numerical effort of the complete TRAVEST postprocessing. 
 

2.2.2 Two-sided iteration with broken Hermitian polynomials 

We assume that the global Hermitian polynomial yields a good approximation for ��� and  ������within 
both outside layers. It can be calculated using the following expression 
 

 

 

 

( 7)

 
Value and derivative at any point within the structure - for example the next inner layer-interfaces, 
where the approximation still should be well - can easily be calculated, since the polynomial is known 
analytically. Now, the values and derivatives at the first layer-interfaces from both surfaces are known. 
Thus, the derivatives at the opposite sides of the layer interfaces can be calculated from the kink, and a 
second polynom between these two interfaces can be defined. By repeating this procedure, an 
approximation for the thickness distribution of ��� for the complete laminate can be computed. The last 
polynomial - or central polynomial - spans the central layer (for odd number of layers) or the central 
pair of layers (for even number of layers), respectively.  
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2.3 Numerical results and specific problems 

  
Figure 3: 

Thickness distribution of ����in a symmetric five-
layered cross-ply saddle-shell under bisinsoidal 
load. 

Figure 4: 

Transverse normal stress distribution in an 
antimetric four-layered cross-ply cylindrical 
CFRP panel. The inside surface (defined as the 
top surface) is loaded with a sinusoidal pressure 
load. 

 
In figure 3 and figure 4, results from a TRAVEST test-version based on  the two-sided Hermitian 
iteration, are compared to results from the standard version using second derivatives of the shape 
functions. In both figures the iterative curve mostly fits well the physical result and therefore 
demonstrates the potential of polynomial approximation techniques utilizing the knowledge about the 
kinks at the interfaces. However, figure 4 also demonstrates specific weaknesses the two-sided 
Hermitian iteration has in particular. They can be subdivided into three classes: The problem of the 
initial polynomial, the problem of error accumulation and the problem of the central polynomial. For 
general applicability, improvements or corrective functions for the technique have to be developed, 
which decrease the influence of these problems or even eliminate them. 
 
The initial polynomial 
Assuming the global Hermitian polynomial to be a good approximation within the two outside layers 
is not always valid. In figure 4, the variance in the two outside layers is relatively high. Since the 
quality of the approximation decreases from the surfaces to the center, the two-sided Hermitian 
iteration can fail if the start-polynomial forces the iteration into a wrong direction. 
 
Error accumulation 
The iteration algorithm is very sensitive to variations in the first derivative. At the upper kink in figure 
4, it can be noticed, that a relatively small error in the derivative can cause a relatively high error in the 
following layer. This effect can force the iterative curve into a completely wrong  direction, especially 
if it accumulates over several layers. 
 
Error accumulation and the problem of the initial polynomial are of course two sides of the same 
problem. Nevertheless, they are distinguished in this paper, because the problem of the initial 
polynomial is characteristic for the two-sided approach, while error accumulation is a general problem 
for all approaches based on polynomial concatenation. On the other hand, the problem of the initial 
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polynomial requires good starting conditions, while error accumulation requires a low error threshold 
over the complete algorithm. 
 
The central polynomial 
Up to now, the two-sided Hermitian iteration assumes an odd number of layers and finishes the 
algorithm with one central polynomial over the central layer. If the number of layers is even - like in 
figure 4 - the two layers at the central layer-interface are automatically combined to one layer, ignoring 
the kink at the central interface. However, this problem does not occur for symmetric laminates. 
 
The potential of polynomial approximation for transverse normal stress analysis has been clearly 
demonstrated. It is based on the knowledge about disconuities at the interfaces. Future work will 
concentrate on improvements for the two-sided Hermitian iteration, especially on solutions for the 
three specific problems, which have been demonstrated, and on new polynomial approximation 
approaches, respectively. 
 
 

3 3D stress analysis of thick-walled structures using B2000 

While thin-walled structures can be analysed by shell elements based on the FSDT, thick structures 
must be calculated using 3D elements. The use of homogeneous, anisotropic 3D elements is not 
economical, since between three and five elements are necessary along the thickness in each layer. 3D 
multilayer elements, which are offered by some FE-codes, are not fully developed. They are mostly 
based on the material law for calculating not only the in-plane stresses but also the transverse stresses. 
This leads to discontinuous distributions of transverse stresses and violates equilibrium at the 
interfaces. Therefore, a new 3D multilayer element is developed for analysis of laminated composites. 
This element uses two steps to calculate the full stress tensor which is similar to the extended 2D-
method for shells. In the first step the in-plane stresses are computed from the material law using a 
displacement approximation, and then the transverse stresses are calculated from the 3D equilibrium 
equations. In contrast to the extended 2D-method no simplifying assumptions (e.q. cylindrical bending 
modes) can be introduced in order to reduce the required polynomical degree of the shape functions. 
Thus, high-order interpolation functions, at least quadratic ones, are needed to obtain transverse shear 
stresses and cubic ones to obtain the transverse normal stress. Therefore, a hierarchical interpolation of 
displacements is chosen. The hierarchical shape functions are built from orthogonal polynomials, e.g. 
Legendre polynomials. The use of orthogonal polynomials brings some numerical advantages, like 
avoidance of round-off errors usually associated with polynomials of high degree. In addition, 
coupling  between hierarchical degrees of freedom is minimized and a more dominant diagonal form 
of the stiffness matrix is obtained. This has the important consequence of ensuring an improved 
conditioning of the stiffness matrix. In [6] it was shown that the condition number is improved by an 
order of magnitude if hierarchical shape functions are applied. Furthermore, within a p-method a faster 
rate of iteration convergence is achieved as compared to non-hierarchical functions. 
 
The hierarchical concept for finite element shape functions has been investigated during the past 20 
years  [5,6,8-10]. While in the standard h-version of the finite element method the mesh is refined to 
achieve convergence the polynomial degree of the shape functions  remains unchanged. Hence usually 
low order approximations of degree p = 1 or p = 2 are used. In the p-version the mesh definition keeps 
unchanged and the polynomial degree of the shape functions is increased. A certain disadvantage 
emerges by using standard nodal shape functions. Since by increasing the polynomials for standard 
elements new shape functions must be built and hence all preceded calculations must be repeated. If 
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the refinement is made hierarchically an increase of the polynomial degrees does not alter the lower 
order shape functions (see figure 5). So the stiffness matrix of a preceding step is preserved and the 
solution of the unrefined mesh can be used to start the next solution. 
 

Standard Hierarchical

p=1

p=2

 
Figure 5: Set of standard and hierarchical shape functions 

 
For defining hierarchical basis functions there is no optimal set but there are two important 
considerations[7]:  (1) The element stiffness matrices should have a condition number as small as 
possible in order to minimize round-off errors, which usually occur when increasing p. (2) The 
computation of element stiffness matrices and load vectors should be as efficient as possible. These 
two considerations lead to element basis functions constructed from simple polynomial functions with 
certain orthogonality properties, e.g. Legendre or Chebyshev polynomials. Additionally, the basis 
functions should be hierarchic, i.e the basis functions of degree p should be embedded in the set of 
basis functions of degree p+1. In the 3D composite element fomulation the normalized integral of the 
Legendre polynomial is used [8], 
 
 

� � � � � � � �� �1 2
1

2 1 1 2
2 4 2

x

n n n n
nx P t dt P x P x n

n
�

� �

�

�
� � � �

�
� , ( 8)

 
where ( )nP x  are Legendre polynomials. Legendre polynomials take the values �1 at 1x � � . Thus 
they cannot qualify as hierarchical shape functions if nodes are located at 1x � � , because the 
hierarchical shape functions must vanish at node points. That's why equation ( 8) is used to construct 
hierarchical shape functions. The implementation of the p-version for the three dimensional composite 
finite element uses basis functions introduced by Szabó and Babuška[8], which are based on the 
Legrendre polynomials in equation ( 8).  
 
In the finite element method, the conventional displacement finite elements work fine for stress 
analysis of homogeneous materials. Even for computation of in-plane stresses in composite materials 
the displacement method provides excellent results. However, the results obtained for transverse 
stresses need improvement due to the fact that there are stiffness discontinuities at layer interfaces in 
laminated composites. Therefore, the 3D composite element uses two steps to calculate the full stress 
tensor. In the first step the in-plane stresses are computed from the material law using a displacement 
approximation, and then the transverse stresses are calculated from the 3D equilibrium equations. 
 
The constitutive law is used in the first step for computing the in-plane stresses. 
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The displacement is ˆ ˆ�u Nu , ( 9)

 

the strains are               ˆ ˆˆ ˆ= Du = DNu = Bu� , ( 10)

 

and finally the stresses become ( ) ( ) ( ) ˆ ˆk k k= C = C Bu� � . ( 11)

 

The stress � and strain � can be derived into in-plane and transverse parts 
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( 12) 

In the development of the finite 3D composite element, it is necessary to identify globally continuous 
and locally continuous variables. 
Globally continuous variables are those that are continuous across the thickness of the laminate and 
therefore continuous at the interface from layer to layer (index G). Locally continuous variables are 
those that are continuous only across the thickness of each layer but are not necessarily continuous at 
the interfaces between the layers (index L). Then the constitutive equation can be expressed in the 
form 
 
 ( ) ( )k k

� � � � � �
�� � � �� 	


 �
 � � 

L 1 2 G
T

G 2 3 L

C C
C C

� �

� �

 

. 

( 13) 

The in-plane stresses read 
 � �

( )( ) ( ) ˆ ˆkk k
L� �L 1 2C C C Bu�  

. 
( 14)

 
The second step involves calculation of the out-of-plane stresses from the equilibrium equations using 
the in-plane stresses calculated in the first step. The equilibrium conditions are analogous to the 
equations (1) to (3) with ��=0. 
 
The finite element program B2000 was used for testing the two step method. A simply supported 
rectangular layered composite plate under cosinusoidal load was considered a suitable test case since 
significant transverse stresses occur and an analytical 3D elasticity solution is available. The plate is 
shown in figure 6. The following configuration is considered: Stacking sequence [0/90/90/0], ply 
thicknesses [0.25]4, S = a/h = 5 and a/b = 1.48341. The edge lengths in x- and y-direction are a and b, 
respectively. The plate thickness is h. A fiber orientation of zero indicates that the longitudinal 
direction of the fibers is parallel to the x-axis. 
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z

y

x

a

h

b

q x/a y/b0(x,y)=cos( )cos( )� �

v w, =0

u w, =0  
Figure 6: Simply supported laminated plate 

The calculations were carried out using a finite element mesh of 7�5�1 elements. Figure 7 shows 
distributions of the inplane stresses �x and �y  over the plate thickness at the center of the plate. The 
two step method is compared to an analytical elasticity solution. p is the polynomial degree of the in-
plane shape functions and q indicates the degree in transverse direction. Additionally, the solution of 
the MSC.MARC 3D composite brick element is shown. The results received by the two step method 
as well as by the MSC.MARC 3D composite element are close to the analytical solution. The result 
indicates that a small p-order of two or three within the two step method is sufficient for calculating 
the in-plane stresses. This holds for the transverse stresses, too. The results are displayed in figure 8. 
However, none of the results provided by the MSC.MARC 3D composite brick element shows reliable 
transverse stresses �xz and �yz. The distribution of the transverse stress component �xz is in sharp 
contrast to the distribution of the 3D solutions. The distribution of �yz is comparable to the 
corresponding three dimensional solution, however the difference in accuracy is significant. 
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Figure 7: Comparison of in-plane stresses x� and y�  
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Figure 8: Comparison of transverse shear stresses xz� and yz�  

In figure 9 the transverse normal stress is displayed. The solution of the new hierarchical composite 
elements is very close to the exact one. The MSC.MARC composite elements shows a significant 
deviation but provides still a reasonable approximation. 
 

-0.5

-0.25

0

0.25

0.5

0.00 0.20 0.40 0.60 0.80 1.00
� z

z

3D
B2000 (p=3,q=2)
B2000 (p=3,q=3)
MARC Elem 150

Figure 9: Comparison of transverse normal stress �z  

 
This examples indicates that it seems to be difficult to calculate transverse shear stresses with high 
accuracy using only the material law and a dispacement field, which is interpolated by quadratic 
isoparametric shape functions. Since the in-plane displacements of thick structures show strong zig-
zag distributions through the thickness direction the calculated transverse stresses are not useable as 
shown in the benchmark (MARC solution). The two step method uses the displacement field and the 
material law only for calculating the in-plane stresses, whereas the transverse stresses are calculated 
from 3D equilibrium conditions. Highly accurate results for the out-of-plane stresses are obtained. 
 
 

4 Failure model for 3D reinforced structures within TRAVEST 

Conventional prepreg composite structures consist of unidirectional layers with in-plane fiber 
reinforcements in layerwise constant orientations. Novel textile composites use additional fiber 
reinforcements in any out-of-plane direction. While such structures offer improved strength in these 
directions, the in-plane strength of the layer may be decreased significantly due to increased fiber 
waviness. Therefore it is not reasonable to use the same fibre density in out-of-plane directions as in 
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the main fiber direction of the layers. Such a design would just be ineffective and would not take full 
advantage of the high specific fiber strength. Additionally, the manufacturing process of out-of-plane 
fiber reinforcements is technologically difficult. The easiest to manufacture 3D fiber reinforcement is 
one exactly vertical to the composite layers. Thus a very common configuration of 3D composites 
consists of unidirectional layers with high in-plane fiber density and fiber reinforcements exactly 
vertical to the layers with a significantly lower fiber density. A new strength model has been 
developed to extend the application range of an existing physically based failure criterion to such a 
kind of fibre reinforced plastics. 
 
Fibre Fracture (FF) and Inter Fibre Fracture (IFF) must be distinguished as different failure modes of 
a composite layer. For FF a simple criterion can be used: 
 
 

||
( , )
||

1
R � �

�

�  ( 15)  

||�  is the stress and ( , )
||R � �  are the strengths of the unidirectional layer for tensile (+) and 

compressive (-) loads in fiber direction. For IFF of unidirectional layers a physically based Criterion 
called Simple Parabolic Criterion (SPC) has been developed and experimentally verified by 
Cuntze et al. [1]. The fracture hypothesis of Mohr for brittle materials is used as base, therefore the 
criterion is formulated solely in stresses and strengths of the fracture plane (see figure 10):  

N 0:� �  � �
2 2 2

2( ) ( )N NT NL N
( ) ( )
N NT NL N

1 p p 1
R R R R

� �

� �

� � � � � �� � � �
� � � � �� 	 � 	 � 	


 � 
 � 
 �
 ( 16)

N 0:� �  � �
2 2 2

2( ) ( )N NT NL N
( ) ( )
N NT NL N

p p 1
R R R R

� �

� �

� � � � � �� � � �
� � � �� � � � � �

	 
 	 
 	 

 ( 17)

 
( , )p � �  represent gradients of the fracture body defined by equations ( 16) and ( 17). Cuntze et al. [1] 

developed the following strength model for unidirectional layers using basic strengths of the layer with 
respect to the material axes: 
 
 ( ) ( ) ( )

N y zR R R� � �

� �  ( 18)
 ( ) ( ) ( )

N y zR R R� � �

� �  ( 19)
 NL xy xzR R R� �  ( 20)
 ( )

N
NT ( )

RR
1 1 2p

�

�

�

� �

 ( 21) 
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Figure 10: Components of the stress tensor and stresses in the 
fracture plane of an unidirectional element 

To extend the application range of the SPC to additionally orthogonal reinforced composites made of 
unidirectional layers the following strength model was developed: 
 
 ( , ) ( , ) 2 ( , ) 2 ( , )

N y z yzR R sin R cos R sin 2� � � � � � � �

� � � � � �� � �  ( 22)
 ( , ) ( , ) ( , ) ( , )

NT y z yzR (R R ) sin 2 R� � � � � � � �

� � � � �� � �  ( 23)
 ( , ) ( , ) ( , )

NL xy xzR R sin R cos� � � � � �

� � � �� �  ( 24)
The strength parameters R�  are not necessarily equal to the basic strengths R of the layer, but are 
determined by data fitting of experimental results. Additional informations can be found in reference  
[12]. The SPC has been implemented in TRAVEST. In this way 3D stress analysis with low 
computational effort as well as application of physically based failure criteria is possible. This allows 
for a very efficient design process. An exemplary failure analysis with TRAVEST is shown in figure 
11. 
 
 

Figure 11: Failure analysis with TRAVEST, material effort 
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5 Damage tolerance analysis using CODAC 

5.1 Introduction 

Damage initiation and growth in CFRP structures are very complex phenomena. Non or barely visible 
damage can cause a substantial reduction of the residual strength. Due to a lack of analytical and 
numerical tools there often is a need to conduct 
time and cost intensive experiments. Therefore, 
based on the work presented by Chai/Gädke[17], 
the program CODAC is being developed, which 
can be used already in the design phase to quickly 
evaluate the impact damage tolerance and residual 
strength of stringer-stiffened panels due to low-
velocity impact. 

5.1.1 Impact 

Stringer stiffened panels are widely used in aerospace structures such as fuselage and wing panels. 
Stringer and skin can be either bonded adhesively or by co-curing them. In CODAC such structures 
are modelled by 8-node shell elements for the skin laminate and 3-node beam elements for the 
stringers. The impactor is modelled as a point mass with a given initial velocity. Using the Hertzian 
contact law, the contact force is related to the indentation of the skin laminate.  For the formulation of 
the transient impact response an implicit Newmark time stepping scheme is employed. Up to now 
degradation due to impact damage is not accounted for. Due to using a linear elastic material law and 
geometrical linearity it is sufficient to decompose the systems of equations only once. 
 
While the determination of the in-plane stress components �11, �22 and �12 makes no complications for 
2-D shell elements, the determination of the transverse shear stresses �13 and �23 requires close 
attention. Because these stress components play an important role for matrix and delamination failure, 
it is essential to assess them as accurately as possible. Therefore, in CODAC the extended 2-D method 
is implemented (see chapter 2). 
 
For the different failure modes, separate stress based failure criteria are used for the assessment of 
damage during the transient impact process. For fibre failure the maximum stress criterion is used, 
while for inter-fibre failure the physically based criteria from Hashin[14] or from Puck[15] are 
recommended.  In contrast to static failure (see chapter 4) delamination failure due to low-velocity 
impact cannot be sufficiently described by physically based criteria from Puck and Hashin. For this 
failure mode a special semi-empirical criterion from Choi/Chang[16] has lead to better results. 
To demonstrate CODAC’s capabilities in impact simulation, an example is shown, where a 2-stringer 
stiffened panel was impacted by a steel hemisphere of 1 inch diameter in mid-bay between the two 
stringers. The impact energy was 40 Joule. In figure 12 the measured and simulated contact force 
between impactor and skin laminate is graphed while figure 13 depicts the simulated 3-D damage state 
after the impact event and a comparison of the simulated and the measured delamination damage for 
the lowest four interfaces of the laminate. The experimental results are based on ultrasonic inspections. 
Therefore, some delaminated areas are shadowed by delamination in overlying layers. Even the 
agreement of the delamination areas is quite  good, except for the third interface, where the simulated 
damage area is considerably larger than the measured one. The CODAC simulation of the transient 
impact response including the determination of the damage state takes about 15 minutes on a desktop 
PC (Pentium 4). A mesh with 368 elements was used to model the skin laminate and the two stiffeners. 
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Figure 12: Comparison of experimental and simulated contact force 
between impactor and skin laminate for a 40 Joule mid-
bay impact on a stringer-stiffened panel.  
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:  Figure 13:  Simulated 3-D damage state and comparison of experimental 
and simulated delamination damage for a 40 Joule mid-bay 
impact on a stringer-stiffened panel. 

 

5.2 Residual strength 

For the evaluation of the damage tolerance of composite structures it is not sufficient to know the 
impact damage, it is also necessary to be able to predict the residual strength of the damaged structure. 
Delamination damage often arises due to impact. This is very dangerous, because delaminated sub-
laminates can buckle locally due to compressive loading. This buckling can lead to stable and instable 
delamination growth. While stable delamination growth comes to a halt, if the compressive loading is 
not increased any further, instable delamination growth causes a rapid enlargement of the delamination 
and may result in sudden structural failure. In aerospace structures delamination growth must not 
occur. 
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The delamination damage typically consists of nearly elliptical delaminations with increasing size 
from the top (impacted side) to the bottom of the laminate. Critical for sub-laminate buckling and 
delamination growth is usually a large delamination separating a thin sub-laminate from a much 
thicker base laminate as analysed by Chai/Babcock[13]. The base laminate is assumed to stay plane 
while the skin laminate of the damaged panel undergoes compressive loading leading to a plane stress 
state of stress. 
 
In CODAC sub-laminate buckling as well as stable and instable delamination growth are modelled 
using a non-linear Rayleigh-Ritz approach. Four degrees of freedom (d.o.f.) for the out-of-plane 
displacement of the sub-laminate and two d.o.f. for each of the in-plane deformations make a total of 8 
d.o.f for the elliptical sub-laminate. On the border of the delamination a fixed boundary condition is 
assumed. The von-Karman stress-strain relationship is used to be able to simulate the post-buckling 
behaviour of the sub-laminate. For the solution of the non-linear system of equations the Newton-
Raphson method is employed. 
 
Possibly contact occurs between sub- and base-laminate. For this case, a numerical integration over the 
contact region is performed. A linear elastic behaviour with the contact modulus as a parameter is 
assumed to govern the relationship between contact force and deformation of the sub-laminate in the 
contact region. 
 
Delamination growth is assumed to occur in the post-buckling regime of the delaminated sub-laminate. 
In a strain-increment loop the in-plane strains are increased. In each increment the strain energy 
release rate (SERR) is computed for an increase of both half-axes of the elliptical sub-laminate. If a 
SERR exceeds the critical SERR, the delamination is assumed to grow along the respective half axis 
until the SERR decreases to a value below the critical SERR again. 
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Figure 14:  

 

Left: Middle deflection of the sublaminate vs. x1-strain. Top right: 
elliptical delamination just before stable delamination growth. 
Bottom right: elliptical delamination just before instable 
delamination growth 
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6 Postbuckling of stringer stiffened panels 

The structural behavior of undamaged thin-walled stringer stiffened CFRP-panels loaded in 
compression is mostly limited by its buckling and postbuckling performance. Two extensive in-house 
tests have been conducted to obtain a reliable foundation to verify the nonlinear finite element analysis 
using a commercial software tool and to provide a sound database for the development of a fast 
postbuckling algorithm. 

6.1 Experiments 

Carbon fiber reinforced plastic (CFRP) panels of identical type and material (Hexcel, 6376C-
HTA(12K)5-35%) have been used as test specimens. Figure 15 displays the panel and its basic 
dimensions. The six T-shaped stringers have been manufactured separately, using a symmetric 
stacking sequence of prepreg material and have been subsequently bonded to the skin. Several 
ultrasonic tests have been conducted to ensure the quality of the panels, especially the bonding 
between skin and stringer-flange. Figure 16 depicts the flaw echo of one panel where almost no 
inhomogenity in the lamina as well as at the stringer-skin interface can be found. 

   
Figure 15: CFRP-panel Figure 16: Ultrasonic flaw echo 

 

  

Both ends of the panel (region of larger stringer-blade and stringer-flange as shown in figure 15) have 
been embedded into a rigid steel test equipment using an epoxy-fill. The major focus was to ensure a 
homogeneous axial load along both edges. A significant amount of sensors have been used to extract 
local strains as well as axial and radial displacements. Figure 17 shows the buckling facility with one 
of the panels installed. The displayed detail of the panel in  figure 18 depicts the chains of strain-
gauges, which have been used to determine local skin buckling (load and wave length). Not shown on 
the pictures are 20 inductive position-encoders, which have been attached frontal on the stringer-
blades to measure the radial displacements of global buckling deformations. In addition an optical 
deformation measurement system has been used to capture (digital images) the deformations of the 
panel. After post processing these digital images, which have been made at 140 load levels during the 
experiment, the displacements of a fine optical-mesh (representing the surface of the panel) have been 

Panel length  L=800 mm 
Radius of curvature  R=1000 mm 
Width (Bowstring)  W=495 mm 
Thickness of the skin Tskin=1 mm 
Thickness of the flange Tflange=1 mm 
Thickness of the blade Tblade=2.5 mm
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obtained. Using this relatively new optical systems a quantitative comparison between the 
experimentally extracted deformation pattern and the analytically (FEM) calculated displacement was 
possible. 
 

  

 
 

 

Figure 17: Buckling facility Figure 18: Strain-gauges (front of the panel) 

 
The diagram in figure 19 shows the load-shortening-curve, which has been scaled with respect to the 
corresponding load and shortening at the point where skin buckling occurs. In figure 20 the locally 
measured strain of five strain gauges are depicted with respect to the scaled shortening. The 
occurrence of local skin buckling is associated with a small change in the stiffness of the test 
specimen. This point is marked with an arrow in figure 19. In accordance, the measure strains in figure 
20 start to diverge from their linear prebuckling behavior due to the sinusoidal deformation of the skin 
in axial (loading) direction. At a scaled shortening of approximately 1.9 a global nonsymmetrical 
buckle emerges, which can be either seen by the sharp bending in the load-shortening-curve (figure 
19) or by the significant change in the local strains (figure 20). 
  

Figure 19: Load-shortening-curve              Figure 20: Local strain from strain- 
                 gauges, as shown in figure 18 
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The maximum load carrying capacity of both test specimens was reached at a factor of 1.95 times the 
buckling load, followed by a significant loss due to a sudden change in the postbuckling deformation 
towards a global symmetric buckle. This large (high energetic) shifting resulted in a first failure of the 
structure - a local separation of the skin and the stringer-flange. The subsequent degradation was a 
result of growing delamination of stringer-flange and skin and local failure in the lamina. The 
measured deformations (position encoder, optical system) during both experiments show a good 
agreement and generate a detailed and reliable foundation to verify the nonlinear finite element 
analysis. 

6.2 Nonlinear Finite Element Analysis 

To analyze the pre- and postbuckling behavior of the panels a commercial nonlinear finite element 
software tool (ABAQUS) has been employed. Substantial investigations have been undertaken with 
respect to the FE-model, the analysis procedure and finally the verification using the afore described 
experiments. 
 
Finite Element Model 
Preliminary investigations have been conducted, to ascertain the appropriate type of shell element, the 
necessary mesh refinement and the stringer-skin connection. Finally a four-node shell element (S4R) 
with a side length of approximately 4 mm has been used to discretize the panel. This relatively fine 
mesh was mandatory to include all kind of local / nonlinear effects in the analysis. Figure 21 depicts a 
clipping of the finite element model and some detailed information with respect to the stringer-skin 
connection. The adhesive joint has been modeled using rigid elements (MPC, shown as straight lines 
connecting corresponding nodes of the skin and stringer elements). The convergence of the results has 
been reviewed with a slightly refined mesh. 
 

 

Figure 21: Finite element model 

 
 
 
 

Number of Elements: � 42000 
Number of DOFS: � 264000

Stringer-Skin-Connection 
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Analysis 
The approach to conduct the FE-analysis in ABAQUS consists basically of four stages (figure 22): 
The preprocessing using MSC/PATRAN, a linear eigenvalue analysis (*BUCKLE in 
ABAQUS/Standard) to extract buckling modes. These modes have been used in the subsequent 
nonlinear analysis as scaled artificial imperfections. In contrast the results due to the optical 
measurement can be used as real imperfections of the panel. In the nonlinear analysis with 
ABAQUS/Standard the build-in Newton-Raphson technique with adaptive/artificial damping 
(*STATIC, STABILIZE) has been utilized. Finally the desired results (e.g. deformations, strains) have 
been extracted with a post processing software (ABAQUS/Viewer). 
 

 
Verification 
To verify the nonlinear finite element analysis with extracted experimental data a global comparison 
using the load-shortening-curve has been employed. The diagram in figure 23 shows that the 
analytically extracted results match well with the experimental data – the axial stiffness in the pre- and 
postbuckling region, the occurrence of the sharp bending (global buckle) and the run of the curve up to 
the first failure. The three pictures of the panel provide an idea how the deformation patterns appear at 
different stages in the postbuckling region. Again the experimental results are very similar with respect 
to the postbuckling deformations. 
Overall the verification with reliable experimental data show the high quality of nonlinear finite 
element analysis of CFRP-panels along the whole postbuckling path up to the first failure.  

 

Figure 22: FE-analysis procedure 
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Figure 23: Load-displacement-curve (FEM-analysis / experimental data) 

 
 

7 Conclusion and Outlook 

Novel capabilities of the high performance tools TRAVEST, B2000 and CODAC were presented and 
revealed the potential for reconciling the contradicting demands for accuracy and speed. Some future 
development objectives are outlined subsequently. 
The two-sided Hermitian iteration in TRAVEST must be improved in order to provide a fully reliable 
method for fast 3D-stress analysis of shells based on three- and four-noded elements. The 3D-element 
for thick-walled structures in B2000 will probably find applications in textile composite structures. 
Thus, the inclusion of non-linear material behaviour will be important. The new failure model for 
textile composites in TRAVEST needs thorough experimental verification tests and should be further 
developed for non-orthogonal 3D-reinforcement. CODAC will be improved by implementing first 
degradation models, which in itself are still an open field of research. Furthermore, double-shell 
structures are promising candidates for future fuselage structures and will be included in CODAC. A 
fast postbuckling code will be implemented into B2000 and will be based on the database provided by 
tests of stiffened panels and by nonlinear finite element codes with commercial software. 
 
In order to provide a multidisciplinary tool for design and analysis of composite structures, the tools 
presented will be further integrated and harmonized. In that context an important task will be the 
inclusion of strength and local buckling failure into global models. 
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