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WIDMUNG VON PROFESSOR DR. WALTER KRÖLL ⊕
Lieber Herr Breitbach, anlässlich Ihres 65. Geburtstages liegt ein Band mit ausgewählten
wissenschaftlichen Beiträgen der letzten Jahre vor uns. Es sind Beiträge Ihres Instituts, so heißt es
ausdrücklich, Ihren eigenen Anteil an der vorgestellten Forschung stellen Sie nicht in den
Vordergrund. Typisch für Sie? Ja, sagen die, die Sie kennen. Denn für Sie stehen die Interessen
des Instituts immer auf Platz eins. Es ist das Institut für Strukturmechanik in Braunschweig, das Sie
seit über zehn Jahren leiten.
Wer einige Worte über Sie sagen möchte, ist daher nicht schlecht beraten, über dieses Institut zu
sprechen. Ihre Führung ist ihm gut bekommen: Aus Göttingen, wo Sie zuvor als Abteilungsleiter
auf dem Gebiet der Strukturdynamik gearbeitet hatten, brachten Sie 1993 nicht nur Ihre
hervorragende wissenschaftliche Expertise mit nach Braunschweig, sondern eben auch jene
Dynamik, die es brauchte, um das Institut fit für die Zukunft zu machen. Mit Ihnen kamen neue
Themen wie die Adaptronik. Und Sie schauten nach rechts und links: Ergebnisse aus dem
Kerngeschäft des Instituts, so ihr Prinzip von Anfang an, liefern wertvolle Beiträge für ganz
unterschiedliche Forschungsvorhaben. Das Ergebnis gibt diesem Prinzip Recht. Faserverbundund Leichtbaustrukturen aus Ihrem Haus findet man heute nicht nur im Flugzeug- und
Automobilbau. Sie und ihr Team mischen auch bei ganz anderen Projekten erfolgreich mit, etwa
bei der europäischen Kometen-Mission Rosetta oder auf dem Feld der umweltgerechten
Entsorgung.
Dynamik à la Breitbach hat zwei wesentliche Kennzeichen. Der Blick auf neue Themen und in
benachbarte Disziplinen ist das eine. Die Offenheit für potenzielle Partner ist das andere. So sind
Sie seit vielen Jahren in der Lehre aktiv, und zahlreiche junge Leute kommen aus der Universität,
um bei Ihnen zu promovieren oder zu habilitieren. Offen sind Sie gleichermaßen Richtung
Industrie. Mit großem Erfolg kooperieren Sie mit der Auto- und der Luftfahrtindustrie. Zwei
hervorragend funktionierende Ausgründungen zählen zu den positiven Ergebnissen Ihres Wirkens.
Wer sagt, Sie hätten keine Berührungsängste mit der Wirtschaft, sagt zu wenig. Dass Sie ein
„Macher“ sind, auch ein „Verkäufer“, trifft es wohl eher, allerdings einer, der bei der
wissenschaftlichen Qualität keine Abstriche macht.
Lieber Herr Breitbach: Ihr Stil ist entschieden in der Sache und diplomatisch in der Form, Ihre
Herangehensweise interdisziplinär und weitsichtig – dies hat wesentlich dazu beigetragen, dass Ihr
Institut heute kerngesund dasteht, mit einem gut aufgestellten Team aus vielen jungen, aber auch
erfahrenen Wissenschaftlern, mit hohem wissenschaftlichen Output und einer Drittmittelquote von
rund 50 Prozent. Bei Breitbach zu arbeiten, hört man, dies gilt unter jungen Wissenschaftlern als
Gütesiegel und als wichtiger Schritt in einer erfolgreichen Berufskarriere.
Zu Ihrem erfolgreichen Wirken in Braunschweig gratuliere ich Ihnen herzlich. Viele profitieren
davon, dass für Sie das Institut immer ganz vorne steht. Auch die Helmholtz-Gemeinschaft, deren
Erfolg wesentlich von Führungspersönlichkeiten wie Ihnen abhängt. Meine guten Wünsche gelten
jedoch auch Ihnen persönlich. Besonders wünsche ich Ihnen all das, was man zum Glück ebenso
nötig braucht wie beruflichen Erfolg: Gesundheit und genug Zeit für Familie und Freunde, drei
Hunde und gelegentlich einige freie Tage im Ferienhaus in Mecklenburg-Vorpommern.
Ihr
WALTER KRÖLL

⊕ Prof. Walter Kröll ist Präsident der Helmholtz-Gemeinschaft Deutscher Forschungszentren, Köln
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WIDMUNG VON PROFESSOR DR. SIGMAR WITTIG

⊕

Schüler, Mitarbeiter und Weggefährten haben sich spontan zusammengefunden, um zur
bleibenden Erinnerung – vielleicht auch zur Markierung des Lebenswerkes einer großen Lehrerund Ingenieurpersönlichkeit – aus Anlass des fünfundsechzigsten Geburtstages von Professor
Elmar Breitbach einen bunten Strauß wissenschaftlich-technischer Abhandlungen zu überreichen.
Die Beiträge kommentieren in herausragender Weise den weit gespannten Fächer des
Engagements von Elmar Breitbach: der Forscher, der Lehrer, der anwendungsorientierte Ingenieur
und Konstrukteur, der stets auf die theoretischen Grundlagen zurückkommt, ja auch der
ergebnisorientierte Manager wird sichtbar. Er hat viel "Neues in die Welt gebracht", um ein Wort
Heinrich von Pierers aufzunehmen.
Elmar Breitbach hat über die Grenzen des Deutschen Zentrums für Luft- und Raumfahrt (DLR) und
der Technischen Universität Braunschweig national wie international höchste Wertschätzung
erfahren und kann mit Genugtuung die Erfolge seiner Arbeit und das Wirken seiner Schüler
verfolgen – und trägt damit in der Reflektion zur Anerkennung des gesamten DLR bei. Hierfür sind
wir dankbar.
Dies alles ist aber nur möglich, weil er stets die Meinungen und Überlegungen Anderer hört und
bei der Entscheidungsfindung mit einbezieht. Natürliche Autorität, Zuverlässigkeit und
zuversichtliche Lebenseinstellung – so kennen wir Elmar Breitbach, so wünschen wir ihm für die
kommenden Jahre persönliches Glück und Freude an seinen Aufgaben, so wünschen wir uns ihn
weiterhin als treibende Kraft und Ratgeber für die Wissenschaft wie für die Wirtschaft und vor
allem für das Deutsche Zentrum für Luft- und Raumfahrt, das ihm so viel verdankt.
Die Erinnerung des Konsemesters an die gemeinsamen – in der Rückschau fordernden,
inspirierenden, glücklichen – Studienjahre an der RWTH Aachen lässt die Glückwünsche umso
herzlicher ausfallen.
SIGMAR WITTIG

⊕ Prof. Sigmar Wittig ist Vorstandsvorsitzender des Deutschen Zentrums für Luft- und Raumfahrt, Köln
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WIDMUNG VON PROFESSOR DR. JÜRGEN KLENNER

⊕

Herr Professor Breitbach blickt auf eine vier Jahrzehnte währende, erfolgreiche ingenieurwissenschaftliche Laufbahn zurück. Sie ist stark mit der Luftfahrttechnik verbunden. Strukturen und
deren Verhalten – bis hin zu adaptiven Eigenschaften – bilden den Schwerpunkt seiner technischwissenschaftlichen Arbeiten.
Die vielfältigen beruflichen Leistungen von Prof. Breitbach als Wissenschaftler, Institutsleiter,
Unternehmer und Lehrender werden sicher von berufenerer Seite ausreichend gewürdigt.
Mich hat eine weitere Facette seiner Fähigkeiten besonders beeindruckt: sein Verständnis für die
notwendige Anwendungsnähe wissenschaftlicher Ergebnisse und die Bedürfnisse der Industrie.
Seine “unternehmerische Ader“ hat sicher dazu beigetragen, aber es scheint mir im Wesentlichen
im Naturell von Herrn Breitbach begründet zu sein, dass er sich so sehr um die Anwendung neuer
Ideen in konkreten Produkten bemüht hat.
In meiner Funktion als Verantwortlicher für Strukturtechnologie für Airbus in Deutschland habe ich
in der zweiten Hälfte des letzten Jahrzehnts in vielfältiger Weise mit Prof. Breitbach
zusammengearbeitet. Dabei hat er wesentlich dazu beigetragen, die Beziehung des DLR zur
Industrie – speziell zu Airbus – neu zu gestalten. Seine engagierte, zupackende und pragmatische
Art hat die Anerkennung des DLR auf Seiten der Industrie gefördert.
Sein persönlicher Einsatz in einer Reihe von Aktivitäten hat maßgeblich zum Erfolg beigetragen:
sei es in der Formulierung von Technologieprogrammen, der Verbesserung der Zusammenarbeit
zwischen Instituten und der Industrie, der Etablierung von Fördervorhaben im regionalen Bereich,
der Gestaltung eines Patenschaftsprogramms, um nur einige zu nennen. Professor Breitbachs
Hartnäckigkeit, sein Verhandlungsgeschick und seine “Adaptionsfähigkeit“ waren dabei sehr
hilfreich.
Es hat mich gefreut, dass sich die Zusammenarbeit mit Herrn Breitbach auch in meiner neuen
Funktion als Leiter Struktur im Airbus Engineering fortsetzte, jetzt natürlich in einem etwas
veränderten Kontext.
Ich wünsche dem Jubilar alles Gute für die Zukunft im beruflichen und privaten Bereich und ein
Genießen der Früchte seiner langjährigen Tätigkeit.
JÜRGEN KLENNER

⊕ Prof. Jürgen Klenner ist Senior Vice President Engineering Structure, Airbus S.A.S., Toulouse
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VORWORT DER HERAUSGEBER

Die Wissenschaft gleicht einem Baum. Natürlich soll dieser Früchte tragen, aber daraus
folgt nicht, dass man auf die Blätter verzichten kann, nur weil sie nicht geerntet werden
können.
Prof. Hubert Markl, vorm. Präsident der Max-Planck-Gesellschaft

Dieser Vergleich der Wissenschaft mit einem Baum soll als Bild dienen zur Kennzeichnung der
Absicht, die mit der Herausgabe der vorliegenden Sammlung von wissenschaftlichen
Veröffentlichungen aus dem Institut für Strukturmechanik verfolgt wird. Die Herausgabe erfolgt zu
Ehren des Institutsdirektors Herrn Prof. Dr.-Ing. habil. Elmar Breitbach anlässlich der
65. Wiederkehr seines Geburtstags.
Am 1. Januar 1993 übernahm Herr Dr.-Ing. habil. E. Breitbach die Leitung des Instituts. Unter
erheblichem Wettbewerbsdruck und in angespannter wirtschaftlicher Lage hat er es mit
wegweisenden Visionen, nimmermüder Tatkraft und unerschütterlichem Optimismus geführt. Die
sorgfältige und sachgerechte Pflege – um im Bilde des Baumes zu bleiben – trägt reiche Früchte.
Professor Breitbach hatte den Mut, die Adaptronik als neues Fachgebiet zu etablieren. Dieses
verstärkte und beflügelte auch die traditionellen Forschungsgebiete des Instituts, die numerische
und experimentelle Strukturanalyse und die Strukturtechnologie mit dem besonderen Schwerpunkt
Faserverbundwerkstoffe. Im Frühjahr 2003 wurde zudem die Berliner Abteilung
Systemkonditionierung als Ergänzung des Aufgabenspektrums in das Institut integriert. Damit
bearbeitet das Institut die gesamte Prozesskette vom fasergerechten Entwurf bis hin zur
fertigungstechnischen Realisierung, einschließlich der Qualitätssicherung, der aktiven
Kompensation von Schwingungen und Lärm sowie der Konditionierung hochbelasteter
Struktursysteme für extreme Umweltbedingungen.
Herrn Professor Breitbach gelang es, die Notwendigkeit der verstärkten Drittmitteleinwerbung und
die damit einhergehende engere Ausrichtung der Forschung auf die industrielle Anwendung mit
einem hohen Anspruch an die wissenschaftliche Qualität der Arbeiten zu verbinden. Die hier
zusammengestellte Auswahl von 18 aktuellen Veröffentlichungen, die maßgeblich von
Wissenschaftlern des Instituts für Strukturmechanik erarbeitet wurden, gibt Zeugnis davon.
Zu den Früchten des Baumes, den hier vorgestellten Veröffentlichungen, trugen – und das soll
nicht unerwähnt bleiben – nicht nur die Autoren selbst bei, sondern darüber hinaus viele weitere
Mitarbeiter des Instituts. Diese bleiben leider meist unerwähnt, obwohl sie doch für den
wissenschaftlichen Erfolg unverzichtbar sind. Allen Mitarbeitern des Instituts sei an dieser Stelle
ausdrücklich gedankt, denn es ist ihre Einsatzbereitschaft, die den Baum zum Blühen bringt und
ihn so reiche Früchte tragen lässt:
Hochleistungsstrukturen – anpassungsfähig, tolerant und effizient
Braunschweig, im Januar 2004
U. EHLERT

K. ROHWER

M. SINAPIUS
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Adaptronics in Airliner Design – A New Structural Approach⊗
C. Anhalt, E. Breitbach, H.P. Monner
German Aerospace Center (DLR), Institute of Structural Mechanics, Lilienthalplatz 7,
38108 Braunschweig, Germany

ABSTRACT
The following paper presents the development of an adaptive aeronautical structure at the example
of a high lift device, a so-called fowler flap. It shows the passive optimization of the flap with a
complex finite element model and illustrates the necessity to develop an active structure, due to
the limited possibilities to increase the efficiency of the passive flap. Different kinds of active
measures are discussed and it is shown, why an activation of the structure with shape memory
alloy (SMA) actuators is preferred. Additionally, the results and findings of experiments with an
active spar that was developed, built, and tested at the Institute of Structural Mechanics (ISM) at
the German Aerospace Center in Braunschweig are presented.
INTRODUCTION
Large airframe structures as they are used in modern transport airplanes cannot be considered as
rigid anymore. Therefore, during the design phase special emphasis has to be placed on the
elastic and especially the aeroelastic behavior of such structures. Except for the prediction of the
deflection and the influence of this deflection on the air load there is a great necessity to be able to
control the deformation of the structure when air load is applied. This can be realized by a special
distribution of the structural stiffness, the so-called aeroelastic tailoring. With the introduction of
fiber reinforced polymers as a light and stiff material in aeronautical applications the opportunities
of aeroelastic tailoring have increased enormously. Now it is possible to align the direction of the
structural stiffness, using a certain fiber orientation, without the disadvantage of increasing weight
due to additional structural parts.
Despite of the enormous advantage of aeroelastic tailoring there is also a disadvantage that all
passive structures have in common. It is only possible to optimize the structural stiffness for one
load case or one load case combination, i.e. the design point. For every other load the design is
not optimal. The better the optimization for the design point the worse is the off-design behavior.
Usually it is necessary to reduce the performance in the design point in order to achieve an
acceptable off-design performance.
The solution of this problem is the so-called aeroservoelastic tailoring. With aeroservoelastic
tailoring it is possible to change the stiffness distribution and/or deformation of a structure with
integrated actuator systems. The advantage of this new approach in structural design is the
possibility to gain an optimal adaptation of the structure for all dimensioning load cases, leading to
a higher aerodynamic efficiency, thus decreasing the operating costs of the aircraft.
The actuators that are necessary to adapt the stiffness to the different loads can be integrated
parallel to the conventional passive structure or as load carrying members of the structure itself.
The former integration method is reasonable as a retrofit solution for existing structures, whereas
the latter method has the advantage of lower weight and higher efficiency due to the better
distribution of the actuator forces.

⊗ presented at:

SPIE-Conference on Smart Structures and Materials,
San Diego, California, USA, 18 – 21 March 2002
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A good example of the second method is the adaptive Fowler flap for large transport airplanes,
currently under investigation at the Institute of Structural Mechanics (ISM) of the German
Aerospace Center (DLR). With structurally integrated and load carrying shape memory alloy (SMA)
actuators it is possible to adapt the shape of the flap for all decisive load cases. Except for
extensive analytical and numerical investigations, the latter with a highly detailed FE-model, a
demonstrator was built to examine the correspondence of theory and reality. One objective of this
demonstrator was to find out if it is possible to integrate the SMA without clamping it at the end of
the spar, thus providing a smooth load transfer from the actuator into the structure. Experiments
have shown, that this load transfer works very good with the used integration method.
With increasing availability of active fibers, made of piezoceramic material, it is planed to build
structures that are able to adapt the shape and simultaneously reduce vibrations due to their fast
response.
The close cooperation with important industrial partners, e.g. EADS Airbus, shows that there is a
great interest in this new structural approach. Due to the big advantage of aeroservoelastic
tailoring in comparison to conventional aerospace structures it is only a matter of time that this new
structures will become a common measure in airframe design.
FLAP STRUCTURE AND CONSTRAINTS
The considered fowler flap is a trailing edge high lift device of the long range Airbus A340-300.
This aircraft was chosen because of the large flap span of more than 10 meters and the number of
the flap bearings. The flap is bedded on three bearings, so-called tracks. The objective is to reduce
the number of tracks from three to two and to improve the gap between the actual wing and the
extended flap. It is not possible to eliminate the middle track without a complete change of the flap
design. The middle track forces the deformed flap into the desired elastic line, which is identical to
the elastic line of the wings trailing edge in this area. Without this middle bearing the flap would
bend upward between the remaining tracks, leading to an unacceptable gap between the actual
wing and the extended flap.

Figure 1: Design and dimensions of the flap

Additionally the correspondence of these elastic lines should not only remain unchanged,
compared to the existing flap, but even be improved. A better correspondence means improved
gap geometry, leading to a higher aerodynamic efficiency during high lift flight, that is during take
off and landing. Besides this improvement in the high lift behavior an increased efficiency in cruise
flight is desired, too. With a stiffer trailing edge of the flap the upward deformation due to air load
can be reduced, leading to a lower drag in cruise flight, which means lower fuel consumption and
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therefore lower operational costs of the whole aircraft. It is only possible to reduce the number of
the flap tracks from three to two with an additional increase in aerodynamic efficiency due to a
better control of the size of the gap between the actual wing and the flap with a combination of
passive stiffness optimization and active measures.
The considered flap is a conventional construction with two spars, ribs, stringers, a skin, and load
introducing double ribs, connected to the tracks. Figure 1 shows the dimensions of the flap with the
number of two tracks already reduced. All main structural parts as well as their arrangement are
given. The display of the skin is turned off in this figure.
All structural members of the flap, except for the aluminum track ribs and the actual tracks are
made of carbon fiber reinforced plastics (CFRP). This makes it much easier to vary the stiffness
design without adding too much undesired weight than at a conventional metallic construction,
because of the opportunity to use stiffer fibers.
There are hundreds of load cases that have to be considered for the certification of such a flap
structure. For a preliminary design of a proof off concept it is not necessary and suitable to
consider them all. Therefore, only four load cases are chosen. The first two cases, S17 for 17° flap
angle at take off and S32 for 32° flap angle at landing, are decisive for the stiffness design of the
extended flap, essential for the high lift behavior. The third load case, RS1, contains the loading of
the flap during cruise flight. This load case is important for the stiffness design of the flaps trailing
edge, in order to reduce their upward bending. The fourth an last considered load case is R2. R2
stands for recovery and is responsible for the strength design of the flap. This load case contains
the highest load the flap has to withstand.
Due to the number of only two tracks, the bearing of the flap is statically determined. That means,
that there are no additional constraining forces. On the other hand this kind of connection between
wing and flap needs a very sophisticated stiffness design and track positioning in order to achieve
the desired elastic line of the flap.
STRUCTURAL MODEL
The design of the two track flap is performed with two structural models. At first a beam model is
used to calculate the optimal positions of the two remaining tracks. Additionally the overall stiffness
distribution, necessary for the desired elastic line is determined with this model. The second model
is a complex finite element model (FE model). This FE model is necessary to determine the actual
stiffness distribution of all structural members of the flap.

Figure 2: Bending torsion coupling of the swept wing
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However, the first step is the determination of the wings elastic line, or precisely the elastic line of
the wings trailing edge. Due to the bending torsion coupling of the swept wing the resulting twist
has to be taken into consideration. Figure 2 shows this bending torsion coupling.
With the elastic line of the spoiler hinge line and the deformation of the track wing connections is it
possible to determine the elastic line of the spoiler trailing edge, the line where the gap between
wing and flap is situated. Figure 3 shows this determination.

Figure 3: Determination of the elastic line of the spoiler trailing edge

With the known elastic line of the wing, the reference line for the elastic line of the flap, it is
possible to calculate the optimal positions of the two remaining tracks as well as the necessary
stiffness distribution of the structure. The positions of the two tracks are calculated, using the
average stiffness distribution (without the additional stiffness around the tracks) of the original flap
multiplied with a scaling factor. With these track positions the required stiffness distribution along
the flap span can be determined, using the above mentioned model of a beam on two bearings
with a cantilever on both sides.
Due to the spanwise non-uniform bending stiffness E·I it is not possible to simply integrate the
equation of a bending beam. It is necessary to split this differential equation of the fourth order into
four equations of the first order:

E ⋅ I ⋅ w IV = q

(equation of a bending beam)

(1)

M b' = − Fq

(bending moment)

(2)

Fq' = −q

(lateral force)

(3)

w' = β

(deflection)

(4)

(curvature)

(5)

È

β' =

Mb
E⋅I

A numerical integrating of the equations 2 to 5 with the Integration Matrix Method directly gives the
elastic line of the flap.
The results of the calculations with this beam model show, that it is possible to reduce the number
of the tracks from three to two without negative impact on the elastic line of the flap. It also shows,
that it is necessary to change the span wise stiffness distribution completely. The overall stiffness
almost has to be doubled, as it can be seen in the next figure.
With the positive results of the beam model calculations the decision was made to build a complex
finite element model in order to determine the exact design of the flaps structural members. This
FE model is built up parametrically, so it is possible to change position and size of the ribs, load
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ribs, spars, and stringers. The skin is divided into sections. This design makes it possible to
change the thickness, fiber orientation, and number of layers of certain areas, necessary for a
specific stiffness design of the flap. The model itself is built with the FE program ANSYS. This FE
application provides a programming language for writing input scripts that are used by the actual
program. This way it is very easy to change a certain part of the flap model within the script and
build the changed model within ANSYS. Four slightly different FE models are build, one for every
load case. This is because not only the load itself has to be altered, but also the angle of the flap
tracks (0°, 17°, 32°). Ribs, spars, stringers, and skin are modeled using a layered shell element to
be able to model different CFRP layers and fiber angles. The load ribs are made of aluminum and
titanium. That is why they are modeled with a single layer shell element. The space behind the rear
spar is filled with aluminum honeycomb for lightning protection and crash protection during ground
operation. This honeycomb is modeled with an isotropic volume element. The kinematics between
the load ribs and the tracks, consisting of rods and beams is made of beam and link elements.
Beam elements are used to model the actual tracks. Because of the proof off character of this
design study it is not necessary to use a more complex model for the tracks. The stiffness of the
two remaining tracks is calculated by using the stiffness of the original tracks and their spanwise
location. Figure 1 shows the overall arrangement of the structural members. In Figure 5 all used
element types are given at their position within the finite element model.

Figure 4: Original and new span wise stiffness distribution of the flap

Figure 5: Elements of the flap model
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The skin is divided into nine areas with different thickness, fiber orientation, and number of layers.
There is a wide area with an average stiffness, reinforced around the tracks. Additionally there is a
different stiffness at the flaps trailing edge to reduce the upward bending during cruise flight. In the
area of the main spar the skin is reinforced with ± 45° layers to provide a good strength for the
rivets that are used to connect main spar and skin. Figure 6 shows the areas with different stiffness
at the upper (left) and lower (right) skin.

Figure 6: Skin areas with different thickness, fiber orientation, and stiffness

RESULTS OF THE FINITE ELEMENT CALCULATIONS
The above shown patchwork of the flap skin areas is the result of many FE calculations. Due to the
different demands of the four considered load cases, it is an iterative process to find the best global
stiffness distribution. Best means, that the difference in deformation of the extended flap in both
load cases is minimal, providing the best possible gap during take off and landing. Additionally the
deformation at the retracted flap should be minimized to make sure, that the loading at the socalled cruise rollers, auxiliary attachment points between wing and retracted flap, is as low as
possible. The trailing edge must be very stiff to reduce the upward bending of this cantilever during
cruise flight.
The latter demands need a very stiff flap, whereas the deformation of the extended flap can not
simply be minimized, because of the required good correspondence between deformed flap and
wing. Besides these demands there is another point to consider. Due to the bending torsion
coupling of the swept wing it is necessary to ensure, that there is a similar coupling within the flap.
Otherwise there would be undesirably wide gaps at both ends of the flap, producing additional
drag. To avoid these gaps, the fiber orientation of the skin is built up asymmetrically, with more
+45° than –45° layers. For a simple and cheap manufacturing of the CFRP parts only 0°, +45°,
–45°, and 90° fiber angles are used, reducing the degrees of freedom for a stiffness design
drastically. The final stiffness distribution of the FE model is very similar to the distribution, found
with the beam calculations and shown in figure 4.
There are not only stiffness demands, but also strength requirements that have to be fulfilled.
Using an isotropic material like aluminum, the stress inside the material is the decisive factor.
Normally, a stress hypothesis like MISES is used to calculate the overall stress inside the material.
If this overall stress is below a certain level, the loading of the construction is low enough to ensure
a problem-free service life. Due to the different stiffness of the single layers inside the laminate this
simple strength design is not possible. Instead, for every layer the stress in x-, y-, and z-direction
has to be checked. If this stress is below the critical stress of the fiber or the matrix then the
structure is well dimensioned. Compared with an isotropic material this is a very complex and time
consuming method. Therefore, a faster and less complex check is used in wide areas of the
structure. Experience has shown, that if the strain is below 0,4% in every direction the strength
criteria is fulfilled very good. So only the strain has to be checked to make sure that the structure is
well dimensioned. A disadvantage of this method is that it is very empirical and does not use all of
the strength of this material. Therefore, in critical areas like load introducing parts and areas of high
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strain or a very anisotropic layer orientation the method of checking the stress in all directions and
layers is used.
Figure 7 shows the deformation in z-direction of the extended flap for load case S32. The angle of
32° between flap and wing can be seen at the tracks. In figure 8 the deformation in z-direction
during cruise flight is to be seen. The angle of 0° between flap and wing is visible at the tracks.

Figure 7: Deformation in z-direction of the extended flap at load case S32 (landing)

Figure 8: Deformation in z-direction of the retracted flap at load case RS1 (cruise flight)
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At the retracted flap there are additional attachment points between wing and flap, so-called cruise
rollers, at the leading edge of both flap ends. A third auxiliary attachment point is located in the
middle of the flaps leading edge, right between both tracks. They ensure, that the deformation of
the flap due to the air load does not deform the spoilers, that are located above the front part of the
flap. This measure guarantees a smooth surface of the wing during cruise flight with as minimal
drag as possible.
DISADVANTAGES OF THE PASSIVE SOLUTION
The determined stiffness distribution is the best compromise of the demands of the considered four
load cases. All deformations are within the allowed aerodynamic range. Nevertheless this global
optimum is not the optimum for the single load case. To have an acceptable elastic line for take off
(S17), the elastic line for landing (S32) can not be optimal, and vice versa. For every load case
there is a certain load and a certain elastic line of the actual wing. But there is only one stiffness
distribution of the flap, identical for every flight regime. Figure 9 shows the elastic lines of wing and
flap for the two considered load cases with extended flap (S17 and S32).

Figure 9: Elastic line of wing and flap for the two considered load cases with extended flap (S17 and S32)

It is clearly visible, that there is a misalignment between the three lines. It is possible to change the
stiffness in such a way, that the elastic lines of wing and flap for S17 fit very tightly. In this case the
difference in both elastic lines is barely visible. However, the elastic line for S32 with this stiffness
distribution is far from the elastic line of the wing. An optimization for S32 brings the elastic line of
S17 out of the aerodynamic reasonable range. A further optimization with passive measures in not
possible.
ADAPTIVE FOWLER FLAP
The solution out of this dilemma is an adaptive fowler flap. If it is possible to integrate an actuator
into the flap that is capable of deforming the flap from one elastic line to the other, then it is
possible to increase the aerodynamic efficiency even more. The difficulty is to find an actuator or
an actuator system that is capable to deform the flap, that is not too complex, that has a relatively
low additional weight, and that can be integrated into the load path of the structure. The last
criterion means, that the actuator, even when it is not actuated, is a load carrying part of the
structure. This kind of actuator is called structurally integrated.
In principle there are two different kinds of actuator systems. At first, there is a discrete actuator
system. Discrete means, that there are one or two actuators at certain parts of the flap, preferably
at the tracks, introducing an actuator force at this place. The second kind of an actuator system is
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a distributed actuator. In this case the actuator is integrated into the flap structure itself and
introduces the actuator force not at a single point but distributed over nearly the entire flap span.
Figure 10 shows both kind of actuator integration and their principle in deforming the flap structure.
Discrete actuators can be piezoceramic stack actuators with stroke extension where appropriate,
electric actuators with a screw jack, or hydraulic actuators. For logical reasons two actuators,
attached at the reinforced load ribs should be preferred. A distributed actuator could be a
piezoceramic layer at the flap skin or integrated wires of shape memory alloy (SMA).

Figure 10: Actuator integration methods

Both kind of actuator integration have advantages and disadvantages as the following listing
shows.
Advantages of the discrete actuator:

Disadvantages of the discrete actuator:



simple manufacturing and assembly





easy to change in case of an actuator
failure

only limited interference of the elastic
line possible



no integration problems, like
delamination

very stiff load introducing interface
needed



load peeks due to the actuator force



Advantages of the distributed actuator:

Disadvantages of the distributed actuator:



smooth load transfer into the flap
structure



possible integration problems, like
delamination



no special load interface inside the flap
necessary



complex and costly manufacturing





good interference of the flaps elastic line
possible

no interchangeability in case of an
actuator failure
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The largest disadvantage of the discrete actuator is the necessary load interface. This interface is
needed to distribute the actuator force inside the flap. The flap structure is a lightweight
construction with very thin shells. The interface must ensure a global deformation of the flap
without local buckling due to load peeks. It must be very stiff in order to ensure a good actuator
efficiency. If the elasticity of this interface is not small enough, too much actuator stroke is needed
to deform this interface instead of deforming the flap.
To avoid this heavy and stiff interface the decision was made to focus on the distributed actuator.
Due to the relatively high stiffness of the flap and the huge air load of approximately 150.000
Newton the choice was made to design an active flap with SMA actuators. Piezoceramic layers or
PVDF foils at the skin are not capable to deform the flap. They are too soft and would only deform
themselves instead of the flap structure.
Shape memory alloy is an alloy of nickel and titanium. It has two different conditions of the ion
lattice it consists of. The change between both conditions is temperature dependent. At the socalled low temperature phase the alloy consists of a relatively elastic martensitic ion lattice. With
increasing temperature the lattice changes from martensitic to austenitic. Compared to the
martensitic lattice the austenitic alloy has a modulus of elasticity approximately three times as high.
However, the most interesting effect is the ability of the alloy to decline a quasi plastic deformation
during this phase transformation. It is possible to pre-strain a wire, made of SMA alloy, with five to
ten percent of its length and decline this deformation by heating the wire. Cooling the wire below
the transformation temperature leaves the wire in its original length. If the wire has to work against
a structural stiffness, this stiffness pre-strains the wire again, when it is cooled below the
transformation temperature. In this way it is possible to deform the flap with the actuator by heating
the wires and if the actuator is cooled down below the transformation temperature the flap deforms
back into the original elastic line. With this measure it is possible to optimize the passive stiffness,
including the stiffness of the actuator itself, to one load case and when the SMA wires are activated
the elastic line of the flap changes to fit tightly to the elastic line of the wing in the other load case.
This active structure ensures not only a global optimum but also an optimal elastic line for every
flight regime.
The actuator must have the capability to deform the flap from one equilibrium condition to another.
There is an equilibrium between structural stiffness and air load. So the actuator must not be able
to deform the flap from its neutral position to the deformation of a certain load case, but “only” from
one deformed position to another. The necessary force can be determined very easily. The air load
of one load case creates a certain bending moment distribution, the air load of the other load case
an other one. The difference in bending moment has to be created by the actuator. With the known
distance of the actuator to the neutral axis of the flap it is easily possible to determine the
necessary actuator force. In case of an SMA actuator this force divided by the allowable stress
within the SMA material, e.g. 120 N/mm², gives the necessary cross section area of the actuator.
With the known actuator length and the material density of 6.500kg/m³ it is possible to determine
the additional weight. The transformation between load case S17 and load case S32 requires an
actuator of approximately 10,64 kg. Heating the SMA wires is done with electrical power, using the
inner resistance of the material.
THE DEMONSTRATOR
There are not too many publications about SMA actuators integrated into fiber reinforced plastics.
The majority of the experiments are performed with very small beams or plates with extremely thin
wires, mostly between 0,1 and 0,4mm. To deform a whole flap much more SMA cross sectional
area is necessary. Therefore the decision was made to build a demonstrator with 16 relatively thick
wires of 1mm in diameter that were pre-stressed with 5 %. The length was limited to 1.300mm by
the length of the available autoclave. The used fibers are made of E-glass instead of carbon, due
to the electrical insulation of glass fibers. Figure 11 shows the dimensions and shape of the
demonstrator.
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Figure 11: Demonstrator of the active flap spar

There were many questions concerning the integration of the SMA wires in the laminate. Do the
wires force delamination? Is the connection between the wires and the laminate good enough to
transfer the actuator force into the structure or will the wires be pulled into the laminate when they
contract? Is there a uniform contraction of all wires or will there be a torsion due to an uneven
transition of the wires? Is the actuator force strong enough to deform the spar with this small
cantilever (distance between the wires and the neutral axis of the spar)? How many cycles are
possible without degradation of the actuators capability? How long does the spar need to cool
down before the next cycle begins?
To make sure, that the demonstrator is not useless if the wires on one side of the I-profile break or
force a delamination, both sides of the spar were equipped with SMA actuators. So a failure of the
wires on one side does not mean the loss of the whole demonstrator. The possible actuator force
of the 16 wires on one side is:

16 ⋅ (π ⋅ 0,5 2 mm 2 ) ⋅ 120 N / mm 2 = 1508 N
therefore the introduced bending moment is:

1508 N ⋅17,5mm = 26.390 Nmm = 26,39 Nm
The passive bending stiffness of the demonstrator was determined by measuring the deflection of
the spar under a known weight. With this stiffness and the actuator moment an active deflection of
2 mm was predicted. Heating all wires on one side resulted in a deflection of a little more than
those 2 mm. When the wires cooled down below the transition temperature the spar did not deform
back to its neutral position. There was a residual deflection of more than one millimeter. Obviously
the stiffness of the structure was not high enough to pre-strain the wires again. Therefore the
demonstrator was loaded with 12 kg in the middle of the spar. The dial gauge was reset in this
neutral position and the wires were heated again. After a few seconds the spar begins to deform to
the “wrong” side. It does not bend upward as it did without the additional weight, but down. When
the downward deflection reached 1,5 mm it came to a rest and the movement reversed. Due to the
additional weight the transformation temperature increased from 80°C to about 95°C, an effect that
was previously observed during other experiments. The following upward deflection reached easily
the previously predicted 2 mm.
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Figure 12: Experimental setup

The deformation to the “wrong” direction at the beginning of the cycle is due to the positive
temperature expansion coefficient of the shape memory alloy. Below the transformation
temperature the material behaves like a normal metal. With increasing temperature the material
expands. When the temperature inside the material reaches the transformation temperature, the
ion lattice changes from martensitic to austenitic and the wire contracts. That is the explanation of
the “wrong” deflection at the beginning of the cycle. Figure 12 shows the used experimental setup.
About 60 cycles were performed without any decrease in the actuators performance. Every cycle
lasted about eight minutes. It takes about one minute until the lowest point of the deflection is
reached. Then another three minutes for an upward deflection of 2 mm. The last four minutes are
needed to cool down the spar. This long cycle duration can be explained with the insufficient
thermal insulation between the wire and the laminate. Heating the wire increases the temperature
inside the laminate, too. With a good thermal insulation between wires and laminate, e.g. with an
integrated foam layer, the duration of a cycle could be decreased, though this insulation also
disturbs the heat flow from the wires to the surrounding air through the laminate. But overall a
decrease in cycle length was observed, when a foam layer is used.

Figure 13: Deformed demonstrator with almost 400% of its nominal deflection
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An upward deflection of two millimeters at a demonstrator of 1.300 mm in length means a total
deformation of 124 mm at the real flap with 10.243mm flap span, more than enough for the
intended application.
To test, if it is possible to deform the spar any further without failure, the deflection was increased
step by step to 8 mm. Together with almost 2 mm downward deformation the total movement
reached about ten millimeters. This deflection was tested for about 20 times without any
degradation in the actuators performance. One possible explanation is the slightly decreased
stiffness of the spar due to the heated laminate. This passive stiffness decreased by about ten
percent, compared to the original stiffness.
Although the deflection was much higher than the deformation the demonstrator was built for, there
was no decrease in the demonstrators performance. There was no delamination and the actuator
force was transferred along the whole length of the wires. The contraction of the wires was
uniform, so no undesired torsion of the spar occurred. An intended torsion was tested by heating
the upper wires on the right side of the profile and the lower wires on the left side. A visible torsion
was easily achieved, supported by the fact, that an open profile was used.
CONCLUSIONS
The paper presented describes an approach to increase the aerodynamic efficiency of an
aeronautical structure by means of Adaptronics. It shows, that there are certain limitations when
optimizing a structure by passive means only, and that it is possible to overcome those limitations
by active means. Nevertheless, those active measures are no panacea for every occurring
problem. The higher aerodynamic performance, compared with the passive structure, has to be
paid with a higher structural weight, due to the support equipment, e.g. generators, transformers or
hydraulic pumps, and the actual actuator. There are several problems that have to be investigated,
before this kind of structure is ready to be certified.
One problem of the investigated structure is the thermal insulation of the wires within the laminate.
Too much energy is wasted, due to the heating of the laminate. This insufficient insulation is
responsible for the long heating and cooling cycles. Additionally the influence of this temperature
on the laminate properties has to be investigated. The integration of the SMA wires into the
laminate was very successful resulting in a smooth transfer of the actuator force over the whole
length of the spar. There was no delamination and no need for clamping the wires at the end of the
demonstrator. The achieved deflection was much higher than predicted and there was no decrease
in the actuators performance. Further tests with better insulated actuator wires will show, if this
actuator concept is suitable for the purpose it is designed for. The achieved results are positive
enough to go on with the development of this promising concept.
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Parallelroboter
mit adaptronischer Schwingungsunterdrückung
am Beispiel der Versuchsstruktur FÜNFGELENK⊗
R. Keimer, M. Rose, S. Algermissen
Deutsches Zentrum für Luft- und Raumfahrt e.V. (DLR), Institut für Strukturmechanik
Lilienthalplatz 7, 38108 Braunschweig

Ein wesentlicher Kennwert in der hochdynamischen Handhabung und Montage ist die
Zyklusdauer, die direkt mit der erzielbaren Geschwindigkeit und Beschleunigung zusammenhängt.
Serielle Roboter können aufgrund der mitbewegten Antriebsmassen prinzipiell weniger stark
beschleunigt werden als Parallelroboter, bei denen die Motoren gestellfest gelagert werden. Daher
stehen Parallelkinematiken bei den Untersuchungen des SFB 562 „Robotersysteme für
Handhabung und Montage“, in dessen Rahmen die hier vorgestellten Ergebnisse erarbeitet
wurden, im Vordergrund.
Die hohen Beschleunigungen bei der Positionierung induzieren Schwingungen, welche die
Montagegenauigkeit verringern und die Zyklusdauer durch Ausschwingvorgänge erhöhen.
Adaptronische Maßnahmen ermöglichen es, diese Schwingungen durch ein aktives Eingreifen in
die Struktur zu verringern. Aktor- und Sensorsysteme auf der Basis von Funktionswerkstoffen
ermöglichen einen leichtbaugerechten Entwurf von adaptronischen Komponenten.
Zur Demonstration der Schwingungsunterdrückung wurde der Versuchsträger FÜNFGELENK als
ebene Parallelstruktur mit explizit berechenbarer direkter und inverser Kinematik entworfen und
aufgebaut. Als adaptronische Komponenten werden aktive Stäbe mit diskreter Piezostapelaktorik
eingesetzt, die über eine Ansteuerung ihre Länge statisch und dynamisch ändern können und
zudem die Möglichkeit bieten, die Kräfte im Stab zu messen. Ihr Entwurf, die Gewichtsoptimierung
und die experimentelle Verifikation der Modellbildung für die gekoppelte Aktorik und Sensorik
werden vorgestellt.
Ein am Versuchsträger implementiertes Regelungskonzept zur adaptronischen Schwingungsunterdrückung mit Hilfe der aktiven Stäbe wird diskutiert, und erste Ergebnisse werden mit
Resultaten aus Simulationsrechnungen verglichen.
DER VERSUCHSTRÄGER
Zur Untersuchung der Schwingungsunterdrückung in Robotern zur Handhabung und Montage
wurde eine ebene Parallelkinematik mit zwei Freiheitsgraden entworfen. In Abbildung 1 sind die
Grundabmessungen der Struktur dargestellt. Die verwendeten Motoren sind Direktantriebe mit
einem maximalen Drehmoment von je 70 Nm. Um die im SFB 562 gewünschten kurzen Taktzeiten
realisieren zu können benötigt man hohe Beschleunigungen, als Designziel für den Versuchsträger
wurde daher eine Beschleunigung von bis zu 10 g gefordert.

⊗ vorgetragen auf: Adaptronic Congress, Wolfsburg, 1. – 3. April 2003
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Abbildung 1: Abmaße des FÜNFGELENKs

In Abbildung 2 ist die Abhängigkeit der mit den vorhandenen Motoren erreichbaren
Beschleunigung von der Gesamtmasse eines Halbmodelles des Versuchsträgers aufgezeigt, unter
der Annahme der Massenkonzentration im Endeffektor. Dieses Halbmodell beinhaltet eine Kurbel,
einen Stab und die Hälfte der Nutzlast.
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Abbildung 2: Abhängigkeit der maximalen Beschleunigung von der bewegten Masse

Man kann erkennen, dass die Masse des Halbmodells 2 kg und somit die Gesamtmasse der
bewegten Teile 4 kg nicht übersteigen darf. Beim weiteren Aufbau des Versuchsträgers mussten
also Leichtbauaspekte mit betrachtet werden. Aufgrund dieser Randbedingungen wurden die
Gliederbauteile aus Kohlefaserverbund entworfen, um somit einen großen Nutzlastanteil
realisieren zu können. Die Kurbelquerschnitte wurden dem Biegemomentenverlauf angepasst und
somit gewichtsoptimiert. Der in Abbildung 3 dargestellte Versuchsträger FÜNFGELENK konnte
durch die Gewichtsoptimierung mit einer Strukturmasse von weniger als 1,9 kg realisert werden,
was eine maximale Nutzlast von 2,1 kg zulässt.

Abbildung 3: FÜNFGELENK
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DER AKTIVE STAB
Da eine adaptronische Schwingungsuntzerdrückung im Rahmen des SFB 562 nicht nur für den
Versuchsträger FÜNFGELENK umgesetzt werden soll, wurde nach einer generischen
Komponente gesucht, die in vielen Paralellstrukturen zum Einsatz kommt und als
Maschinenelement zur einfachen Anpassung geeignet ist. Die Stabelemente in der Struktur boten
sich als adaptronische Komponenten an.
Der aktive Stab wird mit Hilfe eines Piezostapels als Stellglied ausgeführt. Aufgrund der Sprödheit
des keramischen Materials liefert ein Vorspanngurt zusammen mit einem Spannblock (vergleiche
Abbildung 4) die benötigte Druckvorspannung , um den dynamischen Betrieb zu ermöglichen. Ein
Druckstab gibt den Hub der Aktorik an die Gelenkanbindungspunkte weiter.
Aktuatorik/Sensorik

Vorspanngurt

Stab

Gelenkanbindung

Vorspannblock

Abbildung 4: Prinzipaufbau des aktiven Stabes

Zwei Forderungen müssen von dem aktiven Stab bei möglichst geringem Gewicht erfüllt werden,
zum einen ein zu ereichender aktiver Maximalhub des Stabes, um effizient die Schwingungen
reduzieren zu können, zum anderen eine Mindeststeifigkeit, um die strukturellen Lasten auch
aufnehmen zu können.
Die in Abbildung 4 aufgezeigten Elemente werden zur Auslegung des aktiven Stabes gemäß des
Steifigkeitsersatzschaubildes in Abbildung 5 modelliert.
x2

ld

cd

x1

cv

lv

la

ca

x0
ls

Abbildung 5: Steifigkeitsersatzschaubild des Stabes

Der freie aktive Hub des Stabes (x2) ist (sieht man von Resonsanzfällen ab) definiert durch die
Steifigkeiten des Druckstabes (cd) des Aktors (ca) und des Vorspanngurtes (cv), sowie dem
Leerlaufhub des Piezostapels (∆l0):

x2 =

c a ⋅ c d ⋅ ∆l 0
cv c d + c a c d + c a cv

Die Steifigkeiten der einzelnen Komponenten sind jeweils gegeben durch die E-Moduli (E), die
Querschnittsfläche (A) und die Länge des Bauteiles (l).

c=

E⋅A
l

Die Massen der einzelnen Komponenten sind gegeben durch die Querschnitte (A), die Dichte (ρ)
und die Länge (l)
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m = A⋅l ⋅ ρ
Die Gesamtmasse des aktiven Stabes setzt sich aus den Massen der Komponenten Druckstab
(md), Vorspannschlaufe (mv) Piezoaktor (ma) und den restlichen Bauteilen (ms) zusammen, die für
den Optimierungsprozess als konstant angenommen werden.

m ges = ma + md + mv + m s
Die Steifigkeiten und die Massen der Komponenten sind über Querschnitt und Länge miteinander
verkoppelt, wobei die Längen nicht unabhängig voneinander sind.

lv = l d + l a + l s
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Als Querschnittsgeometrie wurde für den Piezostapel eine Kreiszylinderform angenommen, für die
Vorspannschlaufe eine Rechteckquerschnitt und für den Druckstab ein Rohr. Als Parameter zur
Optimierung ergeben sich daher die Längen des Aktors und des Druckstabes, die Dicke der
Vorspannschlaufe und die Wanddicke des Druckstabes, da die anderen Parameter aus der
Kinematik und den konstruktiven Randbedingungen gewählt wurden.

Hub in µm

Abbildung 6: Auslegungsdiagramm

Die durchgeführte Optimierung führt zu dem Ergebnis, dass das Gewichtsminimum wesentlich von
der minimal zulässigen Vorspannschlaufendicke bestimmt wird. In Abbildung 6 ist ein Diagramm
für die Aktorlänge und die Wanddicke für verschiedene Vorspannschlaufendicken gegeben.
Die Dicke der Vorspannschlaufe kann nun bestimmt werden, so dass die Bedingung einer
Mindeststeifigkeit erfüllt werden kann.
Für die Anforderungen 50 µm Hub, bei 1 mm Vorspannschlaufendicke ergibt sich eine Aktor-Länge
von 80 mm und eine Wanddicke von 0,95 mm. Ein entsprechender Stab wurde gebaut (vergl.
Abbildung 7) und sein Arbeitsdiagramm experimentell bestimmt.

Abbildung 7: Aktiver Stab
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Das gemessene Arbeitsdiagram weist für den realen Stab einen höheren Hub und eine geringere
Blockierkraft als für den modellierten Stab auf. Eine Steifigkeitsmessung des realen Stabes zeigt,
dass die Steifigkeit geringer ist, als in der Modellierung vorhergesagt.
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Abbildung 8: Arbeitsdiagramm des aktiven Stabes

Eine Überprüfung der Stabbauteile wies Abweichungen der gefertigten Geometrien von den
modellierten auf, was zusammen mit der Unsicherheit des Faservolumengehaltes der CFKBauteile (und damit der Unsicherheit des E-Moduls) die Abweichungen der realen Struktur von der
modellierten erklärt.
REGELUNGSKONZEPT
Die Regelung hat im FÜNFGELENK die Aufgabe, Ausschwingvorgänge des Endeffektors mit Hilfe
der aktiven Stäbe zu unterdrücken und damit die Taktzeiten kurz zu halten.
Ein Problem für die Regelung ist, dass das Strukturverhalten stark posenabhängig ist und damit
das hier vorgestellte Regelungskonzept nur für eine ausgezeichnete Pose des Fünfgelenks gilt.
Ein Konzept für die Erweiterung auf den gesamten Arbeitsraum ist in Entwicklung und wurde
simulativ schon in [Ro02a, Ros02b, Sch02a] vorgestellt.
Um die Eigenfrequenzen zu finden, die das Schwingungsverhalten der Struktur dominieren,
musste der Einfluss von Störungen auf den Endeffektor untersucht werden. Zu diesem Zweck
wurde die Struktur am Endeffektor mit einem Impulshammer angeregt und die auftretenden
Schwingungen mit einem dort montierten dreiachsigen Beschleunigungssensor gemessen. Das
Ergebnis in Form dreier Frequenzgänge, jeweils von der Störung zu einer Raumrichtung, zeigte,
dass zwei dominierende Eigenfrequenzen bei 10 und 237 Hz existieren. Ferner war festzustellen,
dass die Peaks der Eigenmoden sich am besten im Frequenzgang von der Störung zur
Beschleunigung senkrecht zur Arbeitsebene (z-Richtung) separieren ließen. Daraus ist zu
schließen, dass die Eigenformen der beiden gewählten Eigenfrequenzen eine deutliche
Ausprägung senkrecht zur Arbeitsebene haben. Dies weicht von den simulierten dynamischen
Modellen ab, die nur Bewegungen in der Arbeitsebene betrachten. Da die Stäbe leicht in zRichtung gegeneinander versetzt sind, kann davon ausgegangen werden, dass die Eigenmoden
trotzdem zu beeinflussen sind.
Die Stellglieder der Regelung sind die in den beiden Stäben integrierten Piezoaktoren. Der
Beschleunigungssensor (z-Richtung), der am Endeffektor montiert ist, dient als Messglied. Zur
einfachen Erzeugung von Störungen wird dem Signal des linken Piezoaktors ein Störsignal
überlagert. Der entstandene prinzipielle Regelkreis ist in Abbildung 9 zu sehen.
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Beschleunigung
Endeffektor

Störung
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y
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Abbildung 9: Regelkreis

Als Regler wird ein Zustandsregler mit Beobachter, ein sog. LQG-Regler, mit integraler
Ausgangsrückführung verwendet. Das zugehörige Blockschaltbild ist in Abbildung 10 gezeigt.
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Abbildung 10: Blockschaltbild des Reglers

Die Strecke von den Aktoren zum Beschleunigungssensor ist für die Auslegung des Reglers zu
identifizieren und als Zustandsraummodell zur Verfügung zu stellen, wobei u die Aktorspannungen
und y die Beschleunigung des Endeffektors darstellt. Da zwei Eigenfrequenzen zu regeln sind, ist
die Ordnung N des Modells gleich vier

x& Nx1 = A NxN x Nx1+B Nx 2 u 2 x1
y = C 1xN x Nx1+D1x 2 u 2 x1
Die Messung der gesuchten Frequenzgänge geschah mit Hilfe eines Frequenzanalysators, der
durch die Anregung der Strecke mit einem Gleitsinus die Kurven im Bereich von 0 bis 400 Hz
erfasste.
Die Systemidentifikation der Strecke wurde mit einer eigens im Institut für Strukturmechanik
entwickelten Toolbox unter MATLAB® durchgeführt. Die Toolbox arbeitet im Frequenzbereich und
identifiziert ein System in zwei Schritten. Zu Beginn werden die Eigenwerte (Eigenfrequenz und
Dämpfung) zuvor ausgewählter Peaks bzw. Moden im Frequenzgang in einem iterativen Verfahren
angepasst. Der zweite Schritt berechnet die Eigenformen in Gestalt von Koeffizienten durch
Lösung eines überbestimmten linearen Gleichungssystems.
Der Regler, bestehend aus Beobachter in Form eines Kalman-Bucy-Filters, Zustands- und
Ausgangsrückführung, wird nach dem bekannten LQG-Verfahren ausgelegt. Die Auslegung
besteht darin, die Matrizen F = [Fx -Fe] und L zu berechnen. Dazu müssen die BeobachterRiccati-Gleichung
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T

−1

T

S A + AS − S C V C S + W = 0
in S und die Regler-Riccati-Gleichung

~ ~T
~ −1 ~ T
P A + A P − PB R B P + Q = 0

~

~

in P gelöst werden. Die Matrizen A und B sind die Matrizen des um die integrale Rückführung
erweiterten Zustandsraummodells der offenen Strecke. Die Matrizen W, V, Q und R sind
diagonalförmige Wichtungsmatrizen die geeignet zu wählen sind.
Für die gesuchten Matrizen gilt dann:
T

L = SC V

−1

und
−1

T

F=R B P
EXPERIMENTELLE ERGEBNISSE
Zum Vergleich der ungeregelten und geregelten Struktur wurde dem Signal des linken Piezoaktors
das Störsignal überlagert und der Amplitudengang von der Störung zur Beschleunigung in zRichtung aufgezeichnet (vergl. Abbildung 11). Die erreichte Schwingungsreduktion beträgt bei der
ersten gewählten Frequenz bei 10 Hz -10.87 dB und bei der zweiten bei 237 Hz -14.42 dB. Wie
eingangs vermutet, lassen sich die beiden Eigenschwingung trotz ihrer Ausprägung in der zRichtung mit den Piezoaktoren regeln.

Abbildung 11: Schwingungsreduktion in zwei Moden

ZUSAMMENFASSUNG UND AUSBLICK
Der Versuchsträger FÜNFGELENK wurde vorgestellt und die Auslegung und der Bau der aktiven
Stäbe zur Schwingungsunterdrückung diskutiert. Erste Ergebnisse der Regelung zur
Schwingungsunterrückung konnten aufgezeigt werden, in weiteren Schritten wird die Einbindung
dieser Regelung in die Gesamtregelung des Roboters erfolgen und dann Versuche unter
Betriebsschwingungen durchgeführt.
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ABSTRACT
Applying adaptronics to helicopters has a high potential to significantly suppress noise, reduce
vibration and increase the overall aerodynamic efficiency. Since the interaction of non-stationary
helicopter aerodynamics and elastomechanical structural characteristics of the helicopter blades
causes flight envelope limitations, vibration and noise, a good comprehension of the aerodynamics
is essential for the development of structural solutions to effectively influence the local airflow
conditions and finally develop a structural concept. With respect to these considerations, this paper
presents recent investigations on two different structural concepts: the direct twist and the camber
variation concept.
The direct twist concept allows to directly control the twist of the helicopter blades by smart
adaptive elements and through this to positively influence the main rotor area which is the primary
source for helicopter noise and vibration. The concept is based upon the actively controlled
tension-torsion-coupling of the structure. For this, an actuator is integrated within a helicopter blade
that is made of anisotropic fibre composite material. Driving the actuator results in a local twist of
the blade tip, in such a way that the blade can be considered as a torsional actuator. Influencing
the blade twist distribution finally results in a higher aerodynamic efficiency. The direct twist
concept was analytically modelled using an expanded Vlassov Theory before a proof-of-principle
demonstration structure was manufactured. Subsequently, a Mach-scaled Bo105 model rotor
blade with an integrated piezoelectric actuator was designed and successfully tested. Next, small
scale rotor tests and investigation of thermal loads are planned.
The camber variation concept uses the experiences gained in the design of the direct twist
concept to create a rotor blade, that will be able to change the shape of its cross-section in
operation. This shape control approach uses material anisotropy (e.g. tension-torsion-coupling) to
create a smooth aerodynamic surface and to avoid the airflow disturbances created by the leading
or trailing edge flaps, that have already been investigated. First, a structural model was numerically
investigated to identify the most influential parameters of this concept. From this model, the twodimensional surface quality of the deformed rotor blade was extracted as a basis for aerodynamic
calculations that are necessary to derive the quantity of deformation needed to successfully delay
aerodynamic stall onset. As a next step, a proof-of-principle structural demonstrator is presently
being designed.
Both concepts were designed to be activated using a piezoelectric stack-actuator integrated at the
blade tip. Since continiuously integrated piezo sheets promise a potential to increase the concepts’
performance, thin actuator modules are currently under investigation.
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INTRODUCTION
Present helicopter research mainly focuses on the improvement of the aerodynamic efficiency and
on the reduction of vibrations and acoustic emissions. A direct approach is aiming at the physical
sources of these problems. This can be reached by adaptive structural technology.

Figure 1: Adaptive aerolastic system

In general, helicopter vibrations and noise exist in all flight cases mainly due to the unsteady
working conditions of the blade. This results from interactions between the highly non-stationary
aerodynamics induced by the rotating rotor blades and special aerodynamic phenomena like the
stall effect at the retreating blade and the transonic effect at the advancing blade. All these
vibrations are of a highly dynamic nature. The Blade Vortex Interaction (BVI) phenomenon in
descent flight is extremely penalising as far as external noise is concerned.
The comprehension of this relationship between the aerodynamic sources and the resulting
vibrations and noise is the basis for optimally designed control concepts. Special emphasis is
placed on the optimisation of the standard blade control and active control of the blade deflection
as the primary tools.
The different kinds of forces which are involved in adaptive rotor dynamics are shown in figure 1.
The triangle of forces describes the passive aeroelastic system. In the adaptive aeroelastic system
the aerodynamic, inertia and spring forces are influenced by actuator forces or by excited blade
deflections.
All aerodynamic effects react highly sensitive to small variations of angle of attack and inflow
velocity. Therefore, the main idea of the measures mentioned below, which aims at the reduction
of vibrations and acoustic emission, is to dynamically change the blade pitch (twist) or the rotor
blade characteristics. Different means are considered for this, e.g. adaptive blade twist, deformable
airfoil sections or additional trailing edge flaps.
OVERVIEW OF CONVENTIONAL AND ADAPTIVE CONCEPTS
FOR VIBRATION AND NOISE REDUCTIONS
In general, control concepts can be divided into two categories (shown in figure 2) depending on
where the control forces are introduced. Category I includes all control concepts that are based on
blade actuations at the blade root. This can be done by the use of control rods or, alternatively, by
designing an adaptive blade root.
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Figure 2: Locations for the use of adaptive material systems

Current research on rotor dynamics has resulted in the design and evaluation of two control
concepts to counteract noise and/or vibration, which falls into category I. These concepts can be
superimposed on the cyclic blade control deflections: higher harmonic control (HHC) and individual
blade control (IBC). These additional mechanisms are two possible approaches to improve the
aerodynamic efficiency and to reduce the vibration and noise levels, respectively. HHC is
principally based on standard cyclic blade pitch changes using the first rotor harmonic (rotation
frequency) to which higher harmonic control motions are added. The angle of attack, the inflow
velocity, and the blade deformations can be influenced by these control motions.
IBC is similar to HHC, but the control forces are individually applied to each blade, thus forming a
superposition to the global cyclic blade actuation.
By using the control concepts described above, the whole blade is actuated at the root.
Aerodynamic reaction is induced after the control forces have travelled through the elastic structure
of the blade. As the blade with its high aspect ratio is a highly elastic system, the aerodynamic
forces are nonstationary and dependent on the spanwise coordinate and the blade motion. This
requires control inputs of a dynamic nature and the evaluation of this system can be achieved only
on the basis of global aspects. The real efficiency of this control approach is not clearly
assessable.
Category II covers the aerodynamic efficient blade tip section. Here, the concepts aim at the
control of the aerodynamic forces which interact with the blade motion.
One example which falls within category II is the trailing edge flap [15], which is able to influence lift
and aerodynamic moments by flap deflections. However the efficiency of these flap concepts is
questionable in respect to long blades with low torsional stiffness. Additionally, blade torsion due to
the rudder moments and the additional vortices caused by changes in the lift distribution due to the
flap may lead to problems. The trailing edge flap can be interesting for quite rigid blades to create a
more adequate lift variation in order to minimise the vibration and also the noise. It is the so called
Direct Lift Flap Concept that has been studied especially by ONERA in the co-operation on Active
Blade Concepts between France and Germany. The second concept is the adaptive twist control.
Investigations on this concept will be described in detail below.
The adaptive camber variation investigates active deformations of the cross-section on rotor
dynamics. The principle of this actuator concept is presently being developed at the DLR and will
be described in detail below.
ADAPTIVE BLADE TWIST
In this concept, the rotor blade twist, especially at the outer part of the rotor, can be achieved by
the following actuator principles:


Torsion caused by a servo-flap [15]



Torsion caused by 45° orientated tension forces [15],[9],[3],[13],[2]



Torsion due to torsion-warping-coupling [5]



Torsion due to torsion-tension-coupling [6],[9]
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Torsion caused by a servo-flap
According to this actuator concept, the flap deflection should produce aerodynamic rudder
moments leading to a torsional deflection of the blade. This concept called servo-flap concept is
more adapted to blades with reduced torsional stiffness. The efficiency of this concept is
questionable in respect to the change of the lifting force due to the flap deflection, which
counteracts the lifting force caused by the blade twist (figure 4). Additionally, two new vortices
caused by the change in the lift distribution due to the flap may lead to new BVI as well as the
above mentioned trailing edge flap.
A further disadvantage of this concept for using aerodynamic forces is the non-stationary character
of the rotor aerodynamics. Constant flap deflections cause non-stationary rudder moments which
lead to non-stationary torsional excitation of the rotor blade.

Figure 4: Different approaches by using flaps

Torsion caused by tension forces oriented at 45°
In this concept, shown in figure 5, torsional moments caused by tension forces are utilised. Thinwalled actuator materials like piezoceramic plates or active fibers have to be implemented in the
skin of the rotor blade to activate it.

Figure 5: Torsion induced by tension forces

The advantage of this simple concept, that acts in the flux of work, is the good control
characteristic. However, the effects of centrifugal forces and the blade flexions have to be taken
into account to have access to an efficient design. One disadvantage of this concept is the
insufficient damage tolerance behaviour.
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Torsion due to torsion-warping-coupling
As shown in figure 6, the torsional deformations of the rotor blade are caused by warping forces.

Figure 6: Torsion induced by warping forces

In comparison to the previously mentioned concept, cylindrical actuators, for example piezoelectric
elongators (piezo-stacks) can be used to induce warping. It is however necessary to change the
geometry of the rotor blade cross section to realise this warping-torsion-coupling. The locally
restricted effect of the warping forces, the changes in the geometry, and the installation space of
the actuators may cause problems for implementing this concept into a rotor blade.
Torsion due to torsion-tension-coupling
In general, torsion-tension-coupling is an anisotropic behaviour which appears in structural
components. It can be realised by orientated stiffness. The anisotropic material behaviour clearly
has to be separated from the anisotropic structure behaviour resulting from structure elements like
ribs or stringers. In this concept anisotropic material behaviour caused by helical winding is
illustrated in figure 7.

Figure 7: Adaptive blade twist

For practical realisation, cylindrical actuators like piezoelectric elongators (piezo-stacks) can also
be used. A disadvantage of this concept is the high spanwise stiffness of the rotor blade spar.
Thus, an uncoupling layer between the spar and the skin is needed. An actuator supported at the
rotor blade spar generates the axial forces. The principle of this actuator concept is presently being
developed at the DLR. [10]-[12]
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EXPERIMENTAL INVESTIGATIONS
The experimental investigation comprises three steps. First, structural investigations were
performed based on a representative model in which the active part of the rotor blade is simplified
by a thin-walled, tension-torsion-coupled, rectangular beam, that is structurally equivalent to a
model rotor blade of the Bo105 with a scaling factor 2.54. The goals of these experiments were to
validate the calculations and to gather first experiences with the tension-torsion-coupling and the
resulting deformation behaviour. The results are valid for static and dynamic conditions. For the
dynamic condition excessive deformations near the blade resonance frequency shall be utilised.
Therefore, the actuated blade section has to be properly designed for these preconditions. This
has been demonstrated and verified in experiments [7].
In the second step the development of a suitable manufacturing technique, the realisation of a
simplified rotor blade with tension-torsion-coupling and measurement of the deformation behaviour
were investigated.
The technical challenge of the adaptive blade twist concept is the high spanwise stiffness of the
rotor blade spar. Thus, an uncoupling layer between the spar and the skin is required. For these
experimental investigations the skin of the outer part of three model rotor blades was manufactured
of fibre composite material using the above mentioned tension-torsion-coupling effect with different
kinds of uncoupling layers between skin and spar:
Blade I:

Uncoupling by rubber elements (type a).

Blade II:

Uncoupling by rubber elements (type b).

Blade III:

Uncoupling by friction.

The simplified cross-section is shown in figure 8.

Figure 8: Simplified cross-section
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Equal to the investigation of the boxbeam a hydraulic tension proof machine was used to induce
the actuator forces. The twist distribution and the torsional movements at the blade tip were
measured for different harmonic tensional excitations between 1 Hz and 25 Hz. The experimental
configuration and the results of the experiments are shown in Figure 9a and 9b.
The right picture of figure 9a shows of Blade I the measured deflections out of plane at 19 Hz. It
could be shown that for all uncoupled layers linear twist distributions are excited.
Figure 9b shows the torsional deflection at the blade tip for different excitation frequencies and
actuator forces between ±550N. The differences in the torsional resonance frequencies of the
three blades are caused by stiffness variations in the structures. Near the resonance frequencies
at 19 Hz resp. 21.5 Hz dynamic forces of 550 ± 550 N are required for a deformation of ± 3
degrees at the blade tip.
In the dynamic tension tests the inertial mass of the hydraulic piston caused by the rotating
clamping of the tensional testing machine reduced these frequencies. Nevertheless, it could be
seen, that in case of harmonic excitations the necessary actuator forces to achieve a given angle
of deflection are reduced in comparison to static loadings.
For the third step an active rotor blade with an integrated piezoelectric stack-actuator was build.
The skin of this active model rotor blade was manufactured of fibre composite material using the
tension-torsion-coupling effect with one of the above mentioned uncoupling layers between skin
and spar. The actuator is supported at the rotor blade spar and generates axial forces at the blade
tip. Figure 10 shows the active rotor blade segment with adaptive blade twist.

Figure 10: Active rotor blade segment

Figure 11: The first three mode shapes (3-dim)

In figure 11 the excited eigenmodes (1. Flap at 9 Hz, 2.Flap at 65 Hz and 1. Torsion at 113 Hz) are
shown. Near to the torsional resonance frequency at 113 Hz a deformation of ± 1.5 degrees is
possible. For the first flapwise mode at 9 Hz deflections of ±1.2 mm were measured.
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To assess the influence of the aerodynamic, small scale wind tunnel tests were made. Figure 12
shows for different inflow velocities the static deformations of the adaptive rotor blade segment in
the wind tunnel.

Figure 12: Static Blade Deformations

The active rotor blade segment excited for different inflow velocities with mono-frequent excitations
by 60% of the maximal actuator power. In figure 13 the measurement results are shown. Due to
the positive aerodynamic stiffness (aerodynamic neutral axis behind elastic axis) the torsional
deformation decreased by the inflow velocity.
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Figure 13: Active Rotor Blade (60% of the Actuator Power)

It could be demonstrated that actuator systems based on smart materials are certainly able to
excite the structure at the required frequencies and with suitable deformations. An adaptive
helicopter rotor blade based on the adaptive blade twist concept could be realised. Furthermore
these results show that for the rotating case the whole dynamic system has to be optimised for an
efficient, dynamic working twist actuator.
With these experimental results it could be shown that:


an adaptive fibre composite rotor blade based on tension-torsion-coupling can be
manufactured.



the uncoupling layer between skin and spar is suitable to be used for tension-torsion-coupling
in rotor blades and



a piezoelectric stack actuator is suitable to twist the blade. Near to the resonance frequency
deformation of ± 1.5 degrees are possible. Therefore the actuated blade section must be
specially designed for this.

It could be determined that an adaptive blade twist in the outer part of the rotor is realisable with a
comparatively small effort and in its range of application, depending on the form of excitation, it
shows to have a very great potential. The realisation of such a control concept, that can go from a
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static up to a controlled dynamic operation, is dependant on the choice of the actuator. In addition
to the demands which the operation puts on this actuator, the installation space, the power specific
mass, and the duration of life are further criteria which are decisive for the functionality and
efficiency of this drive. Moreover the variety of applications, the small torsional stiffness and the
small external forces (inertia force, propeller moment and aerodynamic force) are advantages,
which make it attractive to integrate the actuator in the aerodynamically efficient outer part of the
rotor. Beside these there are, based on the underlying physics, a lot of other advantages:


It is possible to influence the aerodynamic forces at the outer part of the rotor. Disturbances
induced by the flowfield can be compensated at the source.



Its has been shown in [14] that for vibration reduction the damping of special blade modes is
important. The adaptive blade twist allows active damping for important blade modes.



Active influence of the blade deflections make it possible to reduce the dynamic stall at the
retreating blade.



Using controllers adaptive aeroelastic systems without instability can be realised.



There is no increase of the aerodynamic drag. The actuator is completely integrated in the rotor
blade and causes controlled changes of the blade twist.

ADAPTIVE CAMBER VARIATION
The structural concept for an actively controllable camber variation is based upon a 3-cell blade
design using tension-torsion-coupling together with piezoelectric stack-actuators to bend the crosssection about the blade axis. A finite-element-model of an adaptive camber rotor blade is used to
perform a parameter optimisation to maximise camber variation at the blade tip. Both, geometric as
well as material and manufacturing parameters are evaluated.
In contrast to the active twist concepts the adaptive camber concept allows active shape control for
rotor blades. Furthermore, no flaps or other moving parts are used so that the aerodynamic surface
in the deformed state remains smooth without any gaps, edges, or dents.
Since this concept has not yet reached the same level of maturity as the adaptive twist, research
efforts currently follow a different approach : prior to a detailed investigation of the aerodynamic
effects of an adaptive camber variation first the exact shape of the deformed rotor blade is to be
evaluated. The aim is to validate the expected surface quality of the deformed rotor blade and to
collect the necessary data about the change of geometry that is required for the subsequent
aerodynamic calculations.
Structural Concept

Figure 14: Principle of the Adaptive Camber Variation

The adaptive camber rotor blade has a three-cell cross-section that consists of carbon-glass-fibre
composites supported by structural foam.
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The desired change of camber is achieved using tension-torsion-coupling in the outer cells that are
activated by piezo-electric stack-actuators integrated into the blade tip.
Manufacturing these active cells with helical windings at opposite fibre angles leads to
simultaneous upward or downward movements of the blade's edges, as shown in Fig. 14. The
resulting continuous change of the rotor blade's camber steadily increases from zero at the root to
it's maximum at the tip.
Finite-Element-Model
The structural concept was investigated using a three-dimensional parametric model designed in a
commercial finite-element code ANSYS® 5.3 (see Fig. 15). Aerodynamic as well as structural
loads were not considered in the design of this model, since only the deformed airfoil’s surface
quality was of interest here. For the same reason, neither spars nor ribs were represented in the
model rotor blade.

Figure 15: Finite Element Discretisation

Three different materials were used in the design of the ummerical model: Carbon-fibre-composite,
glass-fibre-composite and structural foam.
The carbon-fibre-composite was used in the helical winding layers of both active cells to realise the
desired tension-torsion-coupling. This composite consists of HM carbon fibre and epoxy resin with
60% fibre volume fraction.
The outer skin of the model consists of glass-fibre-composite made from glass fabric (100 g/m²)
oriented at 45°. Resin material and fibre volume fraction were assumed to be the same as in the
carbon-fibre composite.
Foam cores were used in each of the three cells to support the fibre layers and to guarantee the
desired airfoil’s shape.
The manufacturing process of a rotor blade equipped with active camber variation was supposed
to begin with the active cells. First the helical carbon-fibre unidirectional (UD) layers were attached
to the foam cores. Next the two outer cells were connected to the middle cell’s foam core. Last the
glass-fibre layers were attached as the outer skin in order to finish the rotor blade.
This process is not suitable for the design of a real rotor blade including structural and
aerodynamic loads. Yet it was feasible for the proof-of-principle demonstration structure, that was
required later to experimentally validate the expected deformation properties of this concept. The
proposed manufacturing process determined the composite lay-up for the model, as it is shown in
Fig. 16 for the model’s cross-section.
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Figure 16: Composite Lay-up

Geometric as well as material parameters were considered in the evaluation of the adaptive
camber concept. Three groups of parameters were evaluated:


the positions of the inner cell walls,



the fibre angles of the carbon-layers, and



the thickness of carbon- and glass-layers.

The inner cell walls’ positions were given in percent chord, ranging from 15 % to 70 % for the front
wall and from 35 % to 85 % for the rear wall. These parameter boundaries were arbitrarily chosen
in order to allow for a wide range of possible cell wall position combinations. Furthermore, the rear
wall was locally restricted, so that it was always positioned behind the front wall. This precaution
was necessary for the subsequent automatic parameter optimisation. The increment was set to 5%
c for both walls to keep the number of wall position combinations small.
The fibre orientation of the carbon-fibre layers ranged from 0° to 45° in the leading edge cell and
from –45° to 0° in the trailing edge cell. An angular increment of 5° was chosen for both cells due
to restrictions in manufacturing precision. The active cells’ orientation angles were independend of
each other.
The thickness of the carbon- and glass-fibre layers varied from 0.2 to 5 mm for each layer with a
0.2 mm increment according to manufacturing accuracy.
These seven parameters (2 cell wall positions, 2 fibre angles, 3 thicknesses) were investigated in
the following calculations to gather information over the parameters’ influence on the maximum
camber variation.
Evaluation
In each of the subsequent calculations a different set of parameter values was evaluated
concerning the maximum change of camber, the rearward position of this maximum, and the angle
of attack at element row 6 (as illustrated in Fig. 15). These data were extracted from nodal
positions and displacements within each program run and stored for later data processing.
The change of camber was calculated from the difference between the mean lines of the
undeformed and the deformed rotor blade model. Therefore, the mean lines had to be extracted
from the positions of FE nodes in each program run.

Figure 17: Comparison of Mean Lines
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To prove the feasibility of this approach, the mean line of the NACA 23012 was derived from the
nodal positions in the FE-model and compared to the mean line calculated from the analytical
formula. The maximum difference was less than 0.1 % of the analytical mean line. This accuracy
was sufficient for the subsequent parameter investigations.
The difference between undeformed and deformed airfoil camber gave the change of camber.
For the final evaluation of this change of camber only its maximum and the rearward position of
this maximum were used, see Fig. 18.

Figure 18: Change of Camber

Since both leading edge and trailing edge of the airfoil change their position when the camber
variation is activated, an influence on the angle of attack was expected. For this reason, the angle
of attack was derived from the displacements of the leading and trailing edge nodes prior to the
evaluation of the change of camber. Afterwards, the coordinate system was rotated to compensate
for the calculated blade twist before the change of camber was evaluated. In this way, the two
degrees of freedom camber variation and blade twist could be investigated separately.
In general, the deformed airfoil’s shape would be between two extremes. Case 1 has a rearward
position of maximum change of camber between 45 %c and 50 %c and a positive angle of attack;
case 2 has a rearward position of maximum change of camber beyond 65 %c and a negative angle
of attack (Fig. 19).

Figure 19: Two General Deformation Modes
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All three parameter groups proved to have similarly great influence on the camber variation.
Therefore, it was necessary to identify the combination of parameters, that yielded the largest
change of camber.
Optimisation
Using the automatic optimisation capabilities of the FE-program, a parameter optimisation was
performed. The thickness of the glass-fabric layer was set to 0.2 mm, all other parameters were
free for variation within the given limits.
For the optimisation the resulting angles of attack were restricted to positive values, the rearward
position of the maximum change of camber was constrained not to exceed 60% chord.
Under these conditions the maximum change of camber reached 0.547% chord. This was obtained
from the following parameter combination :


front cell wall at 35% chord



rear cell wall at 55% chord



front carbon fibre orientation –20°



rear carbon fibre orientation 20°



carbon fibre thickness 2.0 mm

The maximum’s rearward position was 52,5% chord, the angle of attack in this case was less than
0.01°.
To further increase the change of camber, it would be necessary to allow rearward positions
beyond 60% chord and to accept negative angles of attack. This decision has to be taken carefully
with respect to the aerodynamic effects of such an airfoil variation.
Aerodynamic Effects of Camber Variation
In order to assess the effects of the camber variation on an airfoil’s aerodynamic performance, the
stationary characteristics of the deformed airfoil were calculated in 2D. Therefore, the deformed
airfoil shape calculated in the FE environment was transfered to a CFD enviroment to derive the
desired polares.
Fig. 20 illustrates the changes in the lift coefficients cL as a function of the angle of attack for the
case 1 deformation of the NACA 23012.

Figure 20: Aerodynamic Effects of Camber Variation
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Both, the effect of the camber plus the angle of attack and the effect of the camber only were
investigated. The trends given in Fig. 20 were derived by scaling the deformation from the FEcalculations with a factor of 5, in order to illustrate the effect of the deformation quality.
The camber variation concept proved to have the expected surface qualities in the deformed state.
Steps to be taken include the consideration of thin airfoils (9% and less) to increase the maximum
change of camber. Next a demonstration structure is to be designed and manufactured. The goal
is to experimentally validate the deformation qualities and to investigate the dynamic properties
and deformation quantities. As soon as the aerodynamic requirements are investigated another
demonstration structure can be designed and manufactured taking into account the static and
dynamic structural and aerodynamic loads.
CONCLUSIONS AND OUTLOOK
It could be demonstrated that actuator systems based on smart materials are certainly able to
excite rotor blades at the required frequencies, so that a smart helicopter blade can be realised. At
a lower level of maturity, a structural concept to actively change a rotor blade’s aerodynamic shape
in operation showed to have great potential to increase rotorcraft efficiency.
The solution of technical problems by means of adaptive structural technology must continue to be
considered as a new field of research. Furthermore, the adaptive structural technology for
helicopter applications is highly interdisciplinary and requires a considerable amount of research
work. The comprehension of helicopter dynamics and aeroelastic interaction with the integrated
adaptive structural technology is very important to reach an optimised helicopter design. A detailed
evaluation of the effectiveness of this adaptive control approach can only be made on the basis of
the understanding of the underlying physics. Therefore this work will be accompanied


by investigations of alternative concepts of integrated actuators based on piezoceramic stacks,
plates, films and fibres.



by additional experimental investigations with aerodynamic loads of wind tunnel tests in
nonrotating and rotating cases and



by investigation of full-scale applications.
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Entwicklung multifunktionaler Werkstoffsysteme
mit piezokeramischen Folien im Leitprojekt Adaptronik⊗
P. Wierach
Deutsches Zentrum für Luft- und Raumfahrt e.V. (DLR), Institut für Strukturmechanik
Lilienthalplatz 7, 38108 Braunschweig

ZUSAMMENFASSUNG
Die Entwicklung adaptiver Strukturen auf Basis piezokeramischer Folien spielt eine zentrale Rolle
in der Wertschöpfungskette des Leitprojektes Adaptronik. Ziel des Arbeitspaketes
„Folienintegration“ war deshalb die Entwicklung und Charakterisierung multifunktionaler
Verbundstrukturen mit sensorischen und aktuatorischen Eigenschaften und die Optimierung der
zugehörigen Fertigungstechnologien im Hinblick auf die Herstellung von einfachen
Funktionsmustern (Balken/Platte/Rohr) und anwendungsnahen prototypischen Baugruppen. Nach
eingehender Analyse der zu Beginn des Projektes von den Industriepartnern aufgestellten
Lastenhefte wurden Konzepte für die Integration und Applikation piezokeramischen Folien
entwickelt. Bei dem ausgewählten Konzept wird die Piezokeramik zunächst mit einer
mechanischen Stabilisierung sowie einer elektrischen Kontaktierung und Isolierung versehen. Das
so entstandene handhabbare Funktionsmodul mit definierten elektrischen und mechanischen
Randbedingungen wird dann in einem zweiten Schritt auf den Strukturwerkstoff appliziert oder in
den Strukturwerkstoff integriert. Die multifunktionalen Werkstoffe werden anschließend umfassend
charakterisiert und die zugehörigen Fertigungstechnologien im Hinblick auf die Herstellung von
einfachen Funktionsmustern (Balken/Platte/Rohr) und prototypischen Baugruppen optimiert.
Während an den Funktionsmustern grundlegende Untersuchungen des adaptronischen
Gesamtsystems durchgeführt werden, handelt es sich bei den prototypischen Baugruppen um
anwendungsnahe technische Systeme.
EINLEITUNG
Die Entwicklung und Bereitstellung einer Technologie für die Herstellung adaptiver Strukturen auf
Basis piezokeramischer Werkstoffe ist ein zentrales Ziel des Leitprojekt Adaptronik. Diese
Technologie soll neue, adaptive Lösungen für sehr unterschiedliche Anwendungen aus den
Bereichen Verkehr, Raumfahrt, Medizintechnik, Maschinen- und Anlagenbau, Ultraschall und
Optik ermöglichen.
Voraussetzung für die Entwicklung adaptiver Strukturen sind geeignete multifunktionale
Werkstoffsysteme, die lasttragende, sensorische und aktuatorische Eigenschaften in sich vereinen.
Erreicht werden diese Eigenschaften durch die Kombination von sensorisch und aktuatorisch
wirksamen piezokeramischen Materialien mit lasttragenden Werkstoffen wie z.B. Stahl und CFK.
Dies kann zum einen durch Applikation (Stahl) oder durch Integration (CFK) erfolgen.
Neben sehr innovativen piezokeramischen Fasern mit Durchmessern von ≤30µm [1] und
entsprechend hohem Entwicklungsrisiko, liegt auf der Materialseite ein weiterer Schwerpunkt auf
der Verwendung piezokeramischer Folien. Piezokeramische Folien mit Dicken von 100-200µm
haben sich in der Vergangenheit als geeignete Aktuatoren und Sensoren für adaptive Strukturen
bewährt und sind Gegenstand zahlreicher internationaler Forschungsarbeiten auf dem Gebiet
adaptiver Systeme. Hinzu kommt, daß sie kommerziell in großen Stückzahlen bei konstanter
⊗ vorgetragen auf: Adaptronic Congress, Wolfsburg, 1.-3. April 2003
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Qualität erhältlich sind. Die Entwicklungsarbeit konzentriert sich hier insbesondere auf die
anforderungsgerechte Vorbereitung der Keramiken bezüglich Elektrodierung, Geometrie und
Oberflächenbeschaffenheit. Durch diesen zweigleisigen Materialansatz können schon frühzeitig,
adaptive Strukturkomponenten für das Projekt bereitgestellt werden. Zusätzlich wird ein direkter
Vergleich von Vor- und Nachteilen der Faser- bzw. Folientechnologie ermöglicht.
Nach eingehender Analyse der zu Beginn des Projektes von den Industriepartnern aufgestellten
Lastenhefte wurden Konzepte für die Integration und Applikation piezokeramischen Folien
entwickelt. Bei dem ausgewählten Konzept wird zunächst die Piezokeramik mit einer
mechanischen Stabilisierung sowie einer elektrischen Kontaktierung und Isolierung versehen. Das
so entstandene Funktionsmodul mit definierten elektrischen und mechanischen Randbedingungen
wird dann in einem zweiten Schritt auf den Strukturwerkstoff appliziert oder in den
Strukturwerkstoff integriert.
Die multifunktionalen Werkstoffe werden anschließend umfassend charakterisiert und die
zugehörigen Fertigungstechnologien im Hinblick auf die Herstellung von einfachen
Funktionsmustern (Balken/Platte/Rohr) und prototypischen Baugruppen optimiert. Während an den
Funktionsmustern grundlegende Untersuchungen des adaptronischen Gesamtsystems
durchgeführt werden, handelt es sich bei den prototypischen Baugruppen um anwendungsnahe
technische Systeme.

Bild 1: Wertschöpfungskette im Leitprojekt Adaptronik

Mit den am Leitprojekt beteiligten Partnern haben sich Forschungseinrichtungen, Universitäten und
Industrieunternehmen zusammengefunden, die den vollständigen Entwicklungsprozeß vom
piezokeramischen Grundwerkstoff bis zur Umsetzung in strukturelle Komponenten abdecken.
Dadurch ist gewährleistet, daß innerhalb des Leitprojektes entlang der gesamten
Wertschöpfungskette Zugriff auf jede Komponente der Technologie besteht (Bild 1). Dies ist eine
entscheidende Voraussetzung für eine anwendungsorientierte Ausrichtung der Forschungsarbeit,
die bedingt durch die Vielzahl der Anwendungen auf sehr unterschiedliche Anforderungen
eingehen muß.
STAND DER TECHNIK BEI DER VERARBEITUNGPIEZOELEKTRISCHER WERKSTOFFE
FÜR MULTIFUNKTIONALE VERBUNDSTRUKTUREN
Aufgrund ihrer Beschaffenheit sind piezokeramische Werkstoffe extrem spröde. Dadurch ist die
Handhabung und Weiterverarbeitung von dünnen (d=200µm) piezokeramischen Folien mit einem
hohen Aufwand und entsprechendem Fertigungsrisiko verbunden. Während Piezokeramiken sehr
große Druckbelastungen problemlos ertragen können, sind Zugbelastungen unbedingt zu
vermeiden. Dies kann durch die Platzierung der Piezokeramik in ausschließlich druckbelastete
Bereiche erfolgen oder durch geeignete konstruktive Maßnahmen, die den piezokeramischen
Körper mit einer Druckvorspannung versehen. Neben den Anforderungen die sich aus der
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mechanischen Beschaffenheit der Piezokeramiken ergeben, kommen weitere elektrische
Randbedingungen hinzu. Damit der Werkstoff als elektromechanischer Wandler benutzt werden
kann, müssen Elektroden, Kontaktierungen und elektrische Anschlüsse vorgesehen werden. Für
einen sicheren und zuverlässigen Betrieb ist eine ausreichende elektrische Isolierung des
Wandlers vorzusehen.
Um eine industriegerechte Weiterverarbeitung der empfindlichen und nur gering belastbaren
Piezokeramiken zu ermöglichen, und um Probleme hinsichtlich der Kontaktierung und Isolierung
zu lösen, stellt die Kapselung der piezokeramischen Folien inklusive aller erforderlichen
Komponenten ein vorteilhaftes Konzept dar. So wurden, basierend auf einer vom Massachusetts
Institute of Technolgy (MIT) entwickelten Technologie, von der US-amerikanischen Firma Active
Control Experts (ACX) gekapselte piezokeramische Folienaktoren angeboten, die unter der
Bezeichnung QuickPack, in größerer Stückzahl vor allem in der Sportgeräteindustrie eingesetzt
wurden. Dieses Produkt wird mittlerweile von der US-amerikanischen Firma MIDE vertrieben [2].
Die Kapselung erfolgt hier durch das Verkleben der piezokeramischen Folien zwischen zwei mit
Kupferleiterbahnen beschichteten Polyimidfolien. Ein ähnliches, bisher noch nicht vermarktetes
Konzept, wurde von der NASA unter dem Namen FlexPatch entwickelt [3].
Alle bisher genannten Aktuatoren sind mit flächigen Elektroden versehen und nutzen den
piezoelektrischen Quereffekt (d31-Effekt). Soll der größere d33-Effekt genutzt werden, ist eine
deutlich komplexere Elektrodengestaltung erforderlich. In diesem Fall ist die Richtung des
elektrischen Feldes identisch mit der Richtung der genutzten Dehnung. Der Längseffekt kann bei
gleicher Feldstärke deutlich höhere aktive Dehnungen erzeugen. Die hierfür erforderlichen
Elektroden bestehen aus zwei ineinander greifenden Elektrodenkämmen mit jeweils positivem und
negativen Potential. Diese Elektroden werden als Interdigital Elektroden (IDE-Elektroden)
bezeichnet. Bild 2 veranschaulicht den prinzipiellen Elektrodenaufbau.
Bei dieser Konfiguration entstehen jedoch sehr inhomogene elektrischen Felder, die zu einer
inhomogenen elektromechanischen Belastung des piezokeramischen Werkstoffes führen und bei
monolithischen Folien Probleme hinsichtlich der Dauerfestigkeit hervorrufen. Eine Lösung für
dieses Problem kann durch die Verwendung von piezokeramischen Fasern oder Streifen gefunden
werden, die in eine duktile Matrix eingebettet sind. Risse breiten sich somit nicht durch den
gesamten keramischen Körper aus, sondern werden an jedem Übergang zwischen Keramik und
Matrix gestoppt. Die Herstellung multifunktionaler Werkstoffsysteme auf Basis piezokeramischer
Fasern wurde Leitprojekt intensiv bearbeit und kann in [4] nachgelesen werden. International sind
vor allem vom MIT richtungsweisende Arbeiten bei der Entwicklung von Aktuatoren auf Basis
piezokeramischer Fasern durchgeführt worden [5]. Kommerzielle Einsatzgebiete finden sich auch
hier wieder in der Sportgeräteindustrie [6]. Bezugsquelle für diese Aktuatoren ist die USamerikanische Firma MSI [7]. Um die Kontaktfläche zwischen den Elektroden und dem
piezokeramischen Werkstoff zu erhöhen, kommen mittlerweile Fasern mit einem rechteckigen
Querschnitt zum Einsatz. Dadurch wird eine bessere Einkopplung des elektrischen Feldes
gewährleistet und die Leistungsfähigkeit erhöht.

Bild 2: PZT-Folie mit IDE-Elektrode

Bild 3: Aufbau eines Aktuators
mit piezokeramischen Streifen
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Alternativ zu den piezoelektrischen Fasern wurden von der NASA Aktuatoren auf Basis gesägter
piezokeramischer Folien entwickelt [8]. Der prinzipielle Aufbau dieser Aktuatoren ist in Bild 3
dargestellt. Ein entscheidender Vorteil dieser Bauweise liegt in einer deutlich verbesserten
Fertigungsqualität, wodurch auch eine verbesserte Reproduzierbarkeit der aktuatorischen
Eigenschaften im Vergleich zu faserbasierten Aktuatoren erreicht werden konnte. Die dünnen
Streifen (typische Breite 200µm) werden mit Hilfe von Wafersägen, die in der Halbleiterindustrie
zum Einsatz kommen, aus monolithischen Folien herausgetrennt und im gleichen Fertigungsschritt
auf einem Substrat ausgerichtet.
Bei den verwendeten Folien handelt es sich um
Standartkomponenten, wodurch dieses Verfahren z.Zt. auch Kostenvorteile bietet. Kommerzielle
Bezugsquelle für diese Aktuatoren ist die Firma Smart Material [9].
Ein Nachteil von Aktuatoren mit IDE-Elektroden sind die sehr hohen Steuerspannungen. Die
Abstände der Elektrodenkämme können aufgrund der zuvor beschriebenen Problematik der
inhomogenen elektrischen Felder nicht beliebig klein gewählt werden. Bestimmend für die aktive
Dehnung der Piezokeramik ist jedoch die anliegende elektrische Feldstärke, und diese ist
umgekehrt proportional zum Elektrodenabstand. Für Fasern mit einem Durchmesser von 200µm
ergibt sich ein optimaler Elektrodenabstand von ca. 1mm. Dieses Optimum stellt einen
Kompromiss zwischen Homogenität des elektrischen Feldes und erforderlicher Ansteuerspannung
zur Erzeugung des elektrischen Feldes dar. Für die Erzeugung einer Feldstärke von 1kV/mm sind
somit 1000V erforderlich. Ein vergleichbarer Folienaktor benötigt unter Ausnutzung des
Quereffektes 200V für die gleiche Feldstärke und erreicht somit trotz des geringeren d31-Effektes
die Hälfte der aktiven Dehnung des d33-Wandlers. Die pro Volt erreichbare Dehnung liegt bei d31Wandlern etwa doppelt so hoch wie bei d33-Wandlern, wobei d33-Wandler bei entsprechend hohen
Betriebsspannungen absolut höhere Dehnungen erreichen können.
Der entscheidende Vorteil piezokeramischer Fasern oder Streifen ergibt sich aus ihrer anisotropen
Wirkungsweise. Im Vergleich zu Folien, die sich in alle Richtungen gleichermaßen dehnen, ist die
aktive Wirkung von Fasern gerichtet. Dadurch lassen sich Bauweisen für aktive Strukturen
realisieren, die gezielt nur in eine Richtung aktiviert werden können.
ENTWICKLUNG VON FUNKTIONSMODULEN IM LEITPROJEKT ADAPTRONIK
Motiviert durch Forderungen aus dem Anwenderbereich sollten im Leitprojekt Adaptronik Aktoren
mit verbesserten Leistungsparametern unter Berücksichtigung einer materialspezifischen
Anpassung der Komponenten im Sinne eines kompatiblen Werkstoffsystems (Keramik,
Kontaktierung, Isolation, lasttragende Werkstoffe) entwickelt werden. Im Hinblick auf die Vielzahl
unterschiedlicher Anwendungen wird unmittelbar deutlich, daß es keine standardisierte Lösung für
jedes Problem geben kann. Ziel muß es daher sein ein modulares Fertigungskonzept aufzubauen,
daß es ermöglicht durch eine Anpassung der Komponenten schnell und flexibel eine
problemangepaßte Lösung bereitzustellen.
Im Leitprojekt Adaptronik wurde deshalb eine neue modulare Technologie zur Einbettung
piezokeramischer Folien in Polymere entwickelt. Die so entstandenen Wandlerelemente werden
als Funktionsmodule bezeichnet und können durch Variation der einzelnen Komponenten
aufgabengerecht angepaßt werden:


Auswahl des piezokeramische Materials



Gestaltung und Material der Elektrodierung



Geometrie der Piezokeramik



Auswahl des Isolationswerkstoffes



Beeinflussung der Oberflächenbeschaffenheit



Gestaltung der elektrischen Anschlüsse
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Durch die Einbettung in das Polymer wird die Keramik mit einer mechanischen Stabilisierung und
einer elektrischen Isolierung versehen. Die Funktionsmodule beinhalten weiterhin die elektrische
Kontaktierung und die elektrischen Anschlüsse. Bild 4 zeigt den prinzipiellen Aufbau eines solchen
Elementes. Für den Aufbau eines Funktionsmoduls werden kommerziell erhältliche
piezokeramische Folien (Sonox P53 von CeramTec) mit standardmäßigen Abmessungen von
50x25x0,2mm³ verwendet. Diese Folien sind beidseitig mit vollflächig gesputterten
Metallisierungsschichten (Dicke wenige µm) versehen. Durch diese Art der Elektrodierung wird der
piezoelektrische Quereffekt (d31) genutzt.

Bild 4: prinzipieller Aufbau eines Funktionsmoduls unter Nutzung des d31-Effektes

Für die im Leitprojekt entwickelten Funktionsmodule wird zur Kontaktierung der vollflächigen
Elektrode ein dünnes Metallnetz verwendet, das die Elektrode vollständig abdeckt. Durch die
vollständige Abdeckung der Keramik wird gewährleistet, daß im Falle einer Überbelastung des
Moduls, die zum Bruch der Keramik führt, alle Bruchstücke weiterhin angesteuert werden können.
Somit kann selbst im Schadensfall das Funktionsmodul mit nahezu gleichbleibender Performance
betrieben werden. Die Dauerfestigkeitseigenschaften des Wandlers werden durch die elastische
Ausführung der Kontaktierung verbessert, da der Übergang vom aktiven zum passiven Bereich
anfällig für die Entstehung von Rissen in den elektrischen Anschlußleitungen ist.
Die Piezokeramik und die Kontaktierung sind mit einer isolierenden Bettungsmasse umgeben.
Diese Bettungsmasse schützt die empfindliche piezokeramische Folie vor äußeren Einflüssen und
gewährleistet die Dehnungsübertragung von der Keramik auf die Struktur. Die Ausbreitung von
Mikrorissen in der spröden Piezokeramik wird durch die duktile Bettungsmasse behindert wodurch
die Dauerfestigkeitseigenschaften zusätzlich verbessert werden. Die während der Herstellung des
Funktionsmoduls stattfindende Aushärtung der Bettungsmasse erfolgt bei hoher Temperatur
(120°C). Der thermische Ausdehnungskoeffizient der Bettungsmasse liegt über dem der Keramik,
so daß sich eine mechanische Druckvorspannung der Keramik beim Abkühlungsvorgang einstellt.
Dadurch ist die eingebettete Keramik in der Lage Zugbelastungen zu ertragen. Versuche haben
gezeigt, das Bruchdehnungen von durchschnittlich 0,44% erreicht werden können ohne das ein
Performanceverlust des Funktionsmoduls beobachtet werden konnte [10].
Stichpunktartig sind die Vorteile der Kapselung der Piezokeramiken aufgelistet:


Schutz der spröden Piezokeramik vor äußeren Belastungen (z.B. Feuchtigkeit)



Verbesserte Handhabbarkeit



Definierte mechanische und elektrische Randbedingungen



Druckvorspannung der Piezokeramik durch unterschiedliche thermische
Ausdehnungskoeffizienten der Bettungsmasse und der Piezokeramik



Hohe Schadenstoleranz durch vollständige Abdeckung der Elektrode



Erhöhte Lebensdauer durch elastische Kontaktierung



Behinderung von Rißausbreitung in der Keramik; dadurch größere passive Verformungen
möglich; erhöhte Lebensdauer



Modulare Ausrichtung der Technologie und damit große Flexibilität im Anwendungsbereich
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HERSTELLUNG DER FUNKTIONSMODULE
Die Herstellung der Funktionsmodule erfolgt auf Basis des im Deutschen Zentrum für Luft- und
Raumfahrt (DLR) entwickelten DP-RTM-Verfahren (Differential-Pressure-Resin-Transfer-MouldingVerfahren) [11]. Dieses Verfahren ermöglicht die Verwendung beliebiger Fasermaterialien und eine
optimale Einstellung der einzelnen Prozessparameter wie Druck, Temperatur und
Fließgeschwindigkeit der Metrix. Dies ist insbesondere für die Verarbeitung der empfindlichen
piezokeramischen Bauelemente von entscheidender Bedeutung. Beim DP-RTM-Verfahren wird
das trockene Fasermaterial in eine Injektionsform mit den Konturen des späteren Bauteils
gebracht. Im Vergleich zum konventionellen RTM-Verfahren kann jedoch auf die massiven und
druckfesten Formen verzichtet werden, da die Schließkräfte nicht mechanisch durch das
Werkzeug, sondern in einem Autoklaven durch einen Differenzdruck aufgebracht werden. Das
Werkzeug kann als einfache Blechkonstruktion ausgelegt sein, da diese nur durch das
Eigengewicht des Bauteils belastet und nicht wie beim herkömmlichen RTM-Verfahren durch den
Injektionsdruck beansprucht wird. Anschließend wird das Bauteil durch eine flexible Oberform
vakuumdicht abgeschlossen. Als flexible Oberform kann im einfachsten Fall eine Vakuumfolie
dienen. Dadurch ist die mechanische Belastung der spröden Piezokeramik gering (z.B. im
Vergleich zu Pressverfahren) und das Risiko fertigungsbedingter Schädigungen minimiert.
Das Funktionsmodul besteht aus der piezokeramischen Folie, Polyestervliesschichten zur
elektrischen Isolation, den Kontaktierungsstrukturen aus Kupfermesh und aus der Bettungsmatrix
(Bild 5.a-5.d). Diese Komponenten müssen vor dem eigentlichen Herstellungsprozess vorbereitet
und zugeschnitten werden.

Bild 5.a: Cu-Mesh
(Kontaktierung)

Bild 5.b: Polyestervlies
(Isolierung)

Bild 5.c: Fixierte und
strukturierte Kontaktierung

Bild 5.d: Zwischenlagen

Bild 6 zeigt den Lagenaufbau für die Fertigung von vier Modulen. Im Hinblick auf die Produktivität
des Herstellungsprozesses werden mehrere Module gleichzeitig angefertigt und nach der
Aushärtung des Matrixmaterials vereinzelt. In Bild 7 ist ein für die Technologieentwicklung
verwendetes Standardmodul beispielhaft dargestellt. Deutlich wird auch die Flexibilität der
Piezokeramik, die sie durch die Einbettung in ein Polymer erhält.
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Isolierung mit Kontaktierung
Piezokeramische
Folien

Zwischenlagen

Bild 6: Lagenaufbau bei der
Fertigung der Funktionsmodule

Bild 7: Standardmodul

Im Rahmen des Projektes wurden vom Projektpartner Panacol Einkomponenten-Vergussmassen
entwickelt und qualifiziert. Durch die Reduzierung der Aushärtezeiten (30min) im Vergleich zu
kommerziellen Vergussmassen (12h) wurde eine deutliche Steigerung der Produktivität bei der
Herstellung der Funktionsmodule erreicht, was insbesondere für die Serientauglichkeit des
Verfahrens von großer Bedeutung ist.
AUFBAU UND CHARAKTERISIERUNG DER MULTIFUNKTIONALEN MATERIALSYSTEME
Der Aufbau des multifunktionalen Materialsystems erfolgt durch Applikation bzw. Integration der
Funktionsmodule als aktuatorische und sensorische Komponenten auf bzw. in einen
Strukturwerkstoff. Für die Entwicklung der Applikations- und Integrationstechnologie wurden drei
verschiedene Strukturwerkstoffe ausgewählt:


Verzinkter Stahl (nur Applikation)



CFK/DP-RTM (Applikation und Integration)



CFK/Prepreg (Applikation und Integration)

Für die Herstellung der Kohlenstoffaserlaminate kamen das Pregpreg- und das DP-RTM-Verfahren
zum Einsatz.
Für die Entwicklung und Bewertung der Technologie zur Applikation und Integration der
Funktionsmodule wurde ein Versuchsprogramm mit folgenden Zielen definiert:


Experimentelle Untersuchung des festigkeitsmindernden Einflusses von in CFK integrierten
Funktionsmodulen auf Basis piezokeramischer Folien in Abhängigkeit von der für die
Integration gewählten geometrischen Konfiguration.



Bestimmung der Bruchdehnung integrierter Funktionsmodule



Bereitstellung einer Datenbasis bestehend aus Versagenslasten und Versagensmustern zur
Validierung entsprechender Berechnungsverfahren



Bewertung des Arbeitsvermögens
Arbeitsdiagrammen

der

verschiedenen

Konfigurationen

anhand

von

Die Versuche wurden mit Probenkörper entsprechend des in Bild 8 dargestellten Aufbaus
durchgeführt. Alle Probenkörpertypen enthalten ein asymmetrisch integriertes Funktionsmodul mit
zwei Decklagen über dem Funktionsmodul. Jeder Probenkörper wurde mit 4 Dehnungsmeßstreifen
zur Erfassung der Dehnung im Nahbereich des integrierten Funktionsmoduls bzw. zur
Kompensation von Biegedehnungen versehen. Weiterhin wurde ein Satz Referenzproben ohne
Funktionsmodule vorgesehen.

Messpunkt

A

DMS

B

Einspannbereich

100

C

50

0
+45
90
-45
0
+45
90
-45

0
+45
90
-45
0
+45
90
-45

250

Funktionsmodul

5
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Bild 8: Probenkörper zur Untersuchung integrierter
Funktionsmodule

0
+45
90
-45
0
+45
90
-45

Funktionsmodul

Funktionsmodul

Funktionsmodul

Bild 9: Variation des Lagenaufbaus bei der Einbettung
der Funktionsmodule in CFK

Für die Proben wurde ein quasiisotroper Lagenaufbau gewählt [0/+45/90/-45)2]S. Die Integration
der Funktionsmodule erfolgt abgestimmt auf die Dicke der Funktionsmodule in drei verschiedenen
geometrischen Konfiguration (Bild 9a-c).


Integration in einen Ausschnitt (Bild 9-A)



Kein Lage durchtrennt (Bild 9-B)



Integration in einen partiellen Ausschnitt (Bild 9-C)

ARBEITSVERMÖGEN INTEGRIERTER UND APPLIZIERTER FUNKTIONSMODULE
Bevor die zerstörende Prüfung in der Zugprüfmaschine durchgeführt wurde, wurden die
Arbeitsdiagramme der Probenkörper bestimmt. Zur Bewertung des Arbeitsvermögens unter dem
Einfluss unterschiedlicher Integrationskonfigurationen wurden die maximale Auslenkung und Kraft
eines einseitig Fest eingespannten Probenkörpers mittels eines Lasertriangulators und einer
Wägezelle an einem Messpunkt in 5 mm Entfernung vom freien Ende erfasst (Bimorph). Die
Einspannlänge Betrug 50 mm. Die Ansteuerung des Funktionsmoduls erfolgte quasistatisch mit
einer Frequenz von 0,1 Hz und einer Ansteuerspannung von -60V bis 200V. Für jede Messung
wurden fünf Zyklen durchfahren und die zugehörigen Werte aufgezeichnet (Bild 10).
Im Vergleich zu applizierten Funktionsmodulen weisen die integrierten Funktionsmodule aufgrund
des geringeren Abstands von der neutralen Faser des Probenkörpers ein geringeres
Arbeitsvermögen auf. Während die Integrationsvarianten „partieller Ausschnitt“ und „ganzer
Ausschnitt“ ähnliche Eigenschaften aufweisen, zeigt die Variante „keine Lage durchtrennt“ ein
deutlich geringeres Arbeitsvermögen. Bei der letztgenannten Konfiguration konnte auch eine große
Streuung zwischen den Proben festgestellt werden.
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Bild 10: Arbeitsdiagramme (Bimorph) der verschiedenen Integrationskonfiguration im Vergleich zu applizierten
Funktionsmodulen

Ergänzend wurden Untersuchungen mit jeweils einer Probe jeder Konfiguration durchgeführt, die
in einer Zug-Prüfmaschine bis zu einem Wert von durchschnittlich 2600µm/m gedehnt wurden. Mit
diesen Proben wurde anschließend eine erneute Messung des Arbeitsdiagramms durchgeführt. Es
konnten auch nach der Vorbelastung die gleichen Dehnungs- und Blockierkraftwerte erreicht
werden. Es hat sich ebenfalls gezeigt, dass die Messungen gut reproduzierbar waren.
EXPERIMENTELLE UNTERSUCHUNG DES FESTIGKEITSMINDERNDEN EINFLUSSES
VON IN CFK INTEGRIERTEN FUNKTIONSMODULEN
Um den Festigkeitsmindernden Einfluss von in CFK integrierten Funktionsmodulen zu
untersuchen, wurden die Probenkörper in eine Zugprüfmaschine eingespannt und bis zum
Versagen belastet.
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Bild 11: Spannungs- Dehnungskurve und Piezosignal- Dehnungskurve im Zugversuch
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800

3063
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In Bild 11 sind beispielhaft die Daten dargestellt, die während des Zugversuchs an einer Probe
aufgezeichnet wurden. Die Integration des Funktionsmoduls erfolgte bei dieser Probe
entsprechend der Konfiguration „keine Lage durchtrennt“ (Bild 9-B).

- 48 -

Auf der linken Ordinate im Diagramm in Bild 12 ist die Spannung in N/mm² aufgetragen. Für die
zwei untersuchten Querschnitte wurde die Spannung aus der zuvor gemessenen Fläche im
jeweiligen Querschnitt und der Prüfkraft berechnet. Die Steigung der aufgetragenen SpannungsDehnungskurve gibt den E-Modul im betrachteten Querschnitt wieder. Die Bruchdehnung der
Probenkörper konnte in der Regel nicht bestimmt werden, da die DMS vor erreichen der
Bruchdehnung versagten.
Bild 12 fasst die Ergebnisse des Zugversuchs zusammen. Es sind jeweils die Bruchspannung und
das E-Modul für beide Querschnitte dargestellt. Gegenüber der Referenzprobe ergeben sich
deutlich reduzierte Werte für E-Modul und Bruchspannung im Querschnitt 1. Erwartungsgemäß
schneidet die Konfiguration in der alle Lagen durchtrennt wurden am schlechtesten ab. Die besten
Ergebnisse erzielt die Konfiguration „Integration in partiellen Ausschnitt“, bei der die in Zugrichtung
lasttragenden 0-Gradlagen intakt geblieben sind, obwohl auch in dieser Konfiguration insgesamt
vier Lagen durchtrennt wurden. Die Konfiguration, bei der keine Lage durchtrennt wurde erreicht
ebenfalls geringere Werte. Durch die große Aufdickung der Proben, verursacht durch die
eingebetteten Funktionsmodule, haben sich an den Rändern der Module große Harztaschen
ausgebildet. Dadurch wurden auch die C-Fasern in diesem Bereich stark umgelenkt. Während der
Belastung konnte beobachtet werden, dass das Versagen des Bauteils durch Risse initiiert wurde,
die sich um diese Harztaschen gebildet haben. Bei den beiden anderen Konfigurationen war eine
solch eindeutige Zuordnung nicht möglich.
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Bild 12: Ergebnis des Zugversuchs für verschiedene Integrationsvarianten

BRUCHDEHNUNG INTEGRIERTER FUNKTIONSMODULE
Ein weiteres, wichtiges Kriterium für die Auslegung multifunktionaler Verbundstrukturen ist die
Belastbarkeit des integrierten Funktionsmoduls. Bedingt durch die spröde Keramik ist an dieser
Stelle schon sehr viel früher mit einem Versagen zu rechnen. Um hierüber Aussagen treffen zu
können, wurde während des Zugversuchs das Sensorsignal der Piezokeramik aufgezeichnet. In
dem Diagramm in Bild 11 ist der Verlauf des Sensorsignals über Dehnung für eine Probe
dargestellt. Ein Versagen des Funktionsmoduls wird durch Diskontinuitäten im Sensorsignal
angezeigt. Die höchsten Bruchdehnungswerte für integrierte Module werden für die Konfiguration
„Integration in partiellen Ausschnitt erreicht. Die Abweichungen zwischen den verschiedenen
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Integrationskonfigurationen sind jedoch nicht sehr groß und liegen zwischen 0,23% und 0,26%.
Geringfügig höhere Bruchdehnungen werden für applizierte Funktionsmodule erreicht 0,28%. Eine
Ursache für die gemessenen Schwankungen der Bruchdehnungswerte können neben dem
unterschiedlichen Aufbau der Proben auch auf Ungenauigkeiten bei der Fertigung der
Probenkörper sein.
Bei Vergleich der Bruchdehnungswerte der integrierten bzw. applizierten Funktionsmodule (im
Mittel 0,26%) mit der Bruchdehnung des reinen Funktionsmoduls (0,44%; siehe [10]), fällt der
deutliche Unterschied auf. Die Ursachen hiefür liegen wahrscheinlich in der unterschiedlichen Art
der Krafteinleitung in das Funktionsmodul. Während bei den Zugversuchen mit dem reinen
Funktionsmodul die Krafteinleitung über zwei an den Modulenden aufgebrachten Aufleimern
erfolgte und die Dehnung direkt am Funktionsmodul gemessen wurde, handelt sich bei den
applizierten/integrierten Funktionsmodulen, um ein flächige Krafteinleitung, die über Klebschichten
erfolgt. Weiterhin wird bei den integrierten Module die Dehnung nicht am Modul selbst, sondern an
den außenliegenden CFK-Schichten gemessen. Für eine endgültige Klärung dieser Problematik
sollten jedoch weitere Modellrechnungen durchgeführt werden.
PROTOTYPISCHE BAUGRUPPEN
Der Einsatz der Technologie auf prototypische Baugruppen ist der letzte Schritt innerhalb der
Wertschöpfungskette des Leitprojekts. Während zuvor grundlegende Fragen für ein breites
Anwendungsspektrum betrachtet wurden, rückt hier die anwendungsspezifische Anpassung der
Technologie ins Zentrum. Im folgenden sollen kurz einige Anwendungsbeispiele für prototypische
Baugruppen vorgestellt werden, die mit Hilfe der im Leitprojekt Adaptronik entwickelten
Funktionsmodule auf Basis piezokeramischer Folien aufgebaut wurden.

Integrierte
Funktionsmodule

Bild 13: Adaptive Blattfeder mit integrierten Funktionsmodulen

Für den Bau einer adaptiven Blattfeder [12] wurden komplexe Funktionsmodule zur Erhöhung des
Schwingungskomforts in Zügen entwickelt. Bei diesen Funktionsmodulen wurden die
Piezokeramikfolien in vier Lagen zweireihig und je nach Modultyp mit zwei oder drei Keramikfolien
hintereinander aufgebaut sind. Es wurden 8 Module mit insgesamt 176 Keramikfolien
bereitgestellt. Die Abmessungen der einzelnen Keramiken betrugen jeweils 70x25x0,3mm³. Diese
große Menge an aktuatorischem Material war notwendig, um eine Verformung der steifen
Blattfeder unter den auftretenden Lasten zu ermöglichen (Bild 13).
Weiterhin wurden spezielle Module für hochgenaue Formkontrolle an einem adaptiven
Satellitenreflektor entwickelt [13]. Durch die geometrische Gestaltung der Funktionsmodule kann
eine sehr hohe Bedeckung der Reflektoroberfläche mit aktuatorisch wirksamen Material
verwirklicht werden. Begrenzt werden die Gestaltungsmöglichkeiten bei der Formgebung durch die
maximalen Abmessungen der verfügbaren Roh-Keramiken, die bei 50x50mm² liegen. Obwohl der
Reflektor eine leichte sphärische Krümmung aufweist, wurde darauf verzichtet entsprechend
vorgekrümmte Module herzustellen. Dies hätte einen enormen Mehraufwand bei der Sinterung der
Keramiken und der Herstellung der Module zur Folge gehabt. Versuche haben jedoch gezeigt,

- 50 -

dass es durchaus möglich ist, auch sphärisch gekrümmte Oberflächen mit ebenen Modulen zu
versehen ohne das die Keramik geschädigt, oder die Funktion beeinträchtigt wird (Bild 14).

Bild 14a: Spezielles Funktionsmodul
für den adaptiven Reflektor

Bild 14b: 36 Segmente für eine Deckschicht
des adaptiven Reflektors

Neben der Anfertigung spezieller Module, wurden mit dem Ziel der aktiven Lärmreduktion
Standardmodule auf ein PKW Dachblech bzw. eine Verkleidungskomponente eines
Magnetresonanzthomographen appliziert [14, 15]. Die Bilder 15 und 16 zeigen das Dach einer
Bora Karosserie bzw. die MRT Verkleidung mit applizierten Funktionsmodulen. Zur Erhöhung der
aktorischen Wirkung wurden die Aktormodule doppellagig, d.h. mit zwei übereinanderliegenden
Folien aufgebaut, die gleichsinnig angesteuert werden.

Bild 15: Verkleidungskomponente eines MRT
mit applizierten Funktionsmodulen

Bild 16: PKW-Dachblech
mit applizierten Funktionsmodulen

ZUSAMMENFASSUNG UND AUSBLICK
Es konnte eine modulare Technologie zur Kapselung piezokeramischer Folien entwickelt werden,
die sich durch vielfältige Anpassungsmöglichkeiten auszeichnet. Auf Basis dieser Technologie
wurde eine Applikations bzw. Integrationstechnologie entwickelt. Damit konnte auch die
Versorgung des Projektes mit Funktionsmustern (Balken, Platte, Rohr) für weitergehende
Untersuchungen des adaptronischen Gesamtsystems im Zusammenspiel mit verschiedenen
Regelungsstrategien sichergestellt werden. Mit der Bereitstellung spezieller Funktionsmodule für
verschiedene prototypische Baugruppen ist der erste Schritt unternommen worden diese
Technologie in den Anwendungsbereich zu übertragen.
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ABSTRACT
In 1997 the BMBF (German Ministry of Education and Research) announced a highly paid
competition for future oriented key technologies and their industrial utilization. 230 proposals from
industrial enterprises and research establishments were submitted. An independent group of
experts selected altogether only 5 projects which were proposed to the BMBF. One of these
projects was the major project ADAPTRONICS which is funded from 1998 to 2002 with a total
volume of 25,000,000 EURO. This project is under the direction of the DLR (German Aerospace
Center) and focuses on the integration of piezoelectric fibers and patches into lightweight
structures aiming at active vibration and noise reduction, shape control and micro positioning. The
main project target is the implementation of this technology in different industrial branches like the
automotive industry, rail technology, mechanical engineering, medical engineering, and aerospace
technology. This paper will give an overview of the recent progress and the next steps in the
various tasks.
Keywords:
Adaptronics, adaptronic structures, adaptive structures, smart structures, BMBF project
INTRODUCTION
The major project ADAPTRONICS mainly aims at providing the scientific and technological basis
for adaptronics in as many industrial branches as possible. It follows the strategy of establishing a
synergetic network between the advanced scientific potential and industrial partners from the
various branches with the aim of preparing a new generation of products with properties that are
unique on the international scale. In this process the small and medium-sized companies will play
a key role as technological centers. To accomplish this ambitious task a network of industrial and
research partners has been established which purposefully combines and manages the individual
disciplines of the highly complex field of adaptronics (see Fig. 1).
The project aims at developing as many options for an industrial application as possible. Scientific
and industrial implementation first requires the development of adaptive structures with a simple
geometry, i.e. so-called prototype specimens, which can be used for various developments also in
very specific product fields within specific constraints. Based on these prototype specimens
industrial applications up to prototype assemblies can be developed and implemented. The overall
system of adaptronics comprises a multifunctional structure with integrated/applied actuators and
sensors, the electronic equipment required, and a real-time adaptive control system tailored to the
specific application. The system incorporates the results of material development and of the related
processing technology for piezoelectric fibers and patches, the structural-conform integration in
light-weight materials and the development of modeling and optimization strategies, in particular, in
the macromechanical field. As to the time factor, the project is designed such that some of the
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industrial partners will be able to start very early to implement and introduce their products on the
markets whereas users with a higher integration density may require more time depending on
activities in process and potential experience in the technological environment.
Research and
Development
DLR SM
DLR WF
FhG ISC
FhG IWM
FhG IFAM
FhG IKTS
FhG IZFP
Uni Magdeburg
Uni Dresden
SME
ERAS
INVENT
FEMCOS
HTM Reetz
Kayser-Threde
Panacol-Elosol
Qnet
Industry
Volkswagen
EADS CRC F&T
Siemens Ultraschalltechnik
Carl Zeiss
DC F&T Dornier
Siemens Medizintechnik
HEGLA Fahrzeug- und
Maschinenbau
HEGLA
Maschinen- u.
Fahrzeugbau

Fig. 1: Network of all partners involved

WORK PROGRAM
The industrial and research partners involved perform the required development work along the
value added chain (material development → composite technology → adaptive overall system →
prototype assemblies). The technological bases (WP 1 and WP 2) are incorporated in the overall
system of adaptronics (WP 3) which, through its specifically selected prototype specimens, will
form the basis for implementing prototype assemblies (WP 4). This requires parallel development
work within the individual work packages. For this very complex and interdisciplinary approach, the
establishment of synergies and exchange of results between the individual disciplines are
absolutely essential. Most of the partners find themselves within the various sections of the valueadded chain. This reflects the complexity and interdisciplinarity as the individual sections of the
value-added chain are closely interlinked and, necessarily, depend on each other. Aiming at noise
and vibration reduction, contour deformation and stabilization, micro-positioning and Ultrasonic
technology, the prototype assemblies are designed for use in the following branches of industry
with their special targets [1]:


In traffic engineering multifunctional adaptive elements will be used in passenger car
construction to reduce vibrations caused by the roofing sheet, and in the rail car construction to
reduce vibrations in the boogie in order to achieve an active influence on the noise level inside
the cabin.



The application in mechanical engineering will focus on the active influence on machine
vibrations to obtain a higher level of accuracy and new ultrasonic transducers.



The aims in the optical industry are a correction of mirrors and deformation-free carriers of
lenses, both for use in objectives for semiconductor lithography.
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In medical engineering they intend to give patients 'acoustic' relief in magneto resonance
tomography (MRT).



In the branch of aerospace they will help to improve the accuracy of antenna and satellite
structures.

The work packages are structured on the basis of the following scheme in Fig. 2:
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WP

WP

Fig. 2: Work break down structure

NEW RESULTS
In the last years large progress could be achieved in the different work packages. The following
sections provide a short description of the scientific and technological objectives of the individual
work packages as well as a summary of the latest results. In parentheses the WP number and the
participating partners are listed. The WP leader is underlined.
Piezoceramic fibers (WP 1.1: FhG-ISC, FhG-IKTS, TU Dresden, HTM Reetz, DLR WF)
The goal of this work package is the development of piezoceramic fibers (Pb(Zr,Ti)O3 and
modifications) as well as appropriate manufacturing technologies. This will be approached as
follows:


Optimization of PZT fibers with regard to their chemical composition, structure, and diameter.



Development of manufacturing technology for continuous fiber production.



Transfer of manufacturing technology to industry (e.g. HTM Reetz, Berlin).



Development and test of alternative material combinations, e.g. piezoceramic supported by
carbon fiber.



Analysis and evaluation of degradation and failure of piezoceramic fibers in composite
materials under load.

A prototype manufacturing arrangement on the basis of the Sol-Gel technology for piezoceramic
fibers with a diameter of 15 µm has successfully been put into operation. The fibers are shown in
Fig. 3. In cooperation with the SME HTM Reetz large effort is being made to enlarge the output of
piezoceramic fibers up to 50 kg per year. Comparing tests with different fibers available on the
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market showed a better strength and stress distribution of the newly manufactured piezoceramic
fibers [2].

Fig. 3: Piezoceramic fibers with 15 µm diameter

Piezoceramic patches (WP 1.2: FhG-IKTS, TU Dresden, EADS CRC F&T, Panacol-Elosol,
FhG-IFAM)
In this work package the scientific and technological main objectives include technology
development, provision, and characterization of piezoceramic patches. The steps to achieve these
objectives are as follows:


Technology development for large as well as curved piezoceramic patches.



Development and provision of piezoceramic patches with optimized performance concerning
the requirements of industrial applications (service life, blocking force, etc.).



Development of electrode system and electroding technology for piezoceramic components.



Material characterization and determination of material parameters for an optimized material
design and component modeling.



Investigation of failure as well as degradation effects caused by piezoceramic patches in test
specimen and prototype components in order to derive material specific limit loads.

S
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The technology for PZT patches is so far optimized and standardized. In the mean time over 1000
piezoceramic patches (50×25mm2, see Fig. 4) consisting of the material Sonox P53 with sputtered
TiPt electrodes have been manufactured and delivered to WP 2.2. Additionally 450 piezoceramic
patches of special geometry for the lightweight satellite reflector in WP 4.e.1 consisting of the
material Sonox P502 have been delivered to WP 2.2, too. The technology for PZST is still under
development. First prototypes have been delivered to WP 2.2 [3].

Fig. 4: Piezoceramic patch, without and with electrode

Fiber integration (WP 2.1: FhG-IFAM, DLR SM, EADS CRC F&T, Panacol-Elosol, FhG-ISC,
INVENT, Volkswagen, FhG-IWM)
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The core of this work package is the development of suitable manufacturing processes to produce
lightweight structures with active and sensing PZT fibers. Therefore, it is necessary to develop
equipment and methods for producing semi-finished products with integrated and contacted PZT
fibers:


Development and optimization of adhesives for fixing and contacting piezoceramic fibers.



Development and provision of micro-assembly and micro-bonding processes for producing
fiber based micro-systems with integrated and contacted PZT fibers.



Development of processes for integrating micro-systems into lightweight materials with the aim
to ensure the highest level of structural conformity and piezoceramic performance.



Production of geometrically simple prototype specimen (beam, plate, cylinder) consisting of
fiber based micro-systems.



Characterization of fiber based micros-systems and prototype specimens.
o Determination of mechanical material properties for component modeling (WP 3.1).
o Proof of thermal and corrosive robustness as well as reliability and durability in service.

FhG IFAM
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By pre-encapsulation piezoeceramic fibers these are packaged in a protective skin with preattached electrical interdigital leads. The protective skin also provides electrical insulation and
defense against mechanical strain and stress. Besides the Sol-Gel fiber with a diameter of 15 µm
out of WP 1.1 different piezoceramic fibers commercially available (e.g. from Smart Material Corp.)
with different diameters were processed with the pre-encapsulation technology developed in this
work package (see Fig. 5). Considering the mechanical properties (free elongation and blocking
force) the Sol-Gel fibers show a slightly better performance than the other fibers with 15 µm
diameter tested. In comparison to thicker fibers the active performance drops significantly.
Altogether it can be stated that piezoceramic fibers with a diameter of 15 µm are not sufficient
suitable for actuator use because simply to little piezoceramic material contributes to the active
performance. On the other hand as sensor they show very interesting properties (e.g. good
resolution). In addition structures of larger curvature can be equipped with these (sensing) thin preencapsulation piezoeceramic fibers due to their smaller bending radius. As actuator thicker fibers
have to be used (e.g. 400 µm fibers from Smart Material Corp.) [4].

Fig. 5: Pre-encapsulated piezoceramic Sol-Gel fibers

Patch integration (WP 2.2: DLR SM, Uni Magdeburg, Panacol-Elosol, Volkswagen, EADS
CRC F&T, INVENT, FhG-IFAM, FhG-IWM)
This work package mainly focuses on manufacture and characterization of lightweight materials
with integrated and applied PZT patches. This requires a pre-encapsulation of the PZT patches in
order to enable the development of a sufficient manufacturing technology. The scientific and
technological objectives of this work package includes:
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Development of cost effective manufacturing process for applying and integrating PZT patches
to/into lightweight materials with the aim to ensure the highest level of structural conformity and
piezoceramic performance.



Apply and integrate plain and curved PZT patches to/into prototype specimen (beam, plate,
cylinder) consisting of materials such as aluminum or carbon fiber reinforced plastics.



Characterization of material systems and provision of material parameters for component
modeling (WP 3.1).



Manufacture of lightweight structures with integrated or applied PZT patches for the prototype
assemblies (WP 4).



Development, qualification and validation of suitable methods for non-destructive materials
diagnosis

S

DLR SM

The PZT patches are pre-encapsulated with a protective skin with a copper mesh as electrical
lead, producing a highly reliable component with a large damage tolerance. The protective skin of
the pre-encapsulated PZT patches also provides electrical insulation, mechanical stabilization and
defense against humidity and harsh contaminants. It makes PZT patches easy to use and easy
apply or integrate to/into lightweight materials. Additionally the manufacturing technology
developed in this work package allows to pre-encapsulate PZT patches of any desired geometry
(curved edges or surface) and to vary the contacting type as well as the skin material according to
the requirements. In the mean time all piezoceramic patches (Sonox P53 and Sonox P502)
delivered from WP 1.2 have been pre-encapsulated and been passed on to WP 3.2, 4.a.1, 4.a.2,
and 4.e.1 (see Fig. 6). Altogether over 1000 pre-encapsulated PZT patches have been
manufactured which has lead to an optimized and standardized manufacturing technology.
Different long term tests have been completed. E.g. for bimorph test specimen after 108 cycles no
degradation in performance was observed [5].

Fig. 6: Pre-encapsulated piezoceramic patch for lightweight satellite reflector

Component modeling (WP 3.1: Uni Magdeburg, DLR SM, INVENT, EADS CRC F&T, Carl
Zeiss, FEMCOS, Volkswagen)
The goal of this work package is to enable a modeling of the complete adaptive system by
improving the modeling of the different compenents of such a system, e.g. FE code for
piezoceramic fibers and patches or optimization of actuator and sensor locations. The following
steps are required to fulfill these objectives:


Development and improvement of analytical and numerical methods for modeling and
computer aided simulation of the electro-thermo-mechanical behavior of adaptive composite
structures with integrated and/or applied piezoceramic fibers and patches.



Development of modeling strategies for adaptive lightweight structures in order to predict the
required location and amount of sensors and actuators.



Development of design guidelines for adaptive composite structures.
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Determination of a data bank with all required material parameters



Development and provision of appropriate design and modeling tools.

S

New finite shell elements considering the electro-thermo-mechanical effect of piezoelectric fibers
and patches have been implemented in the commercial program system COSAR (see Fig. 7). A
comparison of the experimental results of WP 3.2 for the prototype specimen (beam, plate,
cylinder) show a good correspondence. Algorithms for optimizing the location and amount of
actuators and sensors have been generated and successfully tested with the prototype specimen
(beam, plate, cylinder) and the adaptive car roof in WP 4.a.1. A data bank with all relevant material
parameters is under development and is continuously being enhanced with the new data available.
Analytical calculation methods for piezoceramic fibers and patches in combination with fiber
composites have successfully been implemented in the commercial program system LamTech [6].

Fig. 7: Finite element and model with PZT fibers and patches

Adaptive structures (WP 3.2 : DLR SM, ERAS, DC F&T Dornier, Volkswagen, Uni
Magdeburg)
In this work package all components of an adaptive system are combined and investigated on the
basis of prototype specimen (beam, plate, cylinder) received from WP 2. This knowledge is
transferred to the component modeling (WP 3.1) for code validation and to the prototype
assemblies (WP 4). A close interaction with WP 2, 3.1 and 4 is essential in order to improve the
performance of every component in accordance with the system aspects. The scientific and
technological objectives of this work package can be described as follows:


Design and provision of sufficient test stands for investigation of the prototype specimen.



Provision of experimental data of the prototype specimen.



Development and provision of suitable control and power electronics.



Modeling of prototype specimen for controller development.



Development of suitable control algorithms and implementation on controller hardware.



Realization of the complete adaptive system.



Verification of operativeness of the complete adaptive system with regard to the prototype
assemblies (WP 4).



Comparison of the potential of piezoceramic fibers and patches.

Extensive experimental investigations of the prototype specimen beam, plate, and cylinder (see
Fig. 8) have lead to a valuable data base important for validation of analytical and numerical tools
developed in WP 3.1 and fundamental for the generation of structural models for the controller
development. Different controller algorithms (e.g. adaptive controller algorithm) were developed for
various cases from single-input/single output to multiple-input/multiple-output. These were
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successfully tested with the prototype specimen and can now be transferred to the prototype
assemblies (WP 4) [7].

Cylinder

Fig. 8: Prototype specimen beam, plate, and cylinder

Adaptive car roof (WP 4.a.1: Volkswagen, DLR SM, Uni Magdeburg, ERAS)
This work package focuses on attenuation of the structural vibrations of the car roof by means of
distributed PZT actuators and sensors so that the interior noise is reduced. The scientific and
technological objectives of this work package are as follows:


Evaluation of the acoustic behavior of the plate prototype specimen (WP 3.2) within car specific
constraints.



Adaptation of the appropriate controller to the requirements of the car roof sheet.



Modeling of the complete adaptive system comprising the car roof sheet, actuators, sensors,
power electronics, and control electronics.



Investigation of structural vibrations and acoustic noise on the car shell with and without
activated piezoceramic elements.



Investigation of the interior acoustics of the entire car with and without controlled piezoceramic
elements.



Final evaluation of the performance of adaptive systems in comparison to passive measures
with regard to vibration reduction and acoustic efficiency.

S

As representative test car a VW Bora Variant was chosen because of its “worst case” character
concerning acoustic noise. A body shell (car sheet structure without windows, doors, engine hood,
tailgate, motor, etc.) has been mounted to a rigid fixture by three supporting elements (see Fig. 9)
and is excited by a shaker.

Fig. 9: Body shell with applied piezoceramic patches

Eigenforms are measured by a laser scanning vibrometer. Basic structure dynamical investigations
of the body shell show good correspondence with FE calculations of the car roof. This delivers
valuable information for the determination of appropriate control algorithms, actuator and sensor
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location and amount. Additionally the sound pressure level was measured in the interior of a
complete test car. Microphones were positioned at the driver’s ear and at the front-seat and backseat passenger’s ears. Stationary tests on braked rolls show that when driving the car in the 3rd
gear from 1000 to 4500 rpm structural modes of the car roof (measured by laser scanning
vibrometer) correlate very clearly with noise measured in the interior. Next step will be the
application of active and sensing piezoelectric element combined with a closed loop control [8].
Adaptive ICE coupling (WP 4.a.2: EADS CRC F&T, INVENT, ERAS)
The goal of this work package is to improve the comfort in modern traffic and transport systems by
reducing the transmission of exterior noise and vibrations into the interior of a vehicle. A typical
application that is being investigated in detail is the transmission of structure-born noise from the
bogie into the body of high-speed trains (e.g. ICE) via specific coupling elements. With regard to
this problem this work package has the following scientific and technological aims:


Development of basic concepts for attenuating vibrations and structure-born noise in the 100
Hz region for typical coupling elements used in rail vehicles.



Modeling of the vibration and structure-born noise transmission for typical coupling elements as
well as optimal sensor/actuator configurations for piezoceramic elements.



Design and implementation of a hybrid system comprising conventional vibration engineering
elements (dampers for low frequency vibrations < 30 Hz) and piezoceramic high load actuator
systems (for the higher frequencies > 30 Hz).



Verification of the models for vibration and structure-born noise transmission and for the
optimal sensor/actuator configurations for piezoceramic elements by means of a lab set-up as
close to reality as possible.



Design/adaptation and verification of adaptive control methods.



Final evaluation of the performance of the adaptive system for reducing vibrations and
structure-born noise and its applicability to more complex systems.

EADS
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A finite element structural model of the ICE bogie has been generated. This model allows to
investigate different actuator concepts and control strategies in detail. Among many other cases
exemplary the vibration of the bogie by f = 74,5 Hz was calculated for open and closed loop
control. The closed loop control shows a significant vibration reduction (accelerations reduced by
34 dB) for the complete bogie (see Fig. 10).

Fig. 10: Open and closed loop for an ICE bogie

Parallel the results of the first tests with an active system on a test rig show that the accelerations
in z direction are nearly completely eliminated whereas the accelerations in the other directions are
barely influenced. Therefore the next step will be the investigation of additional actuator systems in
x direction [9].
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Adaptive glass cutting machine (WP 4.b.1: HEGLA, DLR IWF, DLR SM)
The market requires glass processing at higher speed without reduction in quality. Especially
today’s glass cutting machine cannot be improved by conventional technologies any more worth
mentioning. Thus, in this work package the quality and speed of glass cutting should improved by
developing an adaptive cutter head and an active bridge. The following scientific and technological
objectives are defined in this work package:


Analysis of the vibration behavior of a glass cutting machine in operation.



Determination of the eigenfrequencies and eigenforms with a modal analysis as well as the
transmission behavior.



Determination of the functional relationship between cutting force, cutting speed, sound
emission, and cutting quality.



Establishment of critical frequencies and dynamic parameters.



Construction of concepts for active cutting head and active bridge.



Development of an appropriate control strategy.



Manufacture, assembly and test of active components.



Proof of principle.

S
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The analysis of the vibration behavior of a glass cutting machine (see Fig. 11) in operation is
finished. Altogether 11 accelerometers were used. For the modal analysis appropriate adapters
were designed in order to connect two electro-mechanical shakers in x and y direction and a
piezostack in z direction. Besides with accelerometers the natural vibration behavior was
measured with a laser scanning vibrometer at places of special interest. The experimental
investigations necessary to determine the functional relationship between cutting force, cutting
speed, sound emission, and cutting quality have been carried out and are being evaluated
momentarily. Different concepts for an adaptive cutter head and an active bridge have been
worked out and are now being investigated in detail.

Fig. 11: Glass cutting machine

Ultrasonic transducer (WP 4.b.2: Siemens Ultraschalltechnik, FhG-IKTS, FhG-IZFP, QNET)
This work package deals with sensor technology in the ultrasonic range. Novel ultrasonic
transducers are to be developed. The scientific and technological objectives of this work package
are as follows:
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Development of a new generation of ultrasonic transducers to be used for non-destructive
testing of industrial components and installations. This mainly includes
o 2D arrays with a large number of elements (matrix and segmented ring arrays) for
electronic three-dimensional sound field control (sound beam orienting and focusing),
o ultrasonic endoscopes for pipe testing (circular arrays),
o extremely broad-banded transducers for testing coarse grained materials such as
austenites,
o high-frequency transducers providing very high axial and lateral resolution and
o broad-banded and, at the same time, sensitive airborne-noise transducers suitable for
frequencies between 100 kHz and 2 MHz.



Development of ultrasonic transducers for measuring flow rates of gases (200 kHz) and liquids
(2 MHz) featuring improved properties (lower voltage and power requirements, stronger
radiation than transmitting transducers and good reception performance, improved pulse form,
generation of less structure-borne noise) while the manufacturing costs are significantly
reduced.

In the area of ultrasonic engineering different numerical simulations and experimental investigation
of piecoceramic fiber composites have been carried out. For many applications these piecoceramic
fiber composites show a simular performance in comparison to today’s high-quality technologies.
The production costs for the materials required to generate precise sound fields in these highquality technologies are quite high. Thus, considering the expected cost degression for
piezoceramic fiber composites in the future a broad market penetration can be expected. An
example of a functioning measuring head with a matrix arrangement of ultrasonic transducers
manufactured with piezoceramic composites can be seen in Fig. 12.

Si

Carrier
Single element

45º inclined
mirror surface

S

Light beam

Fig. 12: Ultrasonic measuring head for internal pipe inspection

Semiconductor lithography (WP 4.c.1: Carl Zeiss, Uni Magdeburg, FhG-IKTS, DLR SM)
Optical systems require maximum accuracy, whether under dynamic or quasistatic load.
Employing adaptive structural systems aims at optimizing optical high-precision instruments. The
scientific and technical objectives of this work package include:


Modeling of elements based on piezoceramic fibers or patches to realize active mirrors or
adaptive carriers of lenses.



Modeling and realization of a closed loop control systems considering actuators, control
electronics, sensors and the adaptive controller to achieve highly accurate deformations.



Manufacturing of test specimen with simple optics for first experimental verification.
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Realization of high-precision interferometer units to prove the optical performance of the active
mirrors or the adaptive carriers of lenses.



Realization of demonstrators which meet the requirements to be used in objectives for
semiconductor lithography.

FE simulation
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S

S

C

Due to the investigation of bimorph mirrors completely new manipulation concepts could be
developed. Measurements with a interferometer built up for this project show a very good
conformance with FE simulations (see Fig. 13). Especially the attachment of piezoceramic patches
on optical substrates meant entering a completely new research area. The surprisingly very good
results will be transferred in the business field semiconductor lithography. Also concerning the
mounting technology and the manipulation of very small facetted mirrors (diameter ca. 10 mm) the
adaptronic solutions prevailed over the conventional ones. Already in the alpha tool for extreme UV
lithography this technology can be used [10].

Measurement

Fig. 13: Comparison of interferometer measurements with FE simulation with overlaid actuator structure

Magneto resonance tomograph (WP 4.d.1: Siemens Medizintechnik, DLR SM, FhG IKTS)
Medical engineering calls for extremely high technological performance in order to meet the
requirements of future therapeutic and diagnostic methods. Efforts focus on protecting human
beings and improving precision. A crucial problem of magneto resonance tomographs (MRT) in
this work package is the noise occurring during operation. Under extremely unfavorable conditions
sound pressure levels may exceed 120 dB. These disturbing noise levels affect various persons:
patients, operators, neighbors of hospitals or practices. Hence, this work package is aimed at
developing quieter MRT’s requiring the following work to be done:


Investigation of the influence of integrated piezoceramic materials on the environment of the
MRT and vice versa.



Demonstration of the efficiency of integrated piezoceramic fibers and patches.



Development of a concept for a complete adaptronic system as close to reality as possible.



Build a prototype (either active casing or active coil structure, or both) inclusive extensive
testing

In this work package the efforts concentrated on the vibration of the MRT casing which is
responsible for the disturbing noise emission. Detailed measurements of the sound field and of the
casing vibration were carried out. Together with acoustic simulations it can be shown that
especially the low frequency noise up to 150 Hz is significantly caused by the entering funnel. The
results of a laser Doppler measurement of the vibrations at the front side of the MRT are shown in
Fig. 14. It is expected that an adaptive attenuation of the corresponding funnel modes will lead to a
significant noise reduction. For this case optimized actuators on the basis of piezoceramic
composites will be developed.

S

S
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Fig. 14: MRT excited by a magnetic field gradient with a frequency of 129.4 Hz in x direction

Adaptive lightweight reflector (WP 4.e.1: DC F&T Dornier, DLR SM, ERAS, INVENT)
Orbital structures are, for instance, subjected to temperature cycles from -150 °C to +150 °C. Such
temperatures as well as other harsh environmental conditions are not allowed to influence the
performance. For lightweight reflectors this means that the contour always has to be of constant
geometry, independent of the environmental conditions. Today this achieved by employing
structures of very high stiffness, which is disadvantageous in terms of lightweight construction. In
order to overcome this obstacle this work package has the following scientific and technological
objectives:


Investigation of the international state of the art concerning active satellite structures with
piezoceramic sensors and actuators.



Design of a prototype component representative for active shape control of satellite reflectors
in order to test adaptive technologies on the basis of piezoceramic elements. Emphasize will
be put on the adaptive shape control, whereas active vibration attenuation and damage
detection will be investigated accompanying.



Design of a suitable component for active shape control of satellite reflectors to improve the
contour accuracy.



Implementation of the developed piezoceramic fiber and patch technology in the prototype
component.



Demonstration of the functionality comparison with analytical predictions.



Development of operational and cost-effective constructions for implementing the developed
technologies in future satellite structures.

Based on extensive and detailed numerical investigations, which also consider the special
influence of the wavefront sensor used in combination with the control strategy, a concept for an
adaptive lightweight reflector out of CFRP has been developed. Now the focus is put on the
realization of this concept in form of a prototype component. Important questions concerning the
construction and handling could be answered positively. Under consideration of specific material
parameters in the numerical model an appropriate design of the actuator fields could be
determined. This lead to the development of special encapsulated piezoceramic patches (see WP
2.2) which have been integrated in a test segment of a reflector. The results of the experimental
investigation of this test segment were used to update the finite element model of the adaptive
reflector. In the mean time the manufacturing of the prototype component has been started. A new
concept for CFRP honeycomb could successfully be established. Two active layers with altogether
72 separate actuators have been manufactured and are being integrated in the prototype
component (see Fig. 15). After completing this work the control strategy has to be verified and a
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qualitative and quantitative evaluation with regard to the feasibility of the complete adaptive system
has to be carried out [11].

Fig. 15: Adaptive lightweight reflector
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ABSTRACT
A generalized piezothermoelastic finite element formulation of a laminated beam with embedded
piezoelectric material as distributed actuators/sensors is presented. Electromechanical and
electrothermal couplings are incorporated using the linear equations of piezothermoelasticity.
Inclusion of temperature and electric potential as state variables along with mechanical
displacement permits a unified representation of multiple fields coupling in finite element
formulations. A two noded 3-D beam element is derived using first order shear deformation theory
to model direct and coupled effects. Eigenstructure assignment technique using output feedback is
employed in the controller design, which is subsequently adopted to actively control the first three
modes of a cantilever PZT/Steel/PZT beam. The desired eigenfrequencies are placed exactly and
the tip motion of the beam is significantly reduced by shaping the eigenvectors of the closed-loop
system. Control spillover effect is minimized by optimally selecting the actuator/sensor locations
and optimizing the damping factors of the desired closed-loop eigenvalues.
INTRODUCTION
In recent years, significant effort is spent on the design of active control systems for flexible flight
vehicle structures. Though main emphasis is put on the application of large space structures,
active systems are equally applied for fixed-wing aircraft (control configured vehicle), helicopters
(vibration control of rotor blades) and missiles. With the development of minute sensors/actuators,
embedded into fiber reinforced composite materials, with feedback control system, a new structural
concept known as ‘smart structures’ is more promising for future aerospace applications. The
application of an active control system is quite involved in terms of fabrication of structure, design
of control law, implementation of controller, etc.. The design of such a system requires multi-input /
multi-output feedback control. Several methods are available in the literature for the design of such
feedback control systems both in the frequency and the time domain. In the time domain, the
optimal control theory and eigenstructure assignment techniques are most popular (Junkins and
Kim, 1993). For a continuous structure, it is desirable to have distributed sensors/actuators in order
to monitor and control the system response effectively. The advancement in ‘smart structures’
technology has brought out the piezoelectric/piezoceramic materials as potential devices for
distributed sensing/actuation purposes. However, improvement in modeling the inherent coupling
characteristics of these active materials has become more significant recently.
Bailey and Hubbard (1985) and Crawley and de Luis (1987) are among the first to explore the
possibility of integrating active material into the conventional structural material to use them as
distributed actuators/sensors. Electromechanical coupling (direct and converse piezoelectric
effects) of piezoelectric material is modeled in finite element formulations by various researchers
(Chandrashekhara and Agarwal, 1993; Chang-qing, Xiao-ming, and Ya-peng, 1996; Lee and
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Saravanos, 1997; Robbins and Reddy, 1991; Saravanos and Heyliger, 1995; Samanta, Ray, and
Bhattacharyya, 1996; Tzou and Tseng, 1991); a detailed survey about the state-of-the-art is given
by Benjeddou (2000). It is reported that some piezoelectric/piezoceramic materials possess strong
electrothermal coupling behavior. This makes the piezoelectric composite structures to experience
coupling between mechanical, electrical and thermal fields. Mindlin (1974) derived a system of twodimensional equations for high frequency motions of crystal plates accounting for coupling of
mechanical, electrical and thermal fields and subsequently applied it to vibrations of piezoelectric
crystal plates. Tzou and Ye (1994) have developed a 3-D piezothermoelastic thin hexahedron finite
element using a variational formulation, which includes electrical, mechanical and thermal
energies. They investigated the thermal influence on sensing and control of piezoelectric PZT/steel
laminates. Sunar (1997) used quasi-static thermopiezoelectric equations in his finite element
formulations to model piezoelectric media. The developed finite element procedures are employed
to study the thermal effects in the control of flexible structures by piezoelectric actuators. He has
shown that the thermal field has a significant effect on transient and steady state closed-loop
system responses.
However, very few studies are reported in the literature, which include modeling of both
electromechanical as well as electrothermal couplings at material level in the finite element
formulations. In addition, there is a need to include the temperature and electric potential as state
variables along with the mechanical displacement, which permits a unified representation of
multiple field couplings of piezoelectric composite structures. Hence, in the present study,
generalized finite element equations of a laminated beam with embedded piezoelectric layers are
derived using the linear equations of piezothermoelasticity, taking temperature, electric potential
and displacements as state variables. First order shear deformation theory of laminated structures
is employed in the finite element formulations. A two noded shear flexible isoparametric beam
element has been developed to model beam extension, bending, bending-stretching coupling,
twisting and twisting-transverse shear coupling along with electromechanical and electrothermal
couplings. Active vibration control of a laminated cantilever beam (PZT/Steel/PZT) is studied using
the developed piezothermoelastic beam element (Raja, Rohwer, and Naganarayana, 1998).
Eigenstructure assignment using constrained state or output feedback is a general approach to
control design for linear multi-variable systems (Andry, Shapiro, and Chung, 1983; Junkins and
Kim, 1993). In the present study, control procedures are developed using eigenstructure
assignment technique and employed in controlling the first three modes of a smart cantilever
beam. Desired eigenvalues are exactly placed and the tip motion of the beam is significantly
reduced by shaping the eigenvectors of the closed-loop system.
GOVERNING EQUATIONS OF PIEZOTHERMOELASTICITY
The linear constitutive equations of piezothermoelasticity expressing the coupling between the
elastic, electric and thermal fields can be defined as
σij = cijklE,T ∈kl − dkijT Ek − λijE,T ∆T,
T

∈,T

Ek + pj

E,T

∈,T

Ek + e ∆T.

Dj = djkl ∈kl + κjk
η

= λkl

∈kl + pk

∈,T

∆T,

(1)
(2)
(3)

where σij is the stress tensor, Dj is the electric displacement vector and η is the entropy per unit
volume. Superscripts E, T, ∈, denote that the material properties are measured at constant electric
field, temperature and strain, respectively. The linearity of the equations implies that effects
induced by mechanical, electrical and thermal quantities are superimposed. Therefore, no
compatibility requirements are to be fulfilled between the fields u, Φ, and T.
The mechanical, electrical, thermal responses of the piezoelectric material can be represented by
the following differential equations respectively
σij,i + ƒbj = ρ üj ,

(4)
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Di ,i = 0 ,
hi ,i

(5)

= - Θ0 η& .

(6)

where ƒbj is the body force, ρ is the mass density and Θ0 is the reference temperature. An index
after a comma denotes partial derivation with respect to that index. The initial conditions for the
independent variables are assumed as u = u& = 0 , T = 0 at time t = t0.
Heat flux hi , mechanical strains ∈ij , and electrical field Ei are defined in terms of temperature
difference ∆T, displacements ui , and scalar electric potential φ, respectively, as follows:
hi = - kij ∆T,j ,

(7)

∈ij = ½ ( uj,i + ui,j ),

(8)

Ei

= - φ,i .

(9)

VARIATIONAL FORMULATION FOR MULTIPLE FIELDS
It is assumed that the piezoelectric continuum will respond to electrical, thermal and mechanical
fields. The energy expression is first formulated for the conservative fields namely the mechanical
and electrical ones. The thermodynamic potential energy density is expressed by the electric
enthalpy density H0. Using the constitutive Equations (1), (2), this electric enthalpy density is
derived as
H0 (∈, E) = ½{∈}T [c] {∈} − {∈}T [d] {E} − {∈}T { λ} ∆T − ½{E}T [κ] {E} − {E}T {p} ∆T )

(10)

The internal energy of the piezoelectric material is
H (∈, E) = ∫ H0 dV

(11)

The work done by the applied mechanical forces and electrical voltage is
Wcf = ∫ {u}T {ƒb} dV + ∫ {u}T {ƒs} dA + {u}T {ƒp} − ∫φ q dAp

(12)

The kinetic energy of the piezoelectric material is defined as
⋅

⋅

KE = ½ ∫ ρ {u }T {u } dV

(13)

The energy expression is directly established for the conservative fields based on Hamilton’s
principle without a damping term, where all variations vanish at t0 and t1 as
t1

δ ΠUE = δ

∫

∫ (KE − H (∈, E) + Wcf ) dt = 0

(14)

t0

The generalised heat equation is
Θ η& = − hi ,i + Q

(15)

where Q is the heat source intensity per unit volume per unit time and Θ = (Θ0 + ∆T) is the
absolute temperature. Using the gradient Equation (7) and by applying the divergence theorem on
the heat equation (assumption: ∆T << Θ0), a functional can be established for this nonconservative field similar to the potential energy functional.
δ ∏T = δ( Θ0 ∫ ∆T η& dV − ∫ ∆T Q dV + ½ ∫ ∆T,i [k] ∆T,j dV + ∫ ∆T h ds1 + ∫ ½ (∆T- Θ0 )2 χ ds2 ) (16)
Therewith, the total energy of a structural system can be expressed taking both conservative and
non-conservative energy terms into consideration. The minimization requirement for a stationary
value of the total energy yields
δ ∏ = δ ( ΠUE) + δ (∏T) = 0

(17)

- 72 -

This gives rise to a weak form, which is the basis for the finite element formulation :
t1

∫

{ ∫ ( ρ {δu}T {ü} + {δ∈}T [c] {∈} − {δ∈}T [d] {E} − {δ∈}T {λ} ∆T−

t0

{δE}T [d]T {∈} − {δE}T [κ] {E} − {δE}T {p} ∆T ) dV } dt −
t1

∫

dt [ ∫ {δu}T {ƒb} dV + ∫ {δu}T {ƒs} dA + {δu}T ƒp − ∫ δφ q dAp ] +

t0

Θ0 ∫ ( δ∆T {λ}T { ε& } + δ∆T {p}T { E& } + δ∆T e ∆ T& )dV − ∫ δ∆T Q dV +
∫ δ∆T,i [k] ∆T,j dV + ∫ δ∆T h ds1 + ∫ (∆T- Θ0 ) δ∆T χ ds2 = 0

(18)

APPROXIMATIONS IN TRANSVERSE DIRECTIONS
Based on the first order shear deformation theory, the mechanical displacement fields are specified
as
u (x, y, z, t) = u0 (x, t) + z u1 (x, t) + y u2 (x, t)
v (x, y, z, t) = v0 (x, t) + z u3 (x, t)

(19)

w (x, y, z, t) = w0 (x, t) + y u3 (x, t)
where u, v, w are the displacement components in x, y, z directions and t is the time. The axial
displacement u0 and the transverse displacements v0 , w0 are expressed at a reference point (mid
surface). The variables u1 and u2 are the cross sectional rotations about y- and z-axes and u3 is the
rotation about the x-axis.
Similarly the total electric potential at any point of the beam is defined as
φ (x, y, z, t) = φ0 (x, t) + 2z/hw φ1 (x, t)

(20)

where φ0 = (φ+ + φ-)/2 is the mean potential with φ+ and φ- being the voltages applied to the two
electroded surfaces of the piezo wafer, φ1 = (φ+ - φ-)/2, and hw is the wafer thickness. In closed
circuit condition the total surface charge developed by mechanical, electrical, and thermal effects is
equal to the applied external surface charge per area. In short circuit condition both the electrodes
are grounded and, therefore, the potential is zero. It means that there is no induced piezoelectric
strain in the beam.
Finally the thermal field is assumed as
∆T (x, y, z, t) = T0 (x, t)+ z T1 (x, t)

(21)

Therewith, the linear gradient relations for mechanical, electrical, thermal fields are described as

{∈} =

∈x

∂u0 / ∂x

λy

∂u1 / ∂x

λz

=

∂u2 / ∂x

∈t

∂u3 / ∂x

γy

u2 + ∂v0 / ∂x

γz

u1 + ∂w0 / ∂x

{E} = { Ex

Ez }T = { − ∂φ / ∂x − ∂φ / ∂z}T = − {( ∂φ0 / ∂x + z ∂φ1 / ∂x )

(22)

φ1 }T

(23)
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∆T,x = ( ∂T0 / ∂x + z ∂T1 / ∂x )

(24)

FINITE ELEMENT FORMULATION
The finite element model presented in this study is based on the first order shear deformation
theory of laminated structures. The functional degrees of freedom fields are isoparametrically
interpolated using linear shape functions. The interpolation functions need to be only C0
continuous.
{ue φe ∆Te} =

∑

Ni {U φ T}i

(25)

i =1, 2

where {U} = { u0 v0 w0 u3 u1 u2 }, {φ} ={φ0 φ1 }, {T} = { T0 T1 }, are the nodal vectors of
mechanical, electrical and thermal d.o.f., respectively, and Ni = are the shape functions. By
substituting Equation (25) into the gradient relations (22), (23), (24) and transforming into the
global co-ordinate system yields
{∈ Ex

Ez ∆T,x }T =

∑

[J]-1 [B]i {u0 v0 w0 u3 u1 u2 φ0 φ1 T0 T1 }iT

(26)

i =1, 2

where [J] is the Jacobian matrix and [B] is the shape function derivative matrix.
electrical d.o.f. : Φ0 , Φ 1
thermal d.o.f. : T0 , T1

kth layer c.s. (not to dimension)
Figure 1. 3D Beam Configuration

If we differentiate the gradient relations with respect to time, we get
∂∈/∂t = [Bu ] {∂U/∂t} ,

∂E/∂t = [Bφ ] {∂φ/∂t}

and

∂∆T, x/∂t = [BT] {∂T/∂t}

(27)

where ∂U/∂t is the velocity component of any point in space and ∂φ/∂t, ∂T/∂t are the time
derivatives of the scalar electric potential and the temperature, respectively. Using Equations (26),
(27), a stationary value of the energy Equation (18) can be sought, which gives the element
matrices.

Muu
 0

 0

 .. 
0 0 U   0
..

0 0 ⋅  φ  +  0
 .. 
0 0 T  − CTu
 

0
0
CTφ

.
0  U  K uu
 .
0  ⋅  φ  + Kφu
.
− CTT  T   0
 

K uφ
− Kφφ
0

− K uT  U   fm 
KφT  ⋅  φ  = fel 
− KTT  T   fth 

where ƒm - mechanical load, ƒel - electrical load, ƒth - thermal load, respectively. Further:
[Muu] = ∫ [Nu]T ρ* [Nu] J dξ consistent mass matrix,
[Kuu] = ∫ [Bu]T [c*] [Bu] J dξ elastic stiffness matrix,

(28)
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[KuΦ] = ∫ [Bu]T [d*] [BΦ] J dξ and [KΦu] = ∫ [BΦ]T [d*]T [Bu] J dξ

piezoelectric stiffness matrices,

[KuT] = ∫ [Bu]T [λ*] [NT] J dξ thermoelastic stiffness matrix,
[KΦΦ] = ∫ [BΦ]T [κ*] [BΦ] J dξ dielectric stiffness matrix,
[KΦT] = ∫ [BΦ]T {p*} [NT] J dξ pyroelectric stiffness matrix,
[KTT] = ∫ [BT]T [k*] [BT] J dξ
T

heat conduction matrix,

* T

[CTu] = Θ0 ∫ [NT] [λ ] [Bu] J dξ thermal expansion rate matrix,
[CTΦ] = Θ0 ∫ [NT]T {p*}T [BΦ] J dξ pyroelectric rate matrix,
[CTT] = Θ0 ∫ [NT]T e* [NT] J dξ heat conduction rate matrix,
and [c*] , [d*] , [κ*] , [p*] , [λ*], [k*] material property matrices.
LAMINA PIEZOTHERMOELASTIC CONSTITUTIVE RELATIONS
Consider the laminated beam in Figure 1, constructed of n layers of material that can have the
material symmetry of an orthorhombic crystal of class mm2 with respect to the principal material
axes of the lamina (1-2-3). The constitutive relations for a typical layer k (1,2,...n) referred to these
axes are written in Equation (29). In any other co-ordinate system the stress-strain relationship can
be transformed using the transformation { σ }x-y-z = [ T ] { σ }1-2-3 and the constitutive matrix [Q′] in
Equation (29) becomes [Q] = [T]T [Q′] [T]. Because of the one-dimensional character of a beam we
can assume that transverse stress components σzz , σyy , τyz , τxy , and the transverse electric
displacement Dy are negligibly small. Subsequently using the standard ‘static condensation’
procedure, the transformed constitutive matrix is shrunk to Equation ( 30).

 σ11   C11
σ  C
 22   12
σ 33  C13
  
 τ 23   0
 τ13   0
 =
 τ12   0
D   0
 1 
 D2   0
D  d
 3   31
 η   λ 1

C12

C13

0

0

0

0

0

− d31

C 22

C 23

0

0

0

0

0

C 23

C 33

0

0

0

0

0

− d32
− d33

0

0

C 44

0

0

0

− d 24

0

0

0

0

C 55

0

− d15

0

0

0

0

0

0

C 66

0

0

0

0

0

0

d15

0

κ11

0

0

0

0

d 24

0

0

0

κ 22

0

d32

d33

0

0

0

0

0

κ 33

λ2

λ3

0

0

0

p1

p2

p3

0
σ xx   Q m* 11
τ  
Q m* 55
 xz   0
*
Dx  =  0
Q PE
15
   *
D
Q
0
 z   PE 31
 η   Q *TE1
0


0

*
Q PE
31

*
Q PE
15

0

*
Q DE
11
0

Q P* 1

0
Q

*
DE 33
*
P3

Q

Q *TE1  ε xx 
  
0   γ xz 
Q P* 1  ⋅ E x 
  
Q P* 3   E z 
Q *T   ∆T 

− λ 1   ε 11 
− λ 2  ε 22 
− λ 3  ε 33 
  
0   γ 23 
0   γ 13 
⋅ 
0   γ 12 
p1   E1 
  
p2  E2 
p3  E3 
  
e   ∆T 

(29)

(30)

Therewith, the subscripts denote the following: m – mechanic, PE – piezoelectric, DE – dielectric,
TE – thermoelectric, P – pyroelectric, and T – thermal.
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The total mechanical strain in x-direction is composed of stretching and curvatures about y- and zaxes. The twisting strain at any point in the beam can be resolved into two components and they
are coupled with the shear strains in y- and z- directions. However, it is assumed that the
transverse shear strains are not coupled with the normal strains. Using Equation (30), the stress
resultants introduced by mechanical, electrical, and thermal effects are given in the following way
Nx = Q*m11 ( t1 b1 ∈x + t2 b1 λy + t1 b2 λz ) + Q*PE31 ( t1 b1 Ez ) − Q*TE1 ( t1 b1 ∆Tm )
My = Q*m11 ( t2 b1 ∈x + t3 b1 λy + t2 b2 λz ) + Q*PE31 ( t2 b1 Ez ) − Q*TE1 ( t3 b1 ∆Tb )
Mz = Q*m11 ( t1 b2 ∈x + t2 b2 λy + t1 b3 λz ) + Q*PE31 ( t1 b2 Ez ) − Q*TE1 ( t2 b2 ∆Tb)
Tx = (Q**m55 t1 b3 + Q**m66 t3 b1 ) ∈t + Q**m55 ( t1 b2 γz )+ Q**m66 ( t2 b1 γy ) + Q*PE15 ( t1 b2 Ex )
Qz = Q**m55 (t1 b2 ∈t+ t1 b1 γz )+Q*PE15 (t1 b1 Ex )
Qy = Q**m66 (t2 b1 ∈t + t1 b1 γy )
DNx = Q*PE15 ( t1 b1 γz ) − Q*DE11 ( t1 b1 Ex )+ QP1 (t1 b1 ∆Tm )
DMy = − Q*DE11 ( t3 b1 Ex ) + QP1 (t3 b1 ∆Tb )
Dz = Q*PE31 ( t1 b1 ∈x + t2 b1 λy + t1 b2 λz ) − Q*DE33 ( t1 b1 Ez ) + Q*P3 (t1 b1 ∆Tm )
where Q**m55 and Q**m66
correction factors and

tm =

∑ (h

k =1,n

m
k +1

)

− hmk / m ,

(31)

are the transverse shear stiffnesses reduced by adequate shear

bm =

∑ (R

k =1,n

m
k

)

− Lmk / m

(32)

where hk , Rk , Lk are the positional properties of the kth layer, and n is the total number of the
layers.
CONDENSATION OF SYSTEM MATRICES
The actuator and sensor equations for the global static solution can be written from Equation (28)
as
{U} = [Kuu]-1 ( {ƒm} − [KuΦ] {φa}+[KuT] {T} ) and {φs} = [KΦΦ]-1 ( [KΦu] {U}+[KΦT] {T} − {ƒel} )

(33)

where {φa} and {φs} are actuator and sensor voltage, respectively.
It is important to note that the external electrical force {ƒel} usually will be zero, when the distributed
sensors are in operation. Eliminating the electric potentials from Eqation (28) by means of Guyan’s
reduction scheme, a global dynamic equation can be formed as
[Muu] {Ü} + [Ku*] {U} = {ƒm} + [KΦ*]{ƒel} − [KT*]{T}
where

[Ku*]

-1

= [Kuu] + [KuΦ] [KΦΦ] [KΦu] ,

*

(34)
-1

[KΦ ] = [KuΦ] [KΦΦ] ,

[KT*]

-1

= [KuΦ] [KΦΦ] [KΦT] − [KuT] .

The system Equation (34) has three force components, the mechanical {ƒm}, the electrical [KΦ*]{ƒel}
and thermal [KT*]{T}. In this, the electrical component is regarded as feedback control input force.
The presence of other force components namely mechanical and thermal forces, however can
influence the equilibrium of the structure (Tzou and Ye, 1994).
ACTIVE VIBRATION CONTROL BY EIGENSTRUCTURE ASSIGNMENT
The vibration motion of a laminated piezoelectric composite beam with feedback control can be
described by the following equation, assuming that the system is conservative.
[Muu] {Ü} + [Ku*] {U} = [B0] {φa}

(35)
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where [Muu ] is the consistent mass matrix, [Ku* ] is the stiffness matrix, [B0 ] is the control influence
matrix, {U} is the state vector and {φa} is the control input vector (φa is feedback voltage = {ƒel } /C =
charge/capacitance ). The sensor equation in the nodal state space is
{φs} = [G] {U}

(36)

where {φs} is the output vector, [G] is the measurement matrix, and the vector {U} contains
displacement and velocity. But practically the piezoelectric sensor will output only voltage for
displacement (direct effect) and its time derivative is velocity. Therefore, the output vector is
{φs} = { φs1 φs2 .... φsn }T

(37)

where 1,2...n is the number of sensor outputs and the signal of the kth sensor is given by the
expression
φsk = KΦΦk-1 KΦuk Uk

(38)

For active control, the following feedback control law is assumed
{φa} = [Fd] {φs} + [Fv] { φ& S }

(39)

with [Fd ] being the displacement feedback control gain and [Fv ] being the velocity feedback control
gain. The feedback charge applied to the piezoelectric actuator is determined using the gain
matrix, the sensor output signal and the capacitance C of the piezoelectric actuator as
{ƒel } = C [ Fd {φs} + Fv { φ& S } ]

(40)

The feedback control force is calculated as
{Ffeed} = [KuΦ] [KΦΦ]-1 [Fd] [KΦΦ]-1 [KΦu] {U}+ [KuΦ] [KΦΦ]-1 [Fv] [KΦΦ]-1 [KΦu] { U& }

(41)

Substituting this feedback control force into the dynamic equation, we get
[Muu] { Ü }+([KuΦ] [KΦΦ]-1 [Fv] [KΦΦ]-1 [KΦu]) { U& }+([Ku*] +[KuΦ] [KΦΦ]-1 [Fd] [KΦΦ]-1 [KΦu]) {U} = {ƒm} (42)
The induced control force by the feedback charge has effectively enhanced the system damping
and stiffness matrix. Without feedback forces and external mechanical forces the eigenvalues /
eigenvectors of the open-loop system are obtained as
{ Ü } = [ Muu-1 Ku* ] {U} and ( [Muu-1 Ku* ] - [Λi ] ) {ψi} =0

(43)

where Λi = ± ωi2 are the eigenvalues of [Muu-1 Ku* ] and ψi are the corresponding eigenvectors. The
equation of motion can be written in state-space form as
& (t) = A U (t) + B φa (t)
U

(44)

where
−1 *
0 − Muu
Ku 
A=

0
I


;

M −1 K * 
B =  uu Φ 
 0 

,

and [ Ι ] is the identity matrix of appropriate dimension.
The objectives of the vibration control are frequency control, i.e. to alter the eigenvalue such that
the system remains stable, and amplitude control, i.e. to reduce the vibration amplitude. Therefore,
the controller design (gain matrix estimation) has to be such that the amplitude of the
corresponding elements of the closed-loop system eigenvectors are to be reduced significantly as
compared to the open loop ones. In order to achieve these targets for a cantilever beam, a set of
desired eigenvalues Λid and their associated eigenvectors ψid are chosen in such a way that their
norms remain the same as those of open-loop system but the amplitude of the element
corresponding to the free end of the beam is ten times smaller than that of the open-loop system.
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The system response U( t ) is a linear combination of the set of desired eigenvectors ψid. By
substituting Equations (36) and (39) into Equation (44), we get
[( A + B F G) − Λid Ι ] {ψid} = 0

(45)

Now, the task is to determine the feedback gain matrix [F], such that the eigenvalues /
eigenvectors of the closed-loop system are as close as possible to the desired values. In the
problem of pole allocation and eigenstructure assignment, it is assumed that the desired closedloop eigenvectors can be a linear combination of ‘r’ open-loop eigenvectors, if ‘r’ modes are to be
controlled. The open-loop eigenvectors can be arranged in a matrix form as
[ψio] = [ψ1 ψ2 ψ3 ..... ψr ]

(46)

Then the desired closed-loop eigenvectors are estimated as follows.
{ψid} = [ξ] [ψio]

(47)

where ξ is a matrix of appropriate size with 1 or 0 as elements, where 1 denotes the specified
element and 0 is a non-specified element corresponding to the open-loop eigenvector.
With
mi = F G ψid

(48)

equation (44) reads
ψid = [ Λid Ι − A]-1 B mi

(49)

The implication of Equation (48) is very significant because the ith eigenvector corresponding to Λid
must lie in the space spanned by the columns of [ Λid Ι − A]-1 B. The vector mi has a particular role
in the controller design and is further used as a design quantity in the analysis. From Equation
(49), we have
mi = ( LiT Li )-1 LiT ψid

(50)

where Li = [ Λid Ι − A]-1 B. The achievable eigenvectors ψia can be obtained from this modal control
vector mi as
ψia = Li mi

(51)

Finally the feedback gain matrix is determined using these achievable eigenvectors as the desired
eigenvectors of Equation (45).
[F] = (BT B)-1 BT (ψia Λid − A ψia ) (Gψia)-1

(52)

NUMERICAL EXAMPLES
Dynamic Analysis of a Laminated Piezoelectric Composite Beam
Calculating natural frequencies of a cantilever beam with an active layer and comparing with
results from the open literature will demonstrate the reliability and the accuracy of the developed
finite element model. The beam has aluminum as substrate along with an adhesive layer and a
piezoceramic layer ( PZT-4 ). The length of the beam is 0.154 m, the ply thicknesses are 1.524
mm, 0.254 mm and 15.24 mm for the PZT-4, the adhesive and the aluminum layer, respectively.
The material properties are : Young’s moduli YPZT = 83.0 GPa, Yadh. = 6.9 GPa, YAl = 68.9 GPa;
shear moduli SPZT = 31.0 GPa, Sadh. = 2.46 GPa, SAl = 27.6 GPa; Poisson’s ratios νPZT = 0.31, νadh.
= 0.4, νAl = 0.25; density values ρPZT = 7600 kg/m3, ρadh. = 1662 kg/m3, ρAL = 2769 kg/m3. For PZT
the piezoelectric constant d31 = -10.126 C/m2 and the dielectric constants are κ11 = κ33 = 11.53 ×109
F/m. Free vibration analysis is carried-out and the natural frequencies are estimated using
Equation (33). The computed natural frequencies given in Table 1 show convergence and good
agreement with the results reported by Saravanos and Heyliger (1995) and Robbins and Reddy
(1991).
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Effect of Thermal Field on Elastic and Electric Media
The capability of the developed piezo-pyro beam element to model the thermal effect on elastic
and electric media is studied by modeling a cantilever laminated (PZT/Steel/PZT) beam under
uniform thermal load. The dimensions and material properties of the beam are given in Table 2.
When the beam is exposed to an elevated temperature, the thermal strain has generated the
sensory output voltage due to the presence of piezoelectric coupling. On the other hand, due to
pyroelectric effect, the thermal field has also generated sensory voltage. Both the effects are
studied separately and the thermal strain effect has been observed as more significant in
generating sensory output voltage. In Figure 2 the predicted results are compared with those by
Tzou and Ye (1994).
Table 1. Predicted natural frequencies in Hz (PZT-4/Adhesive/Al)
Mod
e
1
2
3
4
5

No. of
Elements
10
20
10
20
10
20
10
20
10
20

Present
Element

Saravanos and
Heylinger (1995)

Robbins and Reddy
(1991)

w= const.

SDBT model

567.1
544.2
3287.0
3242.0
8976.0
8496.0
16582.0
15391.0
-

538.6
538.4
3259.1
3204.6
8768.6
8395.5
16452.5
15196.7
26164.9
22632.7

552.2
533.3
3263.5
3203.3
8862.6
8467.5
16832.9
15490.4
27058.7
23854.1

Table 2 Material properties and dimensions of a laminated beam
Material Properties and Dimensions

Steel

PZT

Elastic Moduli Y11, Y22, Y33 (Gpa)

68.95

63.0

Shear Moduli S12, S13 (GPa)

26.52

24.23

0.3

0.3

7750

7600

0

11.28

0

1.65

0

0.25

Poisson’s Ratio ν13
Density ρ (kg/m3)
Piezoelectric Constant d13 (C/m2)
Dielectric Constants κ11, κ33 (F/m) × 10

-8

Pyroelectric Constants p1, p3 (C/M2 K) × 10-4
Thermal Expansions α11, α33 (1/°C)

1.1 × 10-5 1.2 × 10-4

Ply Thickness (mm)

6.35

0.254

Width (mm)

50.8

50.8

Length (mm)

1000

1000

- 79 -

Active Vibration control of a Laminated Piezoelectric Beam
Efficiency and accuracy of the developed finite element and the control procedures are tested with
a simple cantilever beam problem. The dimensions are given in Figure 3 along with
actuator/sensor locations and material properties. This beam is discretized using 12 elements and
dynamic analysis is carried out to examine the element capacity to model the dynamic behavior of
the beam. The first mode frequency predicted by the present element as f1 = 5.3905 Hz compares
very well with the value of f1 = 5.40 Hz reported by Tzou and Tseng (1991). As mentioned earlier,
the main objectives of active vibration control are to place the desired eigenvalues (first three
modes) and control the tip motion of the cantilever smart beam. In the present control study model,
two actuators are employed. The following shape constraints are imposed in the control study:
Deflection at the free end is to be 1/10th of the open-loop system and the deflection remains the
same at grid point 4 as in the open-loop system. The optimal positions of the actuators and
sensors are selected by minimizing the number of unstable modes. The flow chart of the control
scheme is presented in Figure 3.
110
105
100
95
90
85
80
75
70
65
60
55
50
45
40
35
30
25
20
15
10
5
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----- H.S. Tzou et al. [15]
____ present element
Thermal strain effect
Pyroelectric effect

0
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40

Temperature Variation (°C)
Figure 2 Voltage generations due to uniform thermal load
control scheme :
1. Formulation of [K*] , [M]
Eq. (28),
2. Open-loop eigen values/vectors estimation , Eq. (42),
3. Choose desired eigen vectors { ψid} i= 1,..r, Eq. (46),
4. Impose shape constraints on { ψid} i= 1,..r
5. Define or Modify,
Lay-up: [PZT/Steel/PZT], Width = 50.8 mm
Ply thickness: PZT= 254 µm, Steel = 6.35 mm
material properties

Steel
2

11

Elastic modulus (N/m ) 2.1 × 10
2

10

PZT
6.3 × 1010
10

Shear modulus (N/m ) 8.08 × 10
2.42 × 10
Poisson’s Ratio
0.3
0.3
Mass density
2
4
7.75 × 103 7.6 × 103
ρ (N-sec /m )
Piezoelectric constant
2
0
11.28
d31 (C/m )
Dielectric constant
κ11 , κ33 (Farad/m)

0

1.65 ×10-8

a) Desired eigen values Λd = ΛR ± j ΛI
b) Actuators location in B0
c) Sensors locations in G
6. Compute modal control vector mi Eq. (49),
7. Compute achievable eigen vector {ψia} i= 1,..r, Eq. (50),
8. Compute constant gain matrix F Eq. (51),
Check F is real,
Yes → go to 9; No → go to 5 (modify ΛR, B0 , G)
9. Perform response analysis of closed-loop system
(step or impulse),
Check the unstable modes, if 0, end.
Yes → go to 5 (optimise ΛR , modify B0 , G ),
Check unstable modes reduced or equal,
Yes → go to 5;
No → end.

Figure 3 Cantilever PZT/Steel/PZT configuration with actuator/sensor locations and the control scheme used
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The following states are assumed to be measured U2 , U6, U10 (displacements at positions 2, 6, 10)
and U16 , U20 ,U24 (velocities at positions 4, 8, 12). To measure the displacement, a charge
amplifier can be connected to the sensor layer and in case of a velocity measurement, a current
amplifier can be adopted. The desired eigenvalue of the closed-loop system is chosen as
Λd = Λ R ± jΛ I

where ΛI = ωd is the damped natural frequency (rad/sec) and the damping factor ς is
ς = −Λ R /

ΛR 2 + ΛI2 .

The closed-loop desired eigenvalues are given below along with the open-loop eigenvalues in
bracket. Since, for simplicity reasons, the rotatory inertia is statically condensed in the structural
model for control study, the frequencies are slightly higher. For example the first mode frequency is
f1 = 5.44 Hz instead of 5.3905 Hz .
Λd1,2 = − 2.0 ± j 30.0 ( − 0 ± j 34.19 )
Λd3,4 = − 2.5 ± j 200.0 ( − 0 ± j 215.18 )
Λd5,6 = − 6.5 ± j 600.0 ( − 0 ± j 622.25 )
4.00
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3.00

---- open-loop response

2.50

___ closed-loop response

Magnitude
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Frequency (rad/sec)

0.00
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Figure 4 Frequency response of the controlled modes
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Figure 5 First mode shape of the smart cantilever beam
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Figure 6 Second mode shape of the smart cantilever beam
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Figure 7 Third mode shape of the smart cantilever

Table 3. Dynamic characteristics of a smart beam, open-loop and closed-loop
Mode

Open-loop
Damping
(%)

Frequency
(rad/sec)

Closed-loop
Damping
(%)

Frequency
(rad/sec)

1,2

0

± 34.19

6.65

± 30.06

3,4

0

± 215.18

1.25

± 200.02

5,6

0

± 622.25

1.08

± 600.04

7,8

0

± 1289.51

2.22

± 1214.9

9,10

0

± 2302.89

0.90

± 2243.4

11,12

0

± 3824.29

0.95

± 3847.0

13,14

0

± 6127.07

0.51

± 6113.9

15,16

0

± 9494.63

0.45

± 9528.0

17,18

0

± 14847.95

0.52

± 14850.0

19,20

0

± 25649.66

0.02

± 25653.0

21,22

0

± 43355.17

0.06

± 43358.0

23,24

0

± 130891.75

0.15

± 130888.0
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The real parts in these eigenvalues are arrived at optimum values after considering the facts that
the unstable modes are minimum and also the developed control scheme could be successfully
applied to place the poles. Figure 4 shows the frequency response of the closed-loop system, in
which it is clear that the amplitudes of the controlled modes are significantly reduced. From Table
3, we can observe how exactly the first three eigenvalues are altered without affecting much of the
other modes. Moreover it is worth noticing that the damping factors of the desired eigenvalues,
actuator/sensor locations are found to be significant factors in order to arrive at a constant gain
matrix (controller), which not only controls few elastic modes, but also keeps the system stable.
The uncontrolled and controlled mode shapes of the first three modes are depicted in Figures 5, 6,
7. It is observed that the tip displacement of the smart PZT/Steel/PZT cantilever beam has been
significantly reduced by shaping the eigenvectors of the closed-loop system. So it is clearly
demonstrated that eigenvalues as well as eigenvectors of the first three modes are altered in a
desired way using the output feedback controller designed by eigenstructure assignment
technique, in which the output is assumed to be measured using distributed PZT sensors and the
actuating forces are applied to the distributed PZT actuators.
CONCLUSIONS
Piezothermoelastic finite element equations of a laminated beam with embedded piezoelectric
materials are derived using the linear equations of piezothermoelasticity. They include
contributions from elastic, thermoelastic, piezoelectric, dielectric, pyroelectric and heat
components. Thermal effect on elastic and electric media is studied by modeling a PZT/Steel/PZT
beam under a uniform thermal load. Both thermal strain effect and direct pyroelectric effect
generated sensory voltages, however, the thermal strain effect is of greater significance. The study
shows that inclusion of temperature and electric potential as state variables make the finite
element formulation an efficient tool to model multiple fields coupling effects. Electrothermal
coupling should be modeled in addition to electromechanical coupling. Using the developed
piezothermoelastic beam element, an active vibration control of PZT/Steel/PZT beam is studied.
Eigenstructure assignment technique using output feedback is employed in the controller design.
The first three dynamic modes are controlled by placing the desired eigenvalues exactly. And the
tip motion of the cantilever smart beam is significantly reduced by shaping the eigenvectors of the
closed-loop system.
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A New Strength Model for Application of a Physically Based
Failure Criterion to Orthogonal 3D Fiber Reinforced Plastics⊗
J. Juhasz, R. Rolfes, K. Rohwer
German Aerospace Center (DLR), Institute of Structural Mechanics, Lilienthalplatz 7,
38108 Braunschweig, Germany

ABSTRACT
A strength model for 3D fiber reinforced plastics consisting of unidirectional layers with a high inplane fiber density and additional reinforcements perpendicular to the layers with a significantly
lower fiber density is presented. The strength model aims to enhance the application range of an
existing, physically based failure criterion for inter fiber fracture of unidirectional fiber reinforced
layers to the mentioned configuration of 3D-composites. In doing so the fundamental physical
basis, the fracture hypothesis of Mohr, and the general mathematical formulation of the criterion
are sustained. The enhancement of the application range is achieved by employing a continuous
interpolation between the basic strengths of an orthogonal 3D fiber reinforced layer.
INTRODUCTION
One of the most challenging problems in the analysis of the anisotropic mechanical properties of
unidirectional fiber reinforced composites has been the development of adequate failure criteria.
Amongst all existing criteria such with macromechanical-phenomenological character, applied to
single unidirectional composite layers and using macroscopical stresses and average strengths of
these homogenized anisotropic layers are suitable for practical applications. Such criteria exhibit
reasonable computational effort, easy determination of material parameters and applicability for
design purposes as well as for damage progression analyses. Further on, experimental
experiences allow for the following hypothesis:
H1:

A fiber reinforced composite layer has different failure modes: Fiber Fracture (FF) and
Inter Fiber Fracture (IFF). FF and IFF are of different nature and require therefore
different failure criteria [1].

For FF a solution is relatively simple. Experimental results show that FF occurs as primary failure
mode of a defect-free composite layer only for normal loads in directions very close to the fiber
direction (within approximately 2°). This suggests the following simple max-stress criterion for FF:

σ
R ( +,− )

⊗ published in:

= 1,

Composite Science and Technology 61 (2001) 1821-1832
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(1)
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where σ

is the stress and R ( +,− ) are the strengths of the unidirectional layer for tensile (+) and

compressive (-) loads in fiber direction. Puck [2] discussed that more sophisticated models which
include the influence of shear and transverse normal stresses on FF lead to deviations less than
5%. Therefore the simplest model should be used. Equation (1) is valid for composites where the
strain to failure of the fibers is less than that of the matrix. Only in this case FF occurs before IFF
and the fiber strength dominates the strength of the layer for normal loads in fiber direction.
MOHR’S FRACTURE HYPOTHESIS FOR BRITTLE MATERIALS AS PHYSICAL BASE FOR IFF
OF UNIDIRECTIONAL COMPOSITE LAYERS
Failure of the matrix material of fiber reinforced plastics can be looked upon as brittle. Thus a valid
physical base for IFF is Mohr’s fracture hypothesis for brittle materials [3]:
H2:

The fracture limit of a brittle material is governed by the stresses in the fracture plane.

Hashin [1] postulated the idea to adapt Mohr’s fracture plane concept to IFF of unidirectional
composite layers. He established the following hypotheses:
H3:

IFF always occurs on a plane parallel to the fibers. On such planes no fiber fracture
occurs.

H4:

If a fiber parallel fracture plane under a fracture angle θ can be identified, IFF will be
caused by the interaction of the normal stress σ N and the shear stresses τ NT and τ NL
in the fracture plane (Figure 1). Therefore an IFF-criterion should be formulated in
stresses and strengths of the fracture plane.
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Figure 1 : Components of the stress tensor and stresses in the fracture plane of an unidirectional element

Hashin’s idea has been taken up by Puck. Based on his experimental experience he established
the following additional hypotheses which refine Hashin’s original approach:
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H5:

If σ N ≥ 0 , then IFF will be caused by the simultaneously acting transverse tensile stress

σ N and the transverse shear stresses τ NT and τ NL .
H6:

If σ N < 0 , then the transverse compressive stress σ N generates an additional
resistance against the fracture caused by the transverse shear stresses τ NT and τ NL .

Puck [2] developed a mathematical model of a fracture body taking H2 to H6 into account and
established the first failure criterion for IFF of unidirectional composite layers with brittle matrix
material based on Mohr’s fracture hypothesis, the Parabolic Criterion of Puck (PCP).
On the basis of a work by Jeltsch-Fricker [4], Cuntze et al. [5] studied a number of fracture bodies
based on Mohr’s fracture hypothesis, including the PCP. The different models were examined in
consideration of numerical stability, flexibility for data fitting, experimental effort for determining
material parameters and ease of application. Cuntze et al. recommended the so called Simple
Parabolic Criterion (SPC). In comparison to the PCP this criterion can be less accurate regarding
the data fitting of experimental results, but it offers increased numerical stability and ease of
application. The following derivation will use the SPC as a starting point.
MATHEMATICAL FORMULATION OF THE SPC FOR IFF
OF UNIDIRECTIONAL COMPOSITE LAYERS
Basically the surface of a fracture body in the 6-dimensional stress space can be described by the
following equation [5]:

F(σ) = 1,

(2)

where σ is the stress tensor. Values F(σ) ≥ 1 indicate failure. A positive factor fR (σ) can be
defined by which a stress state has to be multiplied to make the left-hand side of equation (2) equal
to 1:

F( fR (σ) ⋅ σ) = 1

(3)

fR (σ) is called reserve factor. If F(σ) is homogeneous in σ , then fR (σ) can be calculated as
follows:

fR ( σ ) =

1
k

F(σ)

,

(4)

where k is the order of homogeneity. The reserve factor has an infinite value for σ = 0 . Therefore it
is numerically more advantageous to use the reciprocal of fR (σ) , the material effort ME . The well
known Margin of Safety (MoS) is linked to both parameters:

MoS = fR − 1 =

1
−1
ME

(5)
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The SPC is represented by the following analytical expressions [5]:

σN ≥ 0 :

σN < 0 :

(1 − p )

(+) 2

(p )

(−) 2

2

 σ N   τ NT
 ( + )  + 
R 
 N   R NT
2

 σ N   τ NT

 +
 R ( − )   R NT
 y 

2

2

  τ NL
 + 
  R NL

  τ NL
 + 
  R NL

2


σ
 + p ( + ) (N+ ) = 1
RN


(6)

2


σ
 + p ( − ) (N− ) = 1
Ry


(7)

The criterion is formulated solely in stresses and strengths of the fracture plane and forms an
ellipsoid for σ N ≥ 0 (presumed 0 < p ( + ) < 0.5 ) and a paraboloid for σ N < 0 . The parameters p ( +,− )
represent gradients of the fracture body at certain points (explained in detail below). A
quadratic-additive interaction between the fracture plane stresses is assumed. There is no physical
rationale for this, it is simply the most effective way to match experimental results by curve
fitting [1]. The criterion is homogenous of order one in σ . Therefore, presumed that only external
loads are applied, the left-hand sides of equations (6) and (7) represent the material effort ME .
The stress tensor σ in the (x, y, z)-system has to be transformed into the (L, N, T)-system (Figure
1). Both the (x, y, z)- and the (L, N, T)-system are orthonormal coordinate systems. The axes of the
(x, y, z)-system correspond to the material axes of the layer. Axis L of the (L, N, T)-system is equal
to the fiber direction x of the layer, N represents the normal direction of the fracture plane and T is
orthonormal to L, N. Due to H3 only a rotation of the normal vector of the fracture plane about the
fiber axis is necessary to cover all possible orientations of the fracture plane. Hence θ can vary
from 0 ≤ θ ≤ π (Figure 1). The stresses in the fracture plane can then be calculated by tensor
transformation:

σ N = σ y sin 2 θ + σ z sin 2 θ + τ yz sin 2θ

(8)

τ NT = 1/ 2(σ y − σ z )sin 2θ + τ yz cos 2θ

(9)

τ NL = −τ xy sin θ − τ xz cos θ

(10)

Failure will occur at the angle θ max that makes the left-hand side of equation (6) or (7) a global
maximum. For a general 3D stress state no analytical solutions for extrema of these equations are
known, the maximum has to be calculated in a numerical-iterative way.
Cuntze et al. [5] transformed the strengths of a layer into the strengths of the fracture plane as
follows:

R N( + ) = R (y+ ) = R (z+ )

(11)

R NL = R xy = R xz

(12)

R NT =

R (y− )
1 + 1 + 2p ( − )

(13)
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R (y+ ) , R (y− ) , R xy can be determined by means of simple experiments. R yz is not directly
measurable [5].

Therefore

R NT

has

to

be calculated from

R (y− )

using

equation (13).

Within the SPC the following coupling between the gradient of the fracture body m NL in the

(σ N , τ NL ) -plane and the gradient mNT in the (σ N , τ NT ) -plane is assumed:
( +,− )
( +, − )
mNL
m NT
=
R NL
R NT

(14)

The upper index (+,-) points to approaching σ N = 0 from positive or negative values, respectively.
Equation (14) increases the numerical stability of the SPC compared to the PCP. Especially a
constriction of the fracture body profile for σ N → −∞ , an effect that can not be observed in the real
material behavior, is prevented [5]. The gradients are linked to the parameters p ( +,− ) in the
following way:

p ( +, − ) = −

R N( +,− ) ( +,− )
m NL
R NL

0 < p ( + ) < 1/ 2

(15)
(16)

The limitation (16) ensures that equation (6) forms an ellipsoid for σ N ≥ 0 . For both parameters

p ( +,− ) numerical values can be determined by appropriate tests [5].
There may be an influence of σ x on IFF. Puck [2] suggests to weaken all layer strengths by a
factor f w ( σ x ) unless

σx
< 0. 7 .
R (x+,− )

(17)

Experimental determination of the influence of the fiber parallel stress σ x on IFF is difficult. In this
paper only those stress states will be considered for which equation (17) holds.
THE SITUATION FOR 3D FIBER REINFORCED PLASTICS
Conventional composite structures consist of unidirectional layers with in-plane fiber
reinforcements in layerwise constant orientations. 3D fiber reinforced composites use additional
fiber reinforcements in any out-of-plane direction. While such structures offer improved strength in
these directions, the in-plane strength of the layer may be decreased significantly due to increased
fiber waviness [6]. Therefore it is not reasonable to use the same fiber density in out-of-plane
directions as in the main fiber direction of the layer. Such a design would just be ineffective and
would not take full advantage of the high specific fiber strength. In addition, the manufacturing
process of out-of-plane fiber reinforcements is technologically expensive. Easiest to manufacture is
a 3D composite with fiber reinforcements perpendicular to the layers. Thus a very common
configuration of 3D composites will consist of unidirectional layers with high in-plane fiber density
and additional reinforcements exactly perpendicular to the layers with a significantly lower
fiber density. The failure criterion to be set up will deal with such a configuration.
The prediction of fracture limits as well as fracture angles using the PCP and SPC has been
experimentally verified for unidirectional composites for some selected states of combined stresses
[2]/[5]. The PCP and SPC assume unidirectional layers being transversally isotropic, an
idealization that is no longer valid for 3D composite layers. Nevertheless, it can be assumed that
the fracture hypothesis of Mohr and the additional hypotheses H2 to H6 remain valid – with certain
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restrictions - even for IFF of 3D reinforced plastics of the type described above. Then the general
mathematical concept and formulation of the SPC, which are based on these hypotheses, can be
retained. However, some questions arise:
The variation of the fracture angle
According to H3 IFF only occurs on planes parallel to fibers. For a z-reinforced layer with x being
the main fiber direction there exists only one fiber parallel plane: the x-z plane (Figure 1). Uniaxial
off-axis tests with woven fabrics can simulate the behavior of such layers under plane stress
conditions in the x-z plane. Such tests are described in section 0. They reveal that, if the fiber
density in x-direction is significantly higher than that in z-direction, IFF occurs in planes parallel
to x, but not solely in the x-z plane ( θ = 90 o ). Thus θ still has to be varied to cover all possible
orientations of the fracture plane for IFF. The possible range of θ will be 2 o ≤ θ ≤ 178 o . For
0 o ≤ θ < 2 o and 178 o < θ ≤ 180 o the failure mode is FF of the vertical reinforcements.
The strength parameters
It should be kept in mind that the SPC is a mathematical model based on physical hypotheses and
experimental experiences. The parameters of this model have to be adapted to the material
behavior. This concerns the strengths of the fracture plane R N( +,− ) , R NL , R NT and the gradient
parameters p ( +,− ) . The basic strengths of a material are linked to these parameters in a determined
way. For different kinds of materials the basic strengths will have not only different values, it is
possible that these values have to enter into the parameters of the criterion in a different
mathematical way. The SPC assumes a very simple strength model for unidirectional fiber
reinforced plastics according to equations (11) to (13). This model is not adequate for 3D fiber
reinforced plastics for the following reasons:
•

Puck [2] discussed that the assumption R N( + ) = R (y+ ) = R (z+ ) is an idealization and only valid for

R NT > R N( + ) . Since the purpose of a z-reinforcement is to increase R (z+,− ) and consequently also
R N( + ) , this can in general not be presumed for 3D reinforced layers.
•

For θ = 0 or θ = π (z-direction, see Figure 1) the PCP and the SPC indicate delamination as
failure mode. Puck [2] recommends to use decreased strength values R N( +,− ) for this fracture
plane orientation. This implies R (y+,− ) ≠ R (z+,− ) , which can not be explicitly accounted for in the
PCP/SPC due to the assumption of transversal isotropy. The problem becomes even worse if
z-reinforcements are used ( R (y+,− ) << R (z+,− ) ).

Hence a new strength model for R N( +,− ) , R NT and R NL that allows for different strengths R (y+,− ) and

R (z+,− ) has to be developed. Of course the development of such a model must be based on
experimental results. Very beneficial and easy to perform experiments are uniaxial off-axis tests
under normal loads. Using data points for the IFF-strength for various off-axis angles, normal as
well as shear strength values can be determined simultaneously (see sections 0. to 0). For
orthogonal 3D fiber reinforced plastics the strength behavior for plane stresses in the x-y, x-z and
y-z plane is of interest. The x-y and y-z plane are planes with fiber reinforcements in one direction,
the x-z plane is a plane with fiber reinforcements in two directions.

IFF-strength for plane stress in the x-y plane
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As mentioned above the additional fiber reinforcement in z-direction weakens the fiber dominated
strength in x-direction due to increased fiber ondulation. Therefore the absolute in-plane strength of
the layer is decreased. However, the dependency of the IFF strength on the off-axis load angle
should remain similar to that of a unidirectional layer. Uniaxial off-axis tension test results for
unidirectional composites have been reported e.g. by Hashin and Rotem [7] and are plotted in
Figure 2.
The chart shows the IFF-strength of a unidirectional layer R IFF as function of the angle α between
the fiber axis and the load axis as measured by Hashin and Rotem. This angle varies from the
x-axis (α = 0o) to the y-axis (α = 90o). For 0 o ≤ α < 2 o the failure mode is FF, otherwise IFF.
According to Figure 2 the criterion has to model a hyperbolic decrease of R IFF with increasing
off-axis angle from R IFF = R (x+ ) for α = 2o to R IFF = R (y+ ) for α = 90o.

IFF-strength for plane stress in the y-z plane
The off-axis angle α now varies from the z-axis (α = 0o) to the y-axis (α = 90o). For 0 o ≤ α < 2 o the
failure mode is FF, otherwise IFF. The strength behavior is similar to that in the x-y plane. The only
difference is a different curve shape due to R (z+ ) < R (x+ ) . The criterion has to model a hyperbolic
decrease of R IFF with increasing off-axis angle from R IFF = R (z+ ) for α = 2o to R IFF = R (y+ ) for α =
90o.

Figure 2 : Test results by Hashin and Rotem [7] for off-axis loads in the x-y plane

IFF-strength for plane stress in the x-z plane
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In this plane the situation is somewhat different because of fiber reinforcements in two directions.
The off-axis angle α now varies from the x-axis (α = 0o) to the z-axis (α = 90o). For 0 o ≤ α < 2 o and
88 o < α ≤ 90 o the failure mode is FF, otherwise IFF.
The authors have carried out uniaxial tension tests with off-axis specimen to determine the
strength behavior between two fiber dominated strengths R (x+ ) and R (z+ ) of a layer. Using woven
fabrics with different fiber densities in fill and warp direction is a simple and effective way to
manufacture such specimens. The fill direction with the higher fiber density then represents the
x-direction of the simulated 3D composite, the warp direction is the z-direction.
One may question the validity of such tests to the present problem because of the relative high
fiber ondulation of fabrics. However, real 3D composites exhibit fiber ondulation too. Further on, if a
normal tension load is applied, then the fibers are more and more stretched until they are nearly
straight. At this point the layer reaches its maximum Young’s modulus. Subsequently the modulus
decreases slightly due to nonlinear effects until final failure occurs. This effect has actually been
observed by the authors in the tests (Figure 3). Thus the fabric tests can be considered as a good
approximation to the case of plane stress in the x-z plane of 3D composites. The test results are
plotted in Figure 4.

Figure 3 : Young’s Modulus E over strain ε, experimental results of a woven fabric loaded in fill direction
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Figure 4 : Test results for off-axis loads in the x-z plane

The ratio of the strength in fill (x) and warp (z) direction is R (x+ ) / R (z+ ) ≈ 10 . Assuming that the
strength of the layer for loads in the x- and z-direction, respectively, is higher than for loads in
directions between these axes, a minimum of R IFF should be observable in the range between

60 o < α < 85 o . However, scattering of the test data does not make this very clear (for all data
points five measurements were made, at α = 60°, 75°, 80°, 85° and 90° the standard deviation was
approximately 5 MPa compared to strength values of about 80 MPa). Thus for the here tested
configuration the strength behavior is similar to that in the x-y plane. However, that must be
different for other strength ratios R (x+ ) / R (z+ ) . For R (x+ ) = R (z+ ) for instance, R IFF must be minimal at
α = 45° and maximal at α = 2° and α = 88° obviously.
Therefore, for R (x+ ) ≥ R (z+ ) it is assumed that the criterion should describe a parabolic strength
behavior of R IFF varying from R IFF = R (x+ ) at α = 2° to R IFF = R (z+ ) at α = 88° with a minimum of

R IFF between 45 o ≤ α min ≤ 88 o .
Compression strength
How exactly an orthogonal 3D fiber reinforced plastic behaves under plane uniaxial off-axis
compression loads in the x-y, x-z and y-z plane must be determined by appropriate tests. Until
such tests are performed a similar behavior as for tension loads is supposed with the substitutions
R (x+ ) → R (x− ) , R (y+ ) → R (y− ) and R (z+ ) → R (z− ) . For the fiber dominated strengths in x- and z-direction

R (x− ) ≈ R (x+ ) and R (z− ) ≈ R (z+ ) are assumed, while for the matrix dominated strength in y-direction
R (y+ ) < R (y− ) should hold.
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ADAPTATION OF THE SPC TO IFF OF ORTHOGONAL 3D FIBER REINFORCED PLASTICS
The question is now how the basic strengths of the layer R (x+,− ) , R (y+,− ) , R (z+,− ) , R xy , R xz and R yz
should be connected to the strengths R N( +,− ) , R NT and R NL of the fracture plane to achieve the
required behavior of R IFF . In expressions (8) to (10) the stresses in the fracture plane are obtained
by tensor transformation. It can be observed that the normal stresses σy, σz and the shear stress
τyz have an influence on σN. Hence the strength R IFF should not only depend on the values of R y
and R z , but also on the shear strength R yz . Similarly R NT should take into account R yz as well as

R y and R z . Only R NL must depend on the shear strengths R xy and R xz alone.
According to equations (8) to (10) the particular strength values should enter into the criterion in a
similar way as the stresses do. It is realistic that a basic strength of the layer contributes to a
strength of the fracture plane in dependence of the fracture angle. However, while stresses can
interact with each other (see H5 and H6), the sign dependence due to the trigonometric functions
has to be eliminated for the strength transformation. One strength value can not influence another
one. As a possible solution to model this behavior the following strength model is proposed:

~
~
~
R N( +,− ) = R (y+,− ) sin 2 θ + R (z+,− ) cos 2 θ + R yz sin 2θ

(18)

~
~
R NL = R xy sin θ + R xz cos θ

(19)

( +,− )
R NT
=

(

)

1 ~ ( + , − ) ~ ( +, − )
~
Ry + Rz
⋅ sin 2θ + R yz
2

(20)

Discussion of the new strength model

~

~

~

~

~

1. It is important to mention that in general the strength parameters R (y+,− ) , R (z+,− ) , R xy , R xz , R yz
used in equations (18) to (20) are not equal to the basic strengths of the layer R (y+,− ) , R (z+,− ) ,

R xy , R xz , R yz . They are parameters of a mathematical model which are adapted to
experimental results.
2. The fiber dominated strength R (x+,− ) has no direct influence. However, this strength is a
boundary condition in the fitting process for the strength parameters (see sections 0. to 0.).

~

~

3. R N( +,− ) varies between R (z+,− ) at θ = 0 o , θ = 180 o and R (y+,− ) at θ = 90 o in the same way as σN
does between σz and σy in equation (8). At other angles an offset for additional resistance
against τyz is added.

~

~

4. R NL is only slightly modulated between R xz at θ = 0 o , θ = 180 o and R xy at θ = 90 o .

~

~

( +, − )
5. R NT
is directly related to R yz . At angles θ ≠ 0 o , θ ≠ 90 o , θ ≠ 180 o an average value of R (y+,− )

~

( +,− )
and R (z+,− ) is added in dependence on sin 2θ . R NT
is now different for σ N ≥ 0 and σ N < 0 .

Thus the SPC must be modified to yield:

σN ≥ 0 :

(1 − p )

(+) 2

2

2

 σ N   τ NT   τ NL
 ( + )  +  ( + )  + 
R  R 
 N   NT   R NL

2


σ
 + p ( + ) (N+ ) = 1
RN


(21)
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σN < 0 :

(p )

( −) 2

2

2

 σ N   τ NT   τ NL
 ( − )  +  ( − )  + 
R  R 
 N   NT   R NL

2


σ
 + p ( − ) (N− ) = 1
RN


(22)

Figs. 5 and 6 show the resulting curves of the fracture plane strengths for characteristic CFRP
strength parameters listed in Table 1.
In the following the failure prediction of the SPC for plane off-axis loads in the x-y, x-z and
y-z plane is compared with the required behavior for R IFF as discussed in chapter 0.
The basic strengths R (x+ ) and R (y+ ) measured by Hashin and Rotem [7] are used to allow for a
direct comparison (Figure 2). The test results measured by the authors (Figure 4) do not
correspond to these values since a different material was used. In order to obtain a complete data
set, exemplary strength values R (z+,− ) are assumed. Table 1 shows these values as well as the
strength parameters used in the SPC. The latter are determined by means of a fitting process as
described below.

Figure 5 : Fracture plane strengths

(+)
R N( + ) , R NT
, R NL for σ N ≥ 0
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Figure 6 : Fracture plane strengths

(−)
R N( − ) , R NT
, R NL

Basic strengths of the layer

for

σN < 0
Strength and gradient parameters in the SPC

R (x+ ) = 1241 MPa
R (x− ) = 1241 MPa
R (y+ ) = 28.3 MPa

~
R (y+ ) = 28.3 MPa

R (y− ) = 131 MPa

~
R (y− ) = 131 MPa

R (z+ ) = 500 MPa

~
R (z+ ) = 565 MPa

R (z− ) = 500 MPa

~
R (z− ) = 565 MPa

~
R xy = 43.8 MPa
~
R xz = 41.8 MPa

~
R yz = 47.5 MPa
p ( + ) = 0 .2
p ( − ) = −0.5
Table 1 : Comparison of basic strengths of a layer and strengths parameters used in the SPC
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Failure prediction for off-axis loads in the x-y plane
An off-axis load σoa in the x-y plane can be split up into the components with respect to the material
axes as follows (off-axis angle H, see chapter 0):

σ x = σ oa cos 2 α

(23)

σ y = σ oa sin 2 α

(24)

τ xy = σ oa sin α ⋅ cos α

(25)

For one selected off-axis angle α it is now possible to insert these expressions into equations (8) to
(10) to obtain the fracture plane stresses. In a next step equation (21) for tension loads σ oa > 0 or
equation (22) for compression loads σ oa < 0 , respectively, can be solved for σ oa varying the
fracture plane angle θ from 2 o ≤ θ ≤ 178 o . The minimal value of σ oa in this variation is then equal
(+)
(−)
to the IFF-strength R IFF
(tension) and R IFF
(compression), respectively. This procedure must be
repeated for every off-axis angle α.

Fitting procedure:

For a plane stress in the x-y plane the SPC indicates only θ = 90 o as
fracture angle. Then, according to equations (19) to (21), only the

~

~

strengths R (y+,− ) and R xy (besides the gradient parameters p ( +,− ) ) have an
influence on the predicted failure. They are adapted to data points in this
plane. As pointed out by Cuntze et al. [5] the x-y plane is also the preferred
plane for determination of the gradient parameters p ( +,− ) . The numerical
values can be calculated by standard statistical methods or “manually”.
Results of such a procedure are listed in Table 1.
Figure 7 shows the failure in the x-y plane as predicted by the SPC. The criterion yields the
(+)
. The agreement with the test results measured by Hashin
required hyperbolic decrease of R IFF
( −)
and Rotem [7] is good. At higher off-axis angles the theoretical values of R IFF
are larger than those
(+)
of R IFF
, reflecting hypothesis H6. Whether or not this behavior coincides with reality remains to be
checked by off-axis compression tests.
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Figure 7 : Failure prediction of the SPC for plane off-axis loads in the x-y plane

Failure prediction for off-axis loads in the x-z plane
An off-axis load σoa in the x-z plane can be split up into the components with respect to the material
axes as follows:

σ x = σ oa cos 2 α

(26)

σ z = σ oa sin 2 α

(27)

τ xz = σ oa sin α ⋅ cos α

(28)

Again the expressions are inserted into equations (8) to (10), then R IFF is calculated in the same
way as in the x-y plane.
Fitting procedure: For a plane stress in the x-z plane the fracture angle θ varies, however, it
remains small ( 2 o ≤ θ ≤ 10 o ). Therefore, according to equations (18) to (20),

~

~

mainly the strength parameters R (z+,− ) and R xz have an effect on the predicted

~

failure. R xz can be adapted to data points in the x-z plane alone, while for

~
R (z+,− ) the y-z plane has to be taken into account, too. The gradient parameters
~
~
p ( +,− ) offer additional flexibility. In this way the values of R (z+,− ) and R xz listed

in Table 1 are calculated.
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Figure 8 shows that the SPC predicts a behavior of R IFF as required. However, whether the curve
shape is realistic or not for a strength ratio of R (x+ ) / R (z+ ) = 1241 MPa / 500 MPa also remains to
be shown by appropriate tests.

Figure 8 : Failure prediction of the SPC for plane off-axis loads in the x-z plane

Failure prediction for off-axis loads in the y-z plane
An off-axis load σoa in the y-z plane can be split up into the components in respect to the material
axes as follows:

σ y = σ oa sin 2 α

(29)

σ z = σ oa cos 2 α

(30)

τ yz = σ oa sin α ⋅ cos α

(31)

These expressions can be inserted into equations (8) to (10). Then the procedure of calculating
R IFF is equal to that in the x-y plane.
Fitting procedure: For a plane stress in the y-z plane the fracture angle θ varies. The values

~

~

~

~

for R (y+,− ) , R xy , R xz should not be modified any more. A value for R yz can

~

be determined finally, the values for R (z+,− ) can be verified. The gradient

~

parameters p ( +,− ) offer additional flexibility. In this way the value for R yz
listed in Table 1 is determined.
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(+)
( −)
Figure 9 shows that the resulting behavior of R IFF
in the y-z plane is again a hyperbolic one, R IFF
shows a similar tendency as in the x-y plane (see Figure 7).

Figure 9 : Failure prediction of the SPC for off-axis loads in the y-z plane

Summary
It has been demonstrated that the SPC and the strength model according to equations (18) to (20)
are able to model the strength behavior as requested in Section 0 for off-axis tension loads in the
x-y, x-z and y-z plane. Appropriate tests have to be conducted to validate the theoretical
predictions for off-axis compression loads.
PRACTICAL APPLICATION OF THE SPC
FOR ORTHOGONAL 3D FIBER REINFORCED PLASTICS
General handling for orthogonal 3D fiber reinforced composites
FF:

Equation (1) must now be applied for both the x- and z-direction with the
substitutions σ → σ x ,σ z and R ( +,− ) → R (x+,− ) , R (z+,− ) , respectively.

IFF:

Equations (21) and (22) are used for IFF. θ is varied from 2 o ≤ θ ≤ 178 o compared
to 0 o ≤ θ ≤ 180 o for unidirectional layers.

Determination of material parameters

- 101 -

By conducting off-axis tests, normal as well as shear strength parameters for the SPC can be
determined simultaneously. A direct measurement of the shear basic strengths R xy , R xz and R yz
is not necessary. All strength parameters used in the SPC are obtained by curve fitting for off-axis
strength values.
Remark on the fracture angle
While it is a difficult task to measure a fracture angle for unidirectional composites in experiments,
it will be almost impossible for 3D reinforced structures. The fracture angle concept has to be
understood as an extremum principle. The fracture angle determines the plane where IFF will
occur at first, even if a clearly defined fracture plane can not be observed in an experiment. If the
fracture hypothesis of Mohr for brittle materials is accepted as the physical basis of the PCP/SPC,
then the fracture angle concept has to be accepted, too.
Remark on application for UD-compounds
The new strength model can be applied to unidirectional layers to allow for strength parameters
R (z+,− ) smaller than R (y+,− ) . The numerical effort is only slightly larger if the strength parameters are
determined once by curve fitting.
CONCLUSION
It can be expected that laminates from unidirectional composites will remain the most commonly
used kind of high performance composite structures. 3D composites will be used only where they
are really necessary (e.g. in thick structures or areas where concentrated loads are applied).
However, with the ongoing extension of composite application, there will be a need for
3D reinforced structures. This will cause the demand for an adequate failure criterion.
In order to meet this demand the SPC has been adapted to orthogonal 3D fiber reinforced plastics
consisting of unidirectional layers with high in-plane fiber density and fiber reinforcements exactly
perpendicular to the layers with a significantly lower fiber density. For composites with stronger
z-reinforcements the modified criterion will yield a fracture angle θ = 90 o more frequently indicating
that the x-z plane, the only remaining fiber parallel plane, is a preferred fracture plane. For such
composites a variation of θ could not be necessary making analytical solutions of equations (21)
and (22) possible. That would reduce the numerical effort dramatically. The situation could then be
compared with that for membrane stress states, where analytical solutions of the PCP and SPC
are known [2]/[5]. However, as discussed above such a configuration of 3D composites would not
be reasonable.
Application of a 3D failure criterion requires to determine the complete 3D stress tensor in
composites. An effective method to calculate a 3D stress state using only 2D shell elements within
a finite element code was suggested by Rohwer and Rolfes [8]. This method as well as the
PCP/SPC are implemented in an add-in program for MSC PATRAN named TRAVEST.
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ABSTRACT
The paper is aiming at high performance tools which reconcile the contradiction objectives of
accuracy and speed and therefore are suited for application already in the design phase of
composite structures. By that means they will contribute significantly to a modern
Concurrent/Integrated Engineering Process.
TRAVEST is a pre- and postprocessing program for finite element solvers which computes the full
three-dimensional state of stress from results of a simple shell analysis using a formulation of the
extended 2D-method for FE-discretisations with eight- and six-noded elements, respectively. A
new theory has been developed, which allows for using the extended 2D-method in conjunction
with four-noded elements. This would allow for much wider application in industry.
For thick-walled composite structures a hierarchical 3D composite element has been developed,
implemented into B2000 and compared to existing elements. All transverse stress components
show very much improved quality.
For 3D reinforced composites a new failure model has been developed. It is an extension of a
physically based criterion which is applicable to unidirectional layers only. The model is
implemented into TRAVEST and is also suited for use in B2000 in conjunction with the 3D
composite element.
The analysis code CODAC can be used to predict the impact damage tolerance of composite
structures.. Comparison with in-house experiments revealed good quality of the results for impact
response and impact damage of stringer stiffened panels. Recently CODAC was improved by
implementing a Rayleigh-Ritz procedure for residual strength analysis
The postbuckling behaviour of composite panels was simulated using commercial finite element
software and compared to in-house tests. The verified model constitutes the basis for development
of a fast postbuckling algorithm which will be based on a hybrid reduced basis technique.
INTRODUCTION
Saving costs and time in the development of composite structures is a high priority objective for
research and industry worldwide. An important contribution can be made by accelerating and
increasing reliability of today´s design and development process. This can be achieved by
introducing much more simulation capability in all disciplines. It would allow to save tests and to
parallelise the process to some extent. If accurate simulation can be applied already in the early
design phases the reliability of the process is improved substantially. This can be denoted as a
Concurrent/Integrated Engineering (CIE) approach. The challenge is to reconcile the contradicting
objectives of accuracy and speed. This is even aggravated by the fact that for improved
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exploitation of the potential of composite structures it is necessary to simulate highly nonlinear
phenomena (e.g. postbuckling) as well as to regard new materials with complicated fiber
architecture (textile composites) and embedded sensors and actuators (smart structures).
Subsequently, high performance tools for stress analysis, failure, damage tolerance and
postbuckling are presented.
3D STRESS ANALYSIS OF SHELLS USING TRAVEST
The design of high-performance structures from fibre reinforced composites requires sophisticated
knowledge of the stress tensor and the failure mechanism. The failure criteria have to regard the
non isotropic strength and the different failure modes. In contradiction to isotropic structures, where
the relatively small transverse stress components can be neglected, for fibre-composites they have
to be taken into account in adequate quality, since the transverse strength is small too. Therefore,
the full 3D state of stress is needed. However, the rather poor transverse stress results from the
First Order Shear Deformation Theory (FSDT) are not sufficient.
To avoid the effort of a full three-dimensional model, an extended 2D-method has been developed
by Rohwer and Rolfes and implemented into the software package TRAVEST. Therein, the
transverse stress components are calculated from the equilibrium conditions, not directly from the
deformation field. Since the equilibrium contains derivatives of the membrane stresses with respect
to the membrane coordinates, derivatives of the shape functions are needed. Since the extended
2D-method reduces the required degree of derivation by one in comparison to a standard
equilibrium approach, only linear shape functions are needed for a transverse shear stress
analysis and quadratic shape functions for the transverse normal stress (see e.g. [1-4]).
Since the full 3D state of stress is needed, the shell-analysis has to be carried out with shear
elastic elements with quadratic or biquadratic shape functions - up to now. Due to different
disadvantages, acceptance of quadratic or higher order elements in practical application is low.
Therefore, a new method for computing the transverse normal stress component without using the
second derivatives of the shape functions is strongly demanded.
An iterative technique, using Hermitian interpolation functions, has been developed and tested.
Numerical results demonstrate the potential of third-order-polynomial approximation in general and
on the other hand some limitations of the so called ''two-sided Hermitian iteration''.

Figure 1: Thickness distribution of the transverse Figure 2: Thickness distribution of the transverse normal
normal stress in a symmetric four-layered cross-ply stress in an antisymmetric four-layered cross-ply CFRP
CFRP-plate under bisinusoidal top surface pressure.
saddle shell. The bisinusoidal pressure load is applied
half on the upper, half on the lower layer.
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The thickness-distribution of σ33
In general, the transverse shear stress is small in comparison to the membrane stress
components, and the transverse normal stress is small in comparison to the transverse shear
stress. Therefore, the transverse normal stress is at most secondary for the failure prediction. It is
to be examined, if therefore a lower precison for transverse normal stress than for transverse shear
stress is acceptable.
Figure 1 demonstrates a very typical thickness distribution of the transverse normal stress. Since
the TRAVEST-result is derived from the equilibrium conditions, it fulfills the boundary conditions.
The similarity to a third-order polynomial is very typical for transverse normal stress distributions. In
this example - as in many cases – no kinks occur at the layer interfaces.
The boundary conditions
TRAVEST evaluates the three equilibrium conditions for the three-dimensional continuum

( 1)

( 2)

( 3)

where κα denotes the curvature in the main directions xα in the initial configuration and λα=1+κα x3.
The calculation of σ33 from (3) with the extended 2D-method requires the second derivative of the
shape functions (see [1]). If equation (3) is evaluated at top- and bottom-surface,σ33 and σ3α,α are
known and σ33,3 is the only unknown variable. Thus, at the surfaces, the derivative of the
distribution-curve can be directly calculated from the equilibrium condition.
The layer interfaces
Using this information, the transverse normal stress distribution could theoretically be
approximated by one cubic Hermitian polynomial. Indeed, this is a good approximation in many
cases (see Figure 1). However, for curved laminates, the thickness distribution of the transverse
normal stress has kinks at the layer interfaces which in some cases can be very sharp (see Figure
2). Obviously, in this case, a Hermitian polynomial over the complete laminate would be a bad
approximation. Within the single layers, a third-order polynomial would again fit well, but for a
layerwise Hermitian approximation, the values and the derivatives at all interfaces would be
needed. It can be shown, that the kinks only depend on the membrane normal stresses, which are
known in appropriate quality from the FSDT-analysis. Therefore, they can easily be calculated.
At the layer interfaces, the transverse normal stress is C 0 -continuous. To evaluate the kink
numerically, it is defined as difference between the derivatives on both sides of the layer interface
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( 4)

( 3) introducing into ( 4), yields

( 5)

Due to the equilibrium conditions, the transverse normal stresses and the transverse shear
stresses on both sides of the layer interface have to be equal. Thus, two of the three addends
vanish if H tends to zero. Therefore, the kink only depends on the membrane normal stresses on
both sides of the interface:

( 6)

Unfortunately, the kink yields no information about the derivatives themselves. Only their
differences can be calculated from the equilibrium condition. Neither the values nor their
derivatives are known at any point inside the laminate.
Two-sided Hermitian iteration of σ33
Using the physical information
The information, available from physical considerations without using second derivatives in
membrane directions, comprises the boundary values, the derivatives at the boundaries and the
kinks at the layer-interfaces. A numerical technique which does not require second derivatives of
the shape functions, and therefore allows postprocessing of linear elements, has to be based only
on this information, and the challenge is to find an approach which yields an appropriate solution
without increasing the numerical effort of the complete TRAVEST postprocessing.
Two-sided iteration with broken Hermitian polynomials
We assume that the global Hermitian polynomial yields a good approximation for σ33 and σ33,3
within both outside layers. It can be calculated using the following expression
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( 7)

Value and derivative at any point within the structure - for example the next inner layer-interfaces,
where the approximation still should be well - can easily be calculated, since the polynomial is
known analytically. Now, the values and derivatives at the first layer-interfaces from both surfaces
are known. Thus, the derivatives at the opposite sides of the layer interfaces can be calculated
from the kink, and a second polynom between these two interfaces can be defined. By repeating
this procedure, an approximation for the thickness distribution of σ33 for the complete laminate can
be computed. The last polynomial - or central polynomial - spans the central layer (for odd number
of layers) or the central pair of layers (for even number of layers), respectively.
Numerical results and specific problems

Figure 3: Thickness distribution of σ33 in a symmetric Figure 4: Transverse normal stress distribution in an
five-layered cross-ply saddle-shell under bisinsoidal antimetric four-layered cross-ply cylindrical CFRP
panel. The inside surface (defined as the top surface) is
load.
loaded with a sinusoidal pressure load.

In Figure 3 and Figure 4, results from a TRAVEST test-version based on the two-sided Hermitian
iteration, are compared to results from the standard version using second derivatives of the shape
functions. In both figures the iterative curve mostly fits well the physical result and therefore
demonstrates the potential of polynomial approximation techniques utilizing the knowledge about
the kinks at the interfaces. However, figure 4 also demonstrates specific weaknesses the two-sided
Hermitian iteration has in particular. They can be subdivided into three classes: The problem of the
initial polynomial, the problem of error accumulation and the problem of the central polynomial. For
general applicability, improvements or corrective functions for the technique have to be developed,
which decrease the influence of these problems or even eliminate them.
The initial polynomial
Assuming the global Hermitian polynomial to be a good approximation within the two outside layers
is not always valid. In figure 4, the variance in the two outside layers is relatively high. Since the
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quality of the approximation decreases from the surfaces to the center, the two-sided Hermitian
iteration can fail if the start-polynomial forces the iteration into a wrong direction.
Error accumulation
The iteration algorithm is very sensitive to variations in the first derivative. At the upper kink in
Figure 4, it can be noticed, that a relatively small error in the derivative can cause a relatively high
error in the following layer. This effect can force the iterative curve into a completely wrong
direction, especially if it accumulates over several layers.
Error accumulation and the problem of the initial polynomial are of course two sides of the same
problem. Nevertheless, they are distinguished in this paper, because the problem of the initial
polynomial is characteristic for the two-sided approach, while error accumulation is a general
problem for all approaches based on polynomial concatenation. On the other hand, the problem of
the initial polynomial requires good starting conditions, while error accumulation requires a low
error threshold over the complete algorithm.
The central polynomial
Up to now, the two-sided Hermitian iteration assumes an odd number of layers and finishes the
algorithm with one central polynomial over the central layer. If the number of layers is even - like in
Figure 4 - the two layers at the central layer-interface are automatically combined to one layer,
ignoring the kink at the central interface. However, this problem does not occur for symmetric
laminates.
The potential of polynomial approximation for transverse normal stress analysis has been clearly
demonstrated. It is based on the knowledge about disconuities at the interfaces. Future work will
concentrate on improvements for the two-sided Hermitian iteration, especially on solutions for the
three specific problems, which have been demonstrated, and on new polynomial approximation
approaches, respectively.
3D STRESS ANALYSIS OF THICK-WALLED STRUCTURES USING B2000
While thin-walled structures can be analysed by shell elements based on the FSDT, thick
structures must be calculated using 3D elements. The use of homogeneous, anisotropic 3D
elements is not economical, since between three and five elements are necessary along the
thickness in each layer. 3D multilayer elements, which are offered by some FE-codes, are not fully
developed. They are mostly based on the material law for calculating not only the in-plane stresses
but also the transverse stresses. This leads to discontinuous distributions of transverse stresses
and violates equilibrium at the interfaces. Therefore, a new 3D multilayer element is developed for
analysis of laminated composites. This element uses two steps to calculate the full stress tensor
which is similar to the extended 2D-method for shells. In the first step the in-plane stresses are
computed from the material law using a displacement approximation, and then the transverse
stresses are calculated from the 3D equilibrium equations. In contrast to the extended 2D-method
no simplifying assumptions (e.g. cylindrical bending modes) can be introduced in order to reduce
the required polynomical degree of the shape functions. Thus, high-order interpolation functions, at
least quadratic ones, are needed to obtain transverse shear stresses and cubic ones to obtain the
transverse normal stress. Therefore, a hierarchical interpolation of displacements is chosen. The
hierarchical shape functions are built from orthogonal polynomials, e.g. Legendre polynomials. The
use of orthogonal polynomials brings some numerical advantages, like avoidance of round-off
errors usually associated with polynomials of high degree. In addition, coupling between
hierarchical degrees of freedom is minimized and a more dominant diagonal form of the stiffness
matrix is obtained. This has the important consequence of ensuring an improved conditioning of
the stiffness matrix. In [6] it was shown that the condition number is improved by an order of
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magnitude if hierarchical shape functions are applied. Furthermore, within a p-method a faster rate
of iteration convergence is achieved as compared to non-hierarchical functions.
The hierarchical concept for finite element shape functions has been investigated during the past
20 years [5,6,8-10]. While in the standard h-version of the finite element method the mesh is
refined to achieve convergence the polynomial degree of the shape functions remains unchanged.
Hence usually low order approximations of degree p = 1 or p = 2 are used. In the p-version the
mesh definition keeps unchanged and the polynomial degree of the shape functions is increased.
A certain disadvantage emerges by using standard nodal shape functions. Since by increasing the
polynomials for standard elements new shape functions must be built and hence all preceded
calculations must be repeated. If the refinement is made hierarchically an increase of the
polynomial degrees does not alter the lower order shape functions (see Figure 5). So the stiffness
matrix of a preceding step is preserved and the solution of the unrefined mesh can be used to start
the next solution.

Standard

Hierarchical

p=1

p=2

Figure 5: Set of standard and hierarchical shape functions

For defining hierarchical basis functions there is no optimal set but there are two important
considerations[7]: (1) The element stiffness matrices should have a condition number as small as
possible in order to minimize round-off errors, which usually occur when increasing p. (2) The
computation of element stiffness matrices and load vectors should be as efficient as possible.
These two considerations lead to element basis functions constructed from simple polynomial
functions with certain orthogonality properties, e.g. Legendre or Chebyshev polynomials.
Additionally, the basis functions should be hierarchic, i.e the basis functions of degree p should be
embedded in the set of basis functions of degree p+1. In the 3D composite element fomulation the
normalized integral of the Legendre polynomial is used [8],
x

2n − 1
1
φn ( x ) =
Pn −1 ( t ) dt =
( Pn ( x ) − Pn−2 ( x ) ) n ≥ 2 ,
2 −1
4n − 2

∫

( 8)

where Pn ( x) are Legendre polynomials. Legendre polynomials take the values ±1 at x = ±1 . Thus
they cannot qualify as hierarchical shape functions if nodes are located at x = ±1 , because the
hierarchical shape functions must vanish at node points. That's why equation ( 8) is used to
construct hierarchical shape functions. The implementation of the p-version for the three
dimensional composite finite element uses basis functions introduced by Szabó and Babuška[8],
which are based on the Legrendre polynomials in equation ( 8).
In the finite element method, the conventional displacement finite elements work fine for stress
analysis of homogeneous materials. Even for computation of in-plane stresses in composite
materials the displacement method provides excellent results. However, the results obtained for
transverse stresses need improvement due to the fact that there are stiffness discontinuities at
layer interfaces in laminated composites. Therefore, the 3D composite element uses two steps to
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calculate the full stress tensor. In the first step the in-plane stresses are computed from the
material law using a displacement approximation, and then the transverse stresses are calculated
from the 3D equilibrium equations.
The constitutive law is used in the first step for computing the in-plane stresses.

ˆˆ,
The displacement is u = Nu
the strains are

( 9)

ˆ ˆ = Bu
ˆˆ,
ε = Du = DNu

( 10)

ˆˆ.
σ ( k ) = C( k ) ε = C( k ) Bu

and finally the stresses become

( 11)

The stress σ and strain ε can be derived into in-plane and transverse parts
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(k )
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εG =  ε y 
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ε L =  γ xz 
 γ yz 
 

( 12)

.

In the development of the finite 3D composite element, it is necessary to identify globally
continuous and locally continuous variables.
Globally continuous variables are those that are continuous across the thickness of the laminate
and therefore continuous at the interface from layer to layer (index G). Locally continuous variables
are those that are continuous only across the thickness of each layer but are not necessarily
continuous at the interfaces between the layers (index L). Then the constitutive equation can be
expressed in the form

 σL 
 
 σG 

(k )

C
=  T1
C2

(k )

 εG 
 
 εL 

.

ˆˆ
= C(Lk ) Bu

.

C2 
C3 

( 13)

The in-plane stresses read

σ (Lk ) = [C1

C2 ]

(k )

( 14)

The second step involves calculation of the out-of-plane stresses from the equilibrium equations
using the in-plane stresses calculated in the first step. The equilibrium conditions are analogous to
the equations (1) to (3) with κα=0.
The finite element program B2000 was used for testing the two step method. A simply supported
rectangular layered composite plate under cosinusoidal load was considered a suitable test case
since significant transverse stresses occur and an analytical 3D elasticity solution is available. The
plate is shown in figure 6. The following configuration is considered: Stacking sequence
[0/90/90/0], ply thicknesses [0.25]4, S = a/h = 5 and a/b = 1.48341. The edge lengths in x- and ydirection are a and b, respectively. The plate thickness is h. A fiber orientation of zero indicates
that the longitudinal direction of the fibers is parallel to the x-axis.

- 111 -

q0(x,y)=cos(πx/a)cos(πy/b)
z
y
b

v,w=0

h
x
a
u,w=0

Figure 6: Simply supported laminated plate

The calculations were carried out using a finite element mesh of 7×5×1 elements. Figure 7 shows
distributions of the inplane stresses σx and σy over the plate thickness at the center of the plate.
The two step method is compared to an analytical elasticity solution. p is the polynomial degree of
the in-plane shape functions and q indicates the degree in transverse direction. Additionally, the
solution of the MSC.MARC 3D composite brick element is shown. The results received by the two
step method as well as by the MSC.MARC 3D composite element are close to the analytical
solution. The result indicates that a small p-order of two or three within the two step method is
sufficient for calculating the in-plane stresses. This holds for the transverse stresses, too. The
results are displayed in Figure 8. However, none of the results provided by the MSC.MARC 3D
composite brick element shows reliable transverse stresses τxz and τyz. The distribution of the
transverse stress component τxz is in sharp contrast to the distribution of the 3D solutions. The
distribution of τyz is comparable to the corresponding three dimensional solution, however the
difference in accuracy is significant.
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In figure 9 the transverse normal stress is displayed. The solution of the new hierarchical
composite elements is very close to the exact one. The MSC.MARC composite element shows a
significant deviation but provides still a reasonable approximation.
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Figure 9: Comparison of transverse normal stress σz

This examples indicates that it seems to be difficult to calculate transverse shear stresses with high
accuracy using only the material law and a dispacement field, which is interpolated by quadratic
isoparametric shape functions. Since the in-plane displacements of thick structures show strong
zig-zag distributions through the thickness direction the calculated transverse stresses are not
useable as shown in the benchmark (MARC solution). The two step method uses the displacement
field and the material law only for calculating the in-plane stresses, whereas the transverse
stresses are calculated from 3D equilibrium conditions. Highly accurate results for the out-of-plane
stresses are obtained.
FAILURE MODEL FOR 3D REINFORCED STRUCTURES WITHIN TRAVEST
Conventional prepreg composite structures consist of unidirectional layers with in-plane fiber
reinforcements in layerwise constant orientations. Novel textile composites use additional fiber
reinforcements in any out-of-plane direction. While such structures offer improved strength in these
directions, the in-plane strength of the layer may be decreased significantly due to increased fiber
waviness. Therefore it is not reasonable to use the same fibre density in out-of-plane directions as
in the main fiber direction of the layers. Such a design would just be ineffective and would not take
full advantage of the high specific fiber strength. Additionally, the manufacturing process of
out-of-plane fiber reinforcements is technologically difficult. The easiest to manufacture
3D fiber reinforcement is one exactly vertical to the composite layers. Thus a very common
configuration of 3D composites consists of unidirectional layers with high in-plane fiber density and
fiber reinforcements exactly vertical to the layers with a significantly lower fiber density. A new
strength model has been developed to extend the application range of an existing physically based
failure criterion to such a kind of fibre reinforced plastics.
Fibre Fracture (FF) and Inter Fibre Fracture (IFF) must be distinguished as different failure modes
of a composite layer. For FF a simple criterion can be used:

σ||
R

( + ,− )
||

=1

( 15)

σ|| is the stress and R ||( + ,− ) are the strengths of the unidirectional layer for tensile (+) and
compressive (-) loads in fiber direction. For IFF of unidirectional layers a physically based Criterion
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called Simple Parabolic Criterion (SPC) has been developed and experimentally verified by
Cuntze et al. [1]. The fracture hypothesis of Mohr for brittle materials is used as base, therefore the
criterion is formulated solely in stresses and strengths of the fracture plane (see figure 10):

σ N ≥ 0:

(1 − p )

σ N < 0:
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( 17)

p( + ,− ) represent gradients of the fracture body defined by equations ( 16) and ( 17). Cuntze et al. [1]
developed the following strength model for unidirectional layers using basic strengths of the layer
with respect to the material axes:

R (N+ ) = R (y+ ) = R (z+ )

( 18)

R (N− ) = −∞

( 19)

R NL = R xy = R xz

( 20)

R NT =

R (y− )

( 21)
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Figure 10 : Components of the stress tensor and stresses in the fracture plane of an unidirectional element

To extend the application range of the SPC to additionally orthogonal reinforced composites made
of unidirectional layers the following strength model was developed:

R (N+ ,− ) = R% (y+ ,− ) sin 2 θ + R% (z+ ,− ) cos 2 θ + R% (yz+ ,− ) sin 2θ

( 22)

+ ,− )
R (NT
= 1 2 ⋅ (R% (y+ , − ) + R% (z+ ,− ) ) ⋅ sin 2θ + R% (yz+ , − )

( 23)
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+ ,− )
R (NL
= R% (xy+ ,− ) sin θ + R% (xz+ ,− ) cos θ

( 24)

The strength parameters R% are not necessarily equal to the basic strengths R of the layer, but are
determined by data fitting of experimental results. Additional informations can be found in
reference [12]. The SPC has been implemented in TRAVEST. In this way 3D stress analysis with
low computational effort as well as application of physically based failure criteria is possible. This
allows for a very efficient design process. An exemplary failure analysis with TRAVEST is shown in
figure 11.

Figure 11: Failure analysis with TRAVEST, material effort

DAMAGE TOLERANCE ANALYSIS USING CODAC
Introduction
Damage initiation and growth in CFRP structures are very complex phenomena. Non or barely
visible damage can cause a substantial reduction of
the residual strength. Due to a lack of analytical and
numerical tools there often is a need to conduct time
and cost intensive experiments. Therefore, based on
the work presented by Chai/Gädke[17], the program
CODAC is being developed, which can be used
already in the design phase to quickly evaluate the
impact damage tolerance and residual strength of
stringer-stiffened panels due to low-velocity impact.
Impact
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Stringer stiffened panels are widely used in aerospace structures such as fuselage and wing
panels. Stringer and skin can be either bonded adhesively or by co-curing them. In CODAC such
structures are modelled by 8-node shell elements for the skin laminate and 3-node beam elements
for the stringers. The impactor is modelled as a point mass with a given initial velocity. Using the
Hertzian contact law, the contact force is related to the indentation of the skin laminate. For the
formulation of the transient impact response an implicit Newmark time stepping scheme is
employed.
While the determination of the in-plane stress components σ11, σ22 and σ12 makes no complications
for 2-D shell elements, the determination of the transverse shear stresses σ13 and σ23 requires
close attention. Because these stress components play an important role for matrix and
delamination failure, it is essential to assess them as accurately as possible. Therefore, in CODAC
the extended 2-D method is implemented (see chapter 2).
For the different failure modes, separate stress based failure criteria are used for the assessment
of damage during the transient impact process. For fibre failure the maximum stress criterion is
used, while for inter-fibre failure the physically based criteria from Hashin[14] or from Puck[15] are
recommended. In contrast to static failure (see chapter 4) delamination failure due to low-velocity
impact cannot be sufficiently described by physically based criteria from Puck and Hashin. For this
failure mode a special semi-empirical criterion from Choi/Chang[16] has lead to better results.
To demonstrate CODAC’s capabilities in impact simulation, an example is shown, where a 2stringer stiffened panel was impacted by a steel hemisphere of 1 inch diameter in mid-bay between
the two stringers. The impact energy was 40 Joule. In Figure 12 the measured and simulated
contact force between impactor and skin laminate is graphed while Figure 13 depicts the simulated
3-D damage state after the impact event and a comparison of the simulated and the measured
delamination damage for the lowest four interfaces of the laminate. The experimental results are
based on ultrasonic inspections. Therefore, some delaminated areas are shadowed by
delamination in overlying layers. Even the agreement of the delamination areas is quite good,
except for the third interface, where the simulated damage area is considerably larger than the
measured one. The CODAC simulation of the transient impact response including the
determination of the damage state takes about 10 minutes on a desktop PC (Pentium 4). A mesh
with 368 elements was used to model the skin laminate and the two stiffeners.
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Figure 12: Comparison of experimental and simulated contact force between impactor and skin laminate
for a 40 Joule mid-bay impact on a stringer-stiffened panel
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Figure 13 : Simulated 3-D damage state and comparison of experimental and simulated delamination damage
for a 40 Joule mid-bay impact on a stringer-stiffened panel

Residual strength
For the evaluation of the damage tolerance of composite structures it is not sufficient to know the
impact damage, it is also necessary to be able to predict the residual strength of the damaged
structure. Delamination damage often arises due to impact. This is very dangerous, because
delaminated sub-laminates can buckle locally due to compressive loading. This buckling can lead
to stable and instable delamination growth. While stable delamination growth comes to a halt, if the
compressive loading is not increased any further, instable delamination growth causes a rapid
enlargement of the delamination and may result in sudden structural failure. In aerospace
structures delamination growth must not occur.
The delamination damage typically consists of nearly elliptical delaminations with increasing size
from the top (impacted side) to the bottom of the laminate. Critical for sub-laminate buckling and
delamination growth is usually a large delamination separating a thin sub-laminate from a much
thicker base laminate as analysed by Chai/Babcock[13]. The base laminate is assumed to stay
plane while the skin laminate of the damaged panel undergoes compressive loading leading to a
plane stress state.
In CODAC sub-laminate buckling as well as stable and instable delamination growth are modelled
using a non-linear Rayleigh-Ritz approach. Four degrees of freedom (d.o.f.) for the out-of-plane
displacement of the sub-laminate and two d.o.f. for each of the in-plane deformations make a total
of 8 d.o.f for the elliptical sub-laminate. On the border of the delamination a fixed boundary
condition is assumed. The von-Karman stress-strain relationship is used to be able to simulate the
post-buckling behaviour of the sub-laminate. For the solution of the non-linear system of equations
the Newton-Raphson method is employed.
Possibly contact occurs between sub- and base-laminate. For this case, a numerical integration
over the contact region is performed. A linear elastic behaviour with the contact modulus as a
parameter is assumed to govern the relationship between contact force and deformation of the
sub-laminate in the contact region.
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Figure 14 : Left: Middle deflection of the sublaminate vs. x1-strain
Top right: elliptical delamination just before stable delamination growth
Bottom right: elliptical delamination just before instable delamination growth

Delamination growth is assumed to occur in the post-buckling regime of the delaminated sublaminate. In a strain-increment loop the in-plane strains are increased. In each increment the strain
energy release rate (SERR) is computed for an increase of both half-axes of the elliptical sublaminate. If a SERR exceeds the critical SERR, the delamination is assumed to grow along the
respective half axis until the SERR decreases to a value below the critical SERR again.
POSTBUCKLING OF STRINGER STIFFENED PANELS
The structural behavior of undamaged thin-walled stringer stiffened CFRP-panels loaded in
compression is mostly limited by its buckling and postbuckling performance. Two extensive inhouse tests have been conducted to obtain a reliable foundation to verify the nonlinear finite
element analysis using a commercial software tool and to provide a sound database for the
development of a fast postbuckling algorithm.
Experiments
Carbon fiber reinforced plastic (CFRP) panels of identical type and material (Hexcel, 6376CHTA(12K)5-35%) have been used as test specimens. Figure 15 displays the panel and its basic
dimensions. The six T-shaped stringers have been manufactured separately, using a symmetric
stacking sequence of prepreg material and have been subsequently bonded to the skin. Several
ultrasonic tests have been conducted to ensure the quality of the panels, especially the bonding
between skin and stringer-flange. Figure 16 depicts the flaw echo of one panel where almost no
inhomogenity in the lamina as well as at the stringer-skin interface can be found.
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Panel length
Radius of curvature
Width (Bowstring)
Thickness of the skin

L=800 mm
R=1000 mm
W=495 mm
Tskin=1 mm

Thickness of the flange

Tflange=1 mm

Figure 15: CFRP-panel

Figure 16: Ultrasonic flaw echo

Both ends of the panel (region of larger stringer-blade and stringer-flange as shown in Figure 15)
have been embedded into a rigid steel test equipment using an epoxy-fill. The major focus was to
ensure a homogeneous axial load along both edges. A significant amount of sensors have been
used to extract local strains as well as axial and radial displacements.

Figure 17: Buckling facility

Figure 18: Strain-gauges (front of the panel)

Figure 17 shows the buckling facility with one of the panels installed. The displayed detail of the
panel in Figure 18 depicts the chains of strain-gauges, which have been used to determine local
skin buckling (load and wave length). Not shown on the pictures are 20 inductive positionencoders, which have been attached frontal on the stringer-blades to measure the radial
displacements of global buckling deformations. In addition an optical deformation measurement
system has been used to capture (digital images) the deformations of the panel. After post
processing these digital images, which have been made at 140 load levels during the experiment,
the displacements of a fine optical-mesh (representing the surface of the panel) have been
obtained. Using this relatively new optical systems a quantitative comparison between the
experimentally extracted deformation pattern and the analytically (FEM) calculated displacement
was possible.
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Figure 19: Load-shortening-curve
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Figure 20: Local strain from strain gauges, as shown in
figure 18

The diagram in Figure 19 shows the load-shortening-curve, which has been scaled with respect to
the corresponding load and shortening at the point where skin buckling occurs. In Figure 20 the
locally measured strain of five strain gauges are depicted with respect to the scaled shortening.
The occurrence of local skin buckling is associated with a small change in the stiffness of the test
specimen. This point is marked with an arrow in figure 19. In accordance, the measure strains in
figure 20 start to diverge from their linear prebuckling behavior due to the sinusoidal deformation of
the skin in axial (loading) direction. At a scaled shortening of approximately 1.9 a global
nonsymmetrical buckle emerges, which can be either seen by the sharp bending in the loadshortening-curve (Figure 19) or by the significant change in the local strains (Figure 20).
The maximum load carrying capacity of both test specimens was reached at a factor of 1.95 times
the buckling load, followed by a significant loss due to a sudden change in the postbuckling
deformation towards a global symmetric buckle. This large (high energetic) shifting resulted in a
first failure of the structure - a local separation of the skin and the stringer-flange. The subsequent
degradation was a result of growing delamination of stringer-flange and skin and local failure in the
lamina. The measured deformations (position encoder, optical system) during both experiments
show a good agreement and generate a detailed and reliable foundation to verify the nonlinear
finite element analysis.
Nonlinear Finite Element Analysis
To analyze the pre- and postbuckling behavior of the panels a commercial nonlinear finite element
software tool (ABAQUS) has been employed. Substantial investigations have been undertaken
with respect to the FE-model, the analysis procedure and finally the verification using the afore
described experiments.
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Finite Element Model
Preliminary investigations have been conducted, to ascertain the appropriate type of shell element,
the necessary mesh refinement and the stringer-skin connection. Finally a four-node shell element
(S4R) with a side length of approximately 4 mm has been used to discretize the panel. This
relatively fine mesh was mandatory to include all kind of local / nonlinear effects in the analysis.

Number of Elements: ≈ 42000
Figure 21: Finite element model

Stringer-Skin-Connection

Figure 21 depicts a clipping of the finite element model and some detailed information with respect
to the stringer-skin connection. The adhesive joint has been modeled using rigid elements (MPC,
shown as straight lines connecting corresponding nodes of the skin and stringer elements). The
convergence of the results has been reviewed with a slightly refined mesh.
Analysis
The approach to conduct the FE-analysis in ABAQUS consists basically of four stages (figure 22):
The preprocessing using MSC/PATRAN, a linear eigenvalue analysis (*BUCKLE in
ABAQUS/Standard) to extract buckling modes. These modes have been used in the subsequent
nonlinear analysis as scaled artificial imperfections. In contrast the results due to the optical
measurement can be used as real imperfections of the panel. In the nonlinear analysis with
ABAQUS/Standard the build-in Newton-Raphson technique with adaptive/artificial damping
(*STATIC, STABILIZE) has been utilized. Finally the desired results (e.g. deformations, strains)
have been extracted with a post processing software (ABAQUS/Viewer).

- 121 -

Real Structure
CFRP-Panel

FE-Model

Linear Eigenvalue Analysis
Buckling Modes

Buckling Load

scaled imperfektions

rough
estimate

Measured
Imperfections
Nonlinear Analysis

Newton-Raphson-Method + automatic / adaptive
damping to stabilize the analysis (*STATIC, STABILIZE)

Postprocessing
(Load-Shortening-Curve, deformation of the structure, ...)

Figure 22: FE-analysis procedure
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Figure 23: Load-displacement-curve (FEM-analysis / experimental data)

To verify the nonlinear finite element analysis with extracted experimental data a global
comparison using the load-shortening-curve has been employed. The diagram in Figure 23 shows
that the analytically extracted results match well with the experimental data – the axial stiffness in
the pre- and postbuckling region, the occurrence of the sharp bending (global buckle) and the run
of the curve up to the first failure. The three pictures of the panel provide an idea how the
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deformation patterns appear at different stages in the postbuckling region. Again the experimental
results are very similar with respect to the postbuckling deformations.
Overall the verification with reliable experimental data show the high quality of nonlinear finite
element analysis of CFRP-panels along the whole postbuckling path up to the first failure.
CONCLUSION AND OUTLOOK
Novel capabilities of the high performance tools TRAVEST, B2000 and CODAC were presented
and revealed the potential for reconciling the contradicting demands for accuracy and speed.
Some future development objectives are outlined subsequently.
The two-sided Hermitian iteration in TRAVEST must be improved in order to provide a fully reliable
method for fast 3D-stress analysis of shells based on three- and four-noded elements. The 3Delement for thick-walled structures in B2000 will probably find applications in textile composite
structures. Thus, the inclusion of non-linear material behaviour will be important. The new failure
model for textile composites in TRAVEST needs thorough experimental verification tests and
should be further developed for non-orthogonal 3D-reinforcement. CODAC will be improved by
implementing first degradation models, which in itself are still an open field of research.
Furthermore, double-shell structures are promising candidates for future fuselage structures and
will be included in CODAC. A fast postbuckling code will be implemented into B2000 and will be
based on the database provided by tests of stiffened panels and by nonlinear finite element codes
with commercial software.
In order to provide a multidisciplinary tool for design and analysis of composite structures, the tools
presented will be further integrated and harmonized. In that context an important task will be the
inclusion of strength and local buckling failure into global models.
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Models and Tools for Heat Transfer, Thermal Stresses and
Stability of Composite Aerospace Structures⊗
R. Rolfes, J. Teßmer, K. Rohwer
DLR, Institute of Structural Mechanics, Lilienthalplatz 7, D-38108 Braunschweig, Germany

ABSTRACT
An overview of DLR´s current research activities and results in the fields of heat transfer, thermal
stresses and thermally induced buckling in composite aerospace structures is given.
Novel theories and finite element formulations are presented, realistic modelling of boundary
conditions and junction areas is highlighted, experimental validation is discussed, and finally
design guidelines are given.
1. INTRODUCTION
The present paper gives an overview of current research activities and results which were
gathered in fundamental research projects on composite analysis as a co-operation between DLR
and NASA Langley, in DLR internal multidisciplinary research projects on reentry, on European
future launcher projects, and in National future large aircraft projects. Consequently, primary
applications are for reentry vehicles, e.g. hot structures, thermally protected warm structures,
cryogenic tanks, and for aircraft structures, e.g. primary structures like wing, fuselage, flaps,
stabilizers of transonic and supersonic commercial aircraft. The focus is on composite and hybrid
composite lightweight structures. Efficient shell analysis and design considerations for
representative structural components like stringer stiffened panels are within the central scope of
the paper.
In chapter 2 heat transfer is dealt with. After outlining efficient theories and finite element
formulations for hybrid composite structures the major problem of representing realistic thermal
boundary conditions is discussed. Suggestions are made which are then applied to a CFRP and a
fiber metal structure.
Also chapter 3 starts with novel theories. Here, the emphasis is on an efficient procedure to
determine 3D thermal stresses as a prerequisite for reliable failure prediction by use of 3D failure
criteria. After discussing the simple and easily applicable extended 2D-method, limitations of the
theory especially for prediction of transverse normal stresses are investigated and suggestions for
improvement are made. The chapter closes with design rules for stringer-stiffened panels under
combined thermo-mechanical loading. Design and optimization suggestions for practical
application are made.
2. HEAT TRANSFER IN HYBRID COMPOSITE SHELLS
Composite materials like carbon fiber reinforced plastics (CFRP) or fiber metal laminates (FML) are
increasingly used for primary components of commercial aircraft. Various configurations like
monolithic or sandwich constructions can possibly be made of composite materials. Thermal loads,
mainly consisting of solar radiation are comparatively low. However, the thermal analysis has to
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certify that the maximum temperature is kept well below the glass transition temperature of the
resin. Experimental and numerical tests in the past have pointed out that valid design rules are
often too conservative. Therefore, to be efficient, there is a need to find more realistic thermal
loads, thermal boundary conditions and improved thermal analysis tools for future composite
aircraft structures. Chapter 2.1 deals with the development of accurate and fast analysis tools.
Since common analysis codes and algorithms mainly focus on classical metallic aircraft
components, these methods and tools have to be customized and validated for all composite
aircraft structures. This is even more important as primary load bearing substructures will be made
of composite materials. Another point of interest are new and more efficient numerical analysis
methods. Therefore, 2D- finite element formulations are developed, since experiences show that
3D-modeling is very time consuming and data exchange to stress analysis models (usually 2Dmodels) is difficult. The second crucial aspect, the determination of realistic thermal conditions and
loads, is addressed in chapter 2.2. Maximum temperatures at moments with critical mechanical
stresses heavily depend on accurate boundary conditions and modeling. The influence of different
colors and intensity of convection are only two factors to be mentioned within this context. Chapter
2.3 is concerned with the application of the newly developed methods and finite elements to
aircraft structures out of CFRP and Fiber Metal Laminates.
2.1 Layerwise Thermal Lamination Theories and Finite Elements
Today the thermal analysis of aerospace structures is frequently carried out by use of the finite
difference method (FDM). P/THERMAL, IDEAS-TMG, SINDA or ESATAN are examples of
commercial programmes based on FDM. However, this method has some shortcomings,
especially if applied to composite structures. Originally, it was designed for radiation dominated
problems (e.g. satellites). It is faced with severe problems, if heat conduction plays the major role,
since there is no general procedure for calculating the conduction resistors. Even greater problems
arise with anisotropic materials (like CFRP). One drawback is, that the lamination theory for heat
conduction can’t be introduced into this method. Another problem arises from inhomogenity (CFRP
is built up from different layers, other composites like FML consist additionally of different
materials).
Growing interest is focused on the Finite Element Method (FEM), which allows to use standard 3D
finite elements or special 2D elements, based on the lamination theories. For the modeling of
aircraft composite structures the FEM is strongly recommended in case of thermal analyses. This
method not only provides special elements, but also avoids the modeling uncertainties of the FDM
and eventually allows to use the same model in both, thermal and mechanical analysis.
Nevertheless it should be mentioned that the FDM has been successfully applied by many users.
They have gathered broad experience in skilful modeling, which can sometimes help to overcome
the problem of uncertain conduction resistors.
One main objective of the thermal analysis is to certify that a structure fulfils the thermal
requirements and to supply the full three-dimensional temperature distribution as input for the
thermo-mechanical analysis. In the case of monolithic and hybrid composites, like sandwich
structures or fiber metal laminates, the layers have different thermal conductivities in different
directions. Figure 1 shows examples of different composites.
Face Sheet

Fiber/resin
Aluminum sheet
Honeycomb
Core

Composite structure

Hybrid composite structure

Figure 1: Examples of different composite structures

Sandwich structure
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In general, finite element thermal analyses are performed using 3D elements of commercially
available tools. With these elements problems arise due to high computational effort and coupling
of thermal and mechanical analyses.
2D finite elements overcome these problems. Besides, for thermo-mechanical calculations of thinwalled structures a two-dimensional model is generally sufficient. Most commercial finite element
codes provide two-dimensional finite elements for composite and sandwich structures. Therefore it
is desirable to have finite elements, based on a two-dimensional model, which are able to
determine the full three-dimensional temperature distribution. Therewith the modeling and
numerical effort would be drastically reduced. For laminated composites (CFRP) Rolfes [2] has
proposed a linear thermal lamination theory which is analogous to the first order shear deformation
theory (FSDT). However, for local effects the heat flux calculated from the derivatives of the
temperature field is not well approximated. Moreover the linear temperature distribution over the
thickness might be too rough in the case of transient heat conduction. To overcome these
shortcomings a higher order quadratic thermal lamination theory and associated finite elements
have been developed by the same author [7]. Other approaches for multilayered composites are
described by Agyris et al. [1] and Noor et al. [5].
Subsequently, new 2D finite element formulations are outlined which are based on layer-wise
linear or quadratic temperature distributions in thickness direction. This allows to analyze
composite structures with different thermal conductivity in thickness direction for each layer. These
elements can also be used for lightweight structures in very cold or very hot environments where
layers of load bearing material and isolations with different thermal and stiffness properties are
combined in one lay-up. It should be mentioned that the finite element formulations are well suited
for to be used in a concurrent integrated engineering process. Due to the two-dimensional data
structure of the thermal model it can be coupled much easier to mechanical models consisting of
shell elements than conventional three-dimensional thermal models. This is important for fast and
accurate analysis within the preliminary design phase of structural parts.
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Figure 2: Layered design of composite and sandwich structures

2.1.1 Formulation
CFRP, hybrid composites and sandwich structures can be idealized as layered structures, see
Figure 2. For layers in which all modes of heat transfer (heat conduction, radiation and convection)
occur (for example honeycomb cores) a thermal homogenization is necessary. This
homogenization is not a specific requirement for 2D finite elements, but is equally needed if a 3D
finite element or finite difference model is applied. A layerwise discretisation with 3D finite elements
is very costly. Therefore different approaches have been proposed to reduce the modeling effort.
For an overview of these approaches see [4], [6] and [8]. The thermal lamination theory (TLT) as
developed by Rolfes [2,7] has proven a useful method for CFRP structures. It assumes either
linear or quadratic temperature distributions over the whole laminate thickness. This theory holds
under the following conditions:
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Identical thermal conductivity of all layers in the thickness direction



No heat-transfer resistance at the interfaces

The linear TLT can then be formulated as

T ( x, y, z ) = T0(b ) ( x, y ) + z ⋅ T0,(bz ) ( x, y ) .

(1)

Non-linear temperature distributions in thickness direction can occur in case of



large temperature gradients in the thickness direction in conjunction with temperaturedependent thermo-physical properties



transient problems with rapid heating



spatially concentrated thermal loads

In such cases, the quadratic TLT is better suited. It assumes

T ( x, y , z ) = T

(b)
0

( x, y ) + z ⋅ T

(b)
0, z

z 2 (b )
( x, y ) + T0, zz ( x, y ) .
2

(2)

For modeling hybrid structures (e.g. metallic multiwall TPS, hybrid composites like fiber metal
laminates, sandwiches or hot structures) it is necessary to abandon the first condition stated
above, and to replace it by the assumption of



different thermal conductivity of each layer in thickness direction.

This leads to the need of layerwise theories.
A linear layered theory (LLT) (conf. Figure 2) was first used by Sipetov [9] for steady state thermal
problems. It assumes for each layer k

T ( k ) ( x, y, z ) = T0( k ) ( x, y ) + zk ⋅ T0,( kz ) ( x, y ) .

(3)

Using two heat transfer equilibrium conditions at each layer interface for the



temperature and the



heat flux in transverse direction

the number of functional degrees of freedom can be made independent from the number of layers.
This theory was extended to transient problems by Noack and Rolfes [3].
For the same reasons as stated for the TLT, a quadratic layered theory was formulated for
transient thermal problems and local heat loads. It reads

T

(k )

( x, y , z ) = T

(k )
0

( x, y ) + z k ⋅ T

(k )
0, z

zk2 ( k )
( x, y ) + T0, zz ( x, y ) .
2

(4)

By using of a third heat transfer equilibrium condition at each layer interface for



the change of the heat flux in transverse direction,

again the number of functional degrees of freedom can be made independent from the number of
layers. This third heat transfer condition is chosen as qz( k, z) = qz( k, z+1) = const. While this seems to be
mathematically stringent, there is physically no justification for this interface condition. Alternatively,
also T, zz( k ) = T, zz( k +1) = const. could be chosen. However, numerical examples have shown that the
former assumption provides very reasonable results. Based on these theories the finite elements
QUADLLT and QUADQLT were developed, showing linear or quadratic temperature distributions
in thickness direction for each layer.
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Starting with Fourier’s law for layer k of anisotropic material

q ( k ) = − K ( k ) ⋅ (grad T )( k )
%
%

(5)

T ( k ) ( x, y, z ) = T0(b ) ( x, y ) + z%k ( z ) ⋅ T0,(bz ) ( x, y )

(6)

equations (3) and (4) may alternatively be used for the approximation of the temperature T.
Introducing the above mentioned heat transfer equilibrium conditions at the layer interfaces leads
to

for the linear layerwise approximation and

T ( k ) ( x, y, z ) = T0(b ) ( x, y ) + z%k ( z ) ⋅ T0,(bz ) ( x, y ) + z%%k ( z , z 2 ) ⋅ T0,(bzz) ( x, y )

(6)

for the quadratic layerwise approximation. The index b denotes the reference layer. The values of
z%k and z%%k , which are functions of the thickness-coordinate z, are specified in references [3] and
[4]. It should be emphasized that for both formulations the functional degrees of freedom remain
independent of the number of layers which is crucial for a computational efficiency.
Introducing these equations into the three-dimensional weak formulation for linear steady-state
heat transfer

∫ (grad v)

T

Ω

K grad T d Ω + ∫ qT nv d Γ = 0
%
%
Γ %

(8)

allows to separate the integration in z-direction from the integration in x- and y-direction.
Performing the integration in z-direction analytically, the finite element method can be applied to
the remaining two-dimensional weak formulation

∫ N%
A

T

% ϑ d A + qT nv d Γ = 0 .
KN
∫Γ % %
%%

(9)

In equation (8) v is the test function. The boundary conditions at the edge Γ , considering free
convection qc and heat flux q , read

qT n = qc + q .
% %

( 10 )

The integration in z-direction leads to the modified heat conduction matrix K% . The shape functions

%

and their derivatives are summarized in the matrix N% and the nodal degrees of freedom in the
%
vector ϑ . Equation (9) can now be implemented into an ordinary 2D finite element formulation. A
full elaboration with detailed presentation of all matrices is shown in [3] and [4].
2.1.2 Examples
A square plate with a local heat flux of q = 100 kW/m2 is considered. Besides adiabatic conditions
are assumed at the upper surface. At the bottom of the plate and on the edges a convection
boundary condition with an ambient temperature of T∞ = 0 °C and αc = 30 W/m2K is applied. The
geometry is shown in Figure 3.
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Figure 3: Example problem for the thermal analysis

Two different configurations are studied, a sandwich and a hybrid composite plate. The sandwich
has two facings with three layers each and a honeycomb core. The hybrid composite CARE is a
fiber metal laminate made up from aluminum and CFRP. The steady state temperature
distributions in transverse direction at point P are shown in Figure 4. It shows comparisons of both
new elements with a full 3D analysis using HEXA elements of MSC.NASTRAN. The results show a
good agreement between 2D and 3D analysis. Especially, quadratic layered theory and 3D results
match excellently. It is clearly visible that QUADQLT is very well capable of describing this
phenomenon whereas QUADLLT shows slight deviations. It should be kept in mind that strongly
concentrated heat flux is a rather tough test for the elements. In many applications the thermal
loading will be much more uniform and the temperature distribution can be kept properly already by
the linear element. Numerical and modeling effort are drastically reduced by the new finite
elements.
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Figure 4: Comparison of 2D and 3D thermal analysis (transverse temperature distribution at point P)

2.2 Realistic Boundary Conditions for Starting Aircraft
Using fiber composite epoxy for primary aircraft structures has brought about the question of
thermal effects during the starting phase. Of major concern is that under elevated temperatures,
composites with epoxy resin may encounter fractions which would result in a reduction of stiffness
and strength properties. In contrast to classical metallic materials this reduction starts at
temperatures which could already be reached under realistic hot environmental conditions. Since
dimensioning load cases appear shortly after take-off, the knowledge of the temperature field
within the primary load bearing structure is necessary for an accurate failure analysis.
A major problem for an accurate thermal analysis of a starting aircraft is the determination of
realistic boundary conditions. In this context on one hand radiation loads must be determined, as
resulting from direct and reflected solar radiation as well as from thermal radiation of the ground, of
surrounding structures or of the atmosphere. On the other hand, convective loads have to be
considered. Therefore, realistic convective coefficients must be specified for natural and forced
convective heat transfer.
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For the steady state case (e.g. parking on ground) the structural temperature field is influenced by:



ambient conditions (solar flux, air temperature, ground temperature, ground emission and
absorption coefficients, air velocity)



layout (contour) of the structure



structural heat conduction properties

Additionally, for the transient (unsteady) case, the structural heat capacity has to be regarded.
Main drivers for heat transfer are:



solar radiation absorption



radiation between structure and ground



radiation between different structural zones



radiation between structure and sky atmosphere



convection between structure and atmosphere

Convection

h e (T, v air )
Conduction
λ
h i (T)

Solar Radiation
q sol , α (T), ε e (T)

TFuel (t=0)

Atmosphere
Radiation
Inter-structural
Radiation

h Fuel

Intra-structural
Radiation
ε i (T)
Ground reflection

ρ (T) Ground Radiation

Figure 5: Environmental heat transfer process with aircraft structure

Solar Radiation Absorption : Regarding hot environmental conditions, the amount of heat
induced by solar radiation can be estimated easily. Assuming clear skies, the solar heat intensity
( ≈ 1000 W/m 2 , depending on height) is well known. Beside direct solar radiation, also reflection of
ground or other structures have to be taken into account. Important parameters are the solar
absorption coefficient α s of the aircraft structure and the solar reflection coefficient ρ s = 1 − α s of
the ground. Both can vary heavily and have to be determined properly. Under conservative
assumptions a structural and ground absorption of α s =1.0 combined with a hot ground surface
temperature of Tground = 80°C could be chosen.
Radiation between Structure and Ground: In addition to reflected solar radiation, the ground has
also to be taken into account for thermal radiation between the structure and the ground surface
itself. For this thermal radiation thermal absorption coefficients α th have to be provided for the
structure and the ground. The usual assumption comprises a very high ground temperature of
Tground = 80°C in combination with a high thermal absorption of 0.9, which implies a very dark
surface.
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Radiation between different Structural Zones: Inter-structural radiation has to be regarded at
places where different structural zones have considerable view factors to each other. This implies
only for special substructures. For larger components like wing or fuselage this influence is of
minor relevance.
Radiation between Structure and Sky Atmosphere: With a considerable influence on the
structural temperature field, radiation between the structure and the surrounding sky atmosphere
has to be computed. An easy equation for a representative temperature of the sky atmosphere is
given by Swinbank [10], with
1.5
Tsky = 0.0552 ⋅ Tamb
,

( 11 )

where the sky temperature Tsky and the ambient air temperature Tamb are given in Kelvin.
Disadvantages of this approach appear at higher temperatures over 40°C, when unrealistic high
values are computed. Another presentation, given by Idso & Jackson, see [11], with

Tsky = 1 − 0.261 ⋅ exp[−0.000777 ⋅ (273 − Tamb ) 2 ] ,

( 12 )

is quite similar but realistically remains with Tsky < Tamb for higher temperatures.
Convection between Structure and Atmosphere: Forced convection is the main process,
responsible for cooling down after the aircraft starts moving. With a given wind speed profile, the
heat transfer coefficient for forced convection h can be determined. The equation

Nu( x) = 0, 0296 ⋅ Re 4 / 5 ⋅ Pr1/ 3

( 13 )

provides the local Nusselt (Nu) number as function of Reynolds (Re) and Prandtl (Pr) numbers for
turbulent conditions. Finally, the forced convection

h = Nu ⋅ λ /x

( 14 )

can be approximated by the Nusselt number, the thermal conductivity λ and the position x within
the length of the thermal boundary layer. Natural convection, which may cause a realistic heat
transfer coefficient up to approximately 3 W/m2K, is taken into account by assuming a minimum
wind speed of 2m/s. As it can be seen by formulae (13) and (14) the heat transfer coefficient
depends mainly on two parameters, one is the air flow velocity, the other is the position within the
boundary layer of the structure. Figure 6 shows two curves for positions at x = 1.0m (typical for
wing dimensions) and x = 50.0m (typical for fuselage dimensions). The differences are obvious.
The kink within the curve for x = 1.0m results from the laminar-turbulent transition, where for
x = 50.0m only the turbulent region is relevant.
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Figure 6: Heat transfer coefficient for two different positions

As pointed out the air flow velocity is one major factor for cooling during the take off. Figure 7
shows a typical profile of the air flow velocity over time.
By evaluating equations (13) and (14) the air flow velocity can be transformed into a function for
the heat transfer coefficient, see Figure 8. In this case a mean value is calculated for a structural
length of L = 4, 0m .
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Figure 7: Air flow velocity for take off scenario
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Figure 9: Ambient air temperature for take off scenario

Another important parameter, also varying with time, is the ambient air temperature which depends
on the assumed ground temperature and the actual height of the aircraft. Such an exemplary
temperature profile is given in Figure 9. The described profile is derived by a combination of an
ISA-temperature function (temperature as function of hight) with an appropriate take off scenario
(hight as function of time).
With these input parameters for forced convection the partial heat flux

q (h) = h(Tstruct − Tamb )

( 15 )

can be computed within the numerical analysis.
2.3 Application to CFRP and Fiber Metal Laminates
As composite materials become more and more common for primary aircraft structures, the
thermal analysis plays a growing role for the design process. A typical part which could be made of
composite in future aircraft is a CFRP wing box, shown in Figure 10.

- 135 -

Figure 10: CFRP wing box

Main points for thermal evaluation are shown in Figure 11.
oha - upper skin outside
ohi - upper skin inside

oha
ohi

ostr

uha - lower skin outside
uhi - lower skin inside
ostr - upper skin at stringer

uhi
uha

ustr - lower skin at stringer
ustr

Figure 11: Evaluation points for thermal analysis of wing box

Conducting a steady state analysis, the effect of a varying solar absorption coefficient α s is shown
in Figure 12. It comes out very clearly, that a painting with a low α s and high thermal emissivity ε th
has a favorable influence on the temperature in the sense of limited heating.
The influence of a varying heat convection factor is shown in Figure 13, where the strong influence
of this parameter is pointed out. Values are computed for a steady state case which is relevant for
a parking scenario on ground.
Taking a heat transfer coefficient of 8 W/m2, a thermal emissivity and solar absorptivity of 0.9, the
transient heating on hot environmental conditions up to a steady state limit (after approximately 1
hour) for a CFRP wing box is presented in Figure 14.
Then taking into account a take off scenario, described in chapter 2.2, the cooling of the structure
is shown in Figure 15.
Taking the steady state values as starting condition, a little drop of temperatures is observed
during taxiing. Then, by having a one minute stop, the structure heats up again. During the
following take off a rapid cooling is visible.
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Figure 15: Transient cooling of wing box during take off scenario

For fuselage structures fiber metal laminates exhibit new potential weight savings. As for other
composites, they also show a drop of strength and stiffness for hot temperatures. Therefore,
accurate thermal analyses are necessary. An exemplary cross section, Fig. 16, was discretised
with panels, shown in Fig. 17.

Figure 16: Fuselage cross section

Figure 17: Panel of fuselage

For such structure a similar computation of the temperature field as for the wing box was
conducted. A crucial point is the validation of the numerical model of the panel. Therefore,
experimental tests were carried out at the DLR THERMEX test facilities.
These tests were compared to numerical computations on panel level. Typical contour plots are
shown in Figure 18. In this manner it is possible to compute temperature fields for various
composite aircraft substructures. This gives an accurate basis for all mechanical computations,
where temperature effects have to be taken into account.
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Figure 18: Temperature field of panel during heating

3. THERMALLY INDUCED STRESSES IN COMPOSITE SHELLS
3.1 Extended 2D Method for Transverse Thermal Stresses based on FSDT
When a shell or plate is subjected to a temperature change, the distribution of which can be
calculated by the methods described in chapter 2, thermal strains are generated if the thermal
expansion coefficient is unequal to zero. Thermally induced stresses do only appear if the free
deformation of the structure is restrained either by internal constraints or by external boundary
conditions. In-plane stresses can occur as well as transverse stresses.
In case of a uniform thermal load within the x1-x2-plane transverse stresses can only develop near
the boundaries. At free edges the transverse shear resultant must vanish, however, interlaminar
shear eigen-stresses are normally present since the thermal expansion behavior changes from
layer to layer. Transverse shear resultants can develop at supported boundaries if the thermal load
causes bending of the plate. This occurs in symmetric laminates under non-symmetric temperature
distribution in thickness direction, or in unsymmetrical laminates even under uniform through-thethickness temperature. In case of non-uniform thermal loading within the x1-x2-plane, thermally
induced transverse stresses can occur throughout the whole plate. The importance of transverse
stresses for predicting the onset of damage in composites is widely accepted. Consequently,
modern failure criteria account for the full stress tensor even for applications to thin-walled
structures [12].Therefore an efficient method for predicting thermally induced transverse stresses is
required.
The first order shear deformation theory (FSDT) has proven to be a good compromise between low
effort and high accuracy. Generally, good results are achieved for displacements and in-plane
stresses whereas transverse stresses show poor quality when calculated using the material law. If
the three-dimensional equilibrium conditions are used instead then realistic transverse stress
distributions can be achieved at least under mechanical loading. This procedure has already been
proposed by Pryor and Barker [13]. However, their method needs fourth order shape functions in
order to evaluate all derivatives required on element level. The extended 2D-method of Rolfes and
Rohwer [14] which bases on simplifying assumptions needs only quadratic shape functions. This
allows elementwise evaluation of derivatives in 8 or 9 noded elements. The extension of this
method to thermal loading is discussed subsequently. The content is primarily based on the
publications [15, 8].
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The 3D-equilibrium conditions write

σα3,3 + σαβ,β = 0

( 16 )

σ33,3 + σα3,3 = 0

( 17 )

where equations (16) are used to compute the transverse shear stresses σα 3 from the in-plane
stresses σαβ . The components of σαβ are written in vector form and denoted as σm . For the

%

FSDT they read

% (ε° + x κ − α∆T) ,
( 18 )
σm = C
3
% %
%
% %
where ε °, κ and α are extensional strains and curvatures of the reference surface and
%
%
%
coefficients of thermal expansion, respectively. ε (°) and κ can be expressed by the in-plane and
%
%
bending stress resultants N, N th , M and M th when using the thermo-elastic constitutive relation for
%
%
% %
the laminate

% B
%   N + N th 
 ε°   A
( 19 )
 %  =  %% %%   % % th 
 κ   B D   M + M 
% %
%
% %
%
%
%
The matrices A, B, and D are inverse matrices of the laminate’s in-plane, coupling and bending
% %
%
stiffness matrices A, B and D . Including eq.’s (17) and (18) into eq. (16) yields a formulation for the
% %
%

transverse shear stresses σα3 which depends on laminate matrices and first derivatives of the inplane and bending stress resultants.
At this point two simplifying assumptions come into play. Firstly, the influence of the first derivatives
of the in-plane stress resultants on the transverse shear forces is neglected and, secondly, the
deformation behavior is approximated by two cylindrical bending modes. Thus, the following
derivatives vanish

N,α = 0

( 20 )

M11,2 = M 22,1 = M12,1 = M12,2 = 0

( 21 )

The remaining derivatives of the bending stress resultants can be expressed by the transverse
shear resultants
M11,1 = R1

( 22 )

M22,2 = R2

( 23 )

by applying equilibrium. When introducing equations (17) to (20) into eq. (16) the final equation for
the transverse stresses appears after some algebraic manipulations

τ = f R + Bα
% %% %


 A th
 [ G F]  %
 % %  Bth


%

Bth 
% th  +  a th
%
D 
%


b 
% 

th 

T,(0)

αβ
 (1) 
 T,αβ 

( 24 )

The matrices f , G, F, a th , b th , A th , Bth and D th only depend on the laminate properties and can

% % % %

%

%

%

%

easily be evaluated. (for more details see [8]). Bα are simple Boolean matrices, T(0) is the
%
temperature of the reference surface and T(1) denotes the temperature gradient in thickness
direction (linear distribution assumed). Applying the third equilibrium condition (17) allows for
evaluating even the transverse normal stress. After some algebraic work it appears
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σ33 ( x 3 ) = − bα f R,α + bα
% % %
%
*


Bβ   G*
%  %


 A th
F  %
th
%
 B
%
*

Bth 
% th  +  a ∗th
%
D 
%


b∗ 

%

th 

T,(0)

αβ
 (1) 
 T,αβ 

( 25 )

The superscript ∗ denotes integration in thickness direction up to x3.The extended 2D-method can
easily be implemented into a pre- and postprocessing software tool for any finite element code
which comprises a shell element based on the FSDT. By that means the full 3D state-of-stress is
evaluated by using a standard shell discretisation and performing a very rapid postprocessing.
The performance and limitations of the extended 2D-method are illustrated by the subsequent
examples. A simply supported plate with anti-symmetric stacking [0/90/0/90] was subjected to
static and temperature loading. The latter one was either uniform in thickness direction or linear.
Material properties typical for CFRP with high tenacity fibers were chosen.
E1/E2 = 15; G12/E2 = 0.5; G22/E2 = 0.3378; ν12 = 0.3; α1 = 0.139·10-6; α2 = 9.0·10-6
Figure 19 shows transverse shear stress distributions which are compared to an analytical 3D
solution, denoted as “exact”, and an equilibrium method without simplifying assumptions, denoted
as “3D Post Processing”. In general the approximation of the extended 2D-method is good, often
very good. The full equilibrium approach provided even better results, however, one should keep in
mind that it requires higher order derivatives which can usually not be evaluated in finite element
computations on element level. While the transverse shear stresses are already small compared to
the in-plane stresses, the transverse normal stress is even much smaller than the transverse shear
stresses.
Figure 20 shows the results for two aspect ratios of the plate. For mechanical loading the results
are excellent, for thermal gradient loading they are at least good. However, under a temperature
load which is uniformly distributed through the thickness the results are poor for the plate with
aspect ratio 1. In this case the maximum transverse normal stress is only 2.5‰ of the maximum
transverse shear stress. It is interesting to notice that the application of the full equilibrium method
does not improve the results. This gives rise to the assumption that in these cases the FSDT finds
its limitations. This problem can be resolved by applying higher order theories as will be shown in
the following.
3.2 Higher Order Theory
3.2.1 Conditional need for higher order theories
From the explanations and examples given above it is obvious that the extended 2D method based
on the First Order Shear Deformation Theory (FSDT) delivers thermally induced stresses which in
many cases compare very well with those obtained by means of the much more expensive 3D
analysis. That holds especially for the transverse shear stresses; in a few cases transverse normal
stresses, however, deviate considerably from the exact solution. In the following, reasons for these
discrepancies are investigated more closely.
Test cases are rectangular plates where the boundary conditions

u2 = 0,

w = 0,

u1 = 0,

w = 0,

ϕ2 = 0,
ϕ1 = 0,

σ 11 = 0
σ 22 = 0

at

x1 = 0,L1

at

x 2 = 0,L2

( 26 )

are enforced along the edges. The quantities ϕ1 and ϕ 2 specify the normal rotation around the
axes x 2 and x1 respectively.
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Figure 19: Through-the-thickness distributions of transverse shear stresses ( σ31 at L1, L 2/2); σ32 at L1/2, L2)).
Four-layer antisymmetric cross-ply laminate with L2/L1 =2, subjected to:
(c) temperature gradient T1.
(a) static loading p;
(b) uniform temperature T0 ;

The plates consist of layered fiber composites the material properties of which are assumed as

EL / ET = 15,

ν TT = 0.48,

GLT / ET = 0.5,
ET = 10.0 GPa,

GTT / ET = 0.3378,

ν LT = 0.3,

αL = 0.139 ⋅ 10−6 K −1, α T = 9 ⋅ 10−6 K −1

( 27 )

Discrepancies in the resulting stresses appear for example if the plates are loaded by a
temperature distribution of the form

∆T(x1,x 2 ,x3 ) = T0 sin(π x1 / L1 )sin(π x 2 / L2 ) + x3 T1 sin(π x1 / L1 )sin(π x 2 / L2 )

( 28 )

Rolfes et al. [15] have shown that for all cases considered, the transverse shear stresses at the
edge half way between two corners obtained by means of the extended 2D method compare very
well with the corresponding 3D results. Transverse normal stresses at the plate center, however,
are in many cases not well determined by the extended 2D method. That holds especially for a
temperature load which is constant across the plate thickness ( T0 ≠ 0, T1 = 0 ). No good
agreement with the 3D results could be reached for such a loading. In case of a linear temperature
distribution T1 , however, the extended 2D values compare quite well in general.
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Figure 20: Through-the-thickness distribution of transverse normal stress σ33 at (L1/2, L2/2).
Four-layer antisymmetric cross-ply laminate subjected to:
(a) static loading p;
(b) uniform temperature T0;
(c) temperature gradient T1.

These inconsistencies were thoroughly investigated by Rohwer et al. [16]. They traced them back
to lentil-like deformations of each separate layer due to the sinusoidal temperature distribution.
Under a temperature load constant through the plate thickness ( T0 ≠ 0, T1 = 0 ) transverse
normal stresses are the consequence of inter layer compatibility. In case of a temperature load
linearly distributed through the thickness ( T0 = 0, T1 ≠ 0 ) each separated layer would deform
either into a concave or convex shape depending on its location in thickness direction. Transverse
normal stresses appear as before but with a sign change along x3. Consequently, the sinusoidal
temperature load distribution in x1 and x2 will always render transverse normal stresses. The
question arises why these stress components are not adequately covered by the extended 2D
method.
Equilibrium conditions relate transverse derivatives of the transverse normal stresses to in-plane
derivatives of the transverse shear stresses.

σ 33,3 = −σ α 3,α

( 29 )

At the upper and lower plate surface (x3 = ±h/2) the stresses σ 33 must vanish. Since they cannot
be zero all along x3 as explained above, non-zero in-plane derivatives of σ α 3 and therewith these
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stresses themselves must exist. But they also must vanish at the upper and lower plate surface
because of equilibrium conditions.
For a symmetrically stacked plate under a temperature load constant through the thickness
( T0 ≠ 0, T1 = 0 ) the stresses σ α 3 must not result in transverse shear forces when integrated
over the plate thickness. Consequently the distribution along x3 must at least have two maximum
values. Using now the in-plane equilibrium conditions

σ α 3,3 = σ (αα ),α + (1 − δαβ )σ (αβ ), β

( 30 )

it becomes clear that a linear distribution of in-plane displacements and the resulting piece-wise
linear in-plane stresses can not adequately model the structural behavior. A higher order
polynomial is necessary. Though these arguments are not fully applicable to plates with nonsymmetric stacking or to a linearly distributed temperature load it can be assumed that also in
these cases higher order polynomials would lead to a considerable improvement in the transverse
shear and normal stress distribution.
3.2.2 Kinematic relations
In order to determine necessary and sufficient polynomial degrees for displacement approximation
they are developed into power series in thickness direction.

uα =
w=

∞

i
∑ ciuα ⋅ ( x3 )
i

i=0

∞

∑ di w i ⋅ ( x3 )

i

( 31 )

( 32 )

i=0

These series must be truncated so that the number of functional degrees of freedom is kept
limited. Such approaches have been proposed by several authors. In some cases additional
constraints are applied for to further reduce the number of functional degrees of freedom. The
applicability of the different theories to thermal loads, however, is seldom checked. The considered
sinusoidal temperature distribution, in particular, is treated by Khdeir and Reddy [17]. But their
results are restricted to transverse displacements and membrane stresses; transverse stresses are
not studied.
In the following, results obtained by means of the extended 2D method based on FSDT will be
compared against results with approaches characterized by ci = 1 and di = 1 for i = 0,1,2,3 (HO-3)
and for i= 0,1,2,3,4,5 (HO-5) whereas higher order terms vanish. For all approaches the standard
linear strain displacement relations are assumed. With the polynomial approximation of the
displacements inserted the strains can also be written in the form of a polynomial series.

εn =

∞

i
∑ εn ⋅ ( x3 )

i=0

i

( 33 )

This series is to be truncated according to the truncation of the displacement development.
In general the kinematics described above do not meet the condition of vanishing transverse shear
strains at the upper and lower plate surface. These conditions can be utilized to eliminate four
functional degrees of freedom. If that is done the corresponding stiffness coefficients must be
modified, accordingly, which may impair the quality of the displacement distribution. Furthermore,
in case of application in finite elements at least C(1) continuity conditions are required for the shape
functions. Since in the following the transverse stresses will be determined by means of the
equilibrium conditions zero transverse shear strains at the plate surfaces need not be enforced
explicitly in the displacement functions.
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3.2.3 Elasticity Relation and Boundary Conditions
Basis for the higher-order theories is the 3D elasticity law of the layer k which in index notation
reads
kσ m

= k Qmn {ε n − k α n ⋅ ∆ T

}

( 34 )

The stresses can be integrated over the plate thickness leading to stress resultants of the form

Nmi =

∫ σ m ⋅ ( x3 ) dx3
i

( 35 )

(h)

For i = 0,1 these stress resultants are the standard membrane forces and bending/ torsion
moments; indices between 2 and 5 point to higher order stress resultants. Correspondingly
coefficients of the strain components and the components of the temperature load are to be
integrated. To that end the assumed thickness distribution of the strains εn and the temperature
load ∆T must be inserted. With

Cmni j =

i+ j

∫ Qmn ( x3 )

dx3

where

i, j = 0,1,2,3,4,5 for HO-5

( 36 )

(h)

and

A mi ρ =

i+ ρ

∫ Qmnαn ( x3 )

dx3

where

i = 0,1,2,3,4,5 for HO-5 and ρ = 0,1

( 37 )

(h)

the elasticity relation for the laminated plate reads

Nmi = Cmni j ε n j − A mi ρ Tρ

( 38 )

Therewith equilibrium conditions can be established.

N11i ,1 +N12i ,2 −

i ⋅ N13i −1 = 0

N12i ,1 +N22i ,2 −

i ⋅ N23i −1 = 0

N13i ,1 +N23i ,2 −

i ⋅ N33i −1 = 0

where

i = 0,1,2,3,4,5 for HO-5

( 39 )

In case of HO-5 these are 18 conditions whereas for HO-3 the number is reduced to 12.
Correspondingly there are 2×18 and 2×12 boundary conditions to be satisfied. For a ‘simple
support’ they can be specified as follows:

N11i = u2i = w i = 0

at

x1 = 0, L1

( 40 )

N22i = u1i = w i = 0

at

x2 = 0, L2

( 41 )

These conditions are met if the displacement functions are of the form

 u1i 
  ∞ ∞
u2i  = ∑ ∑
  m =1n =1
 wi 

( )
( )

 u
cos ( mπ x1 / L1 ) sin ( nπ x 2 / L2 )
 1i mn

 u2i mn sin ( mπ x1 / L1 ) cos ( nπ x 2 / L2 )

 ( w i )mn sin ( mπ x1 / L1 ) sin ( nπ x 2 / L2 )










( 42 )

- 145 -

3.2.4 Transverse Stresses
The applied temperature load consists of the first term of the Fourier series only. Thus it is
sufficient to restrict the displacement functions likewise. Inserting these displacement functions into
the strain displacement relation and using the resulting strains together with the stiffness
coefficients and the temperature load in the equilibrium conditions yields a set of linear algebraic
equations for to determine the unknown coefficients uα and w i . They fully specify the
i

displacements.
For the determination of the transverse stresses, only the membrane displacements uα are used.
i
In-plane derivatives are formed to derive at the membrane strains. With the aid of the material law
the membrane stresses are calculated for each layer. By means of the local equilibrium conditions
the in-plane derivatives of the membrane stresses are integrated to get the transverse shear
stresses, whereas integrating the in-plane derivatives of these transverse shear stresses results in
the transverse normal stresses.
3.2.5 Numerical Application
By means of two examples the effects discussed above are evaluated. Results obtained with the
extended 2D method (FSDT), with a cubic (HO-3) and with a fifth order (HO-5) displacement
approximation are compared against analytical 3D solutions. Plates with two different lay-ups are
analysed, a four layer anti-symmetric stacking of [0,90,0,90], and a ten-layer symmetric stacking
[0,90,0,90,0]S. The plates are of quadratic ground shape with a slenderness ratio of s=L/h=5. This
rather small ratio is chosen to make the differences between the theories more visible.
Material properties and loading conditions are as specified in equation (27). Transverse shear
stresses σ 13 and σ 23 are determined at the mid-side edge points (0;L2/2) and (L1/2;0),
respectively, whereas the transverse normal stresses σ 33 are calculated at the plate center
(L1/2;L2/2). Due to the applied thermal load and the boundary conditions these are the points where
the stresses reach maximum values. The stress distribution in x1- and x2-direction follows harmonic
functions.
Transverse shear and normal stresses in the [0,90,0,90] laminate are depicted in Figure 21. Such
a lay-up leads to a bending deformation even for the constant thermal load ( T0 ≠ 0, T1 = 0 ).
Transverse shear forces must develop at the edges. That is reflected by the transverse shear
stresses σ 13 and σ 23 . Their zig-zagging mode can be explained by abrupt stiffness changes
between the 0o- and the 90o-layers. Values of σ 13 and σ 23 are of opposite sign but exactly central
symmetric in magnitude. Transverse normal stresses σ 33 are compressive at the plate center.
That again is due to compatibility constraints in connection with the lentil-like deformations.
With the extended 2D method (FSDT) the zig-zagging modes of the transverse shear stresses are
well captured. Though the values are somewhat off they still show exact central symmetry. The
transverse normal stresses, however, are determined as tensile, their distribution differs drastically
from the 3D results. Cubic and fifth order displacement approximations deliver transverse stresses
which are nearly identical to the 3D solution.
Through linearly distributed thermal loads ( T0 = 0, T1 ≠ 0 ) additional bending is induced. Figure
21 shows that it results in transverse shear stresses which are of opposite sign in the upper and
lower half of the plate. The distribution of σ 13 in positive x3-direction is exactly the same as that of

σ 23 in negative x3-direction. Transverse normal stresses σ 33 are rather small with tensile values
in the upper half and compressive ones in the lower half. The relatively small contribution due to
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the compatibility constraints of concave and convex deformation shapes of separated slices must
be superimposed by larger transverse normal stresses due to bending.
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Figure 21: Transverse Stresses in an Anti-Symmetric [0,90,0,90] Plate

Distribution shapes of transverse shear and normal stresses are rather well captured by the
extended 2D method (FSDT). Maximum values of the normal stresses, however, exceed those of
the 3D results by about 25%. Results of the cubic displacement approximation are much more
accurate, and the fifth order approach show hardly any difference to the exact solution.
Results obtained for the [0,90,0,90,0]S plate are summarised in Figure 22. Constant temperature
through the thickness ( T0 ≠ 0, T1 = 0 ) leaves the symmetry plane straight but the sinusoidal
distribution in x1 and x2 causes lentil-like deformation as mentioned above. Each layer undergoes
bending deformation, and because of the abrupt stiffness changes between the 0o- and the 90olayers transverse shear stresses appear in a zig-zagging mode. Distribution through the thickness
of σ 13 as well as of σ 23 is exactly central symmetric. At the plate center compressive normal
stresses σ 33 appear due to inter layer compatibility.
Again, the extended 2D method (FSDT) captures the central symmetric zig-zagging shape of the
transverse shear stresses quite well, though the values, especially for σ 13 , are somewhat off. But
the transverse normal stresses are in no way comparable with the exact results. Cubic and fifth
order approximation result in transverse shear stresses which hardly deviate from the 3D solution.
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For σ 33 the cubic approximation yields a maximum value at the plate center which is 7.1% too
large, whereas the fifth order approximation result is again very close to the 3D value.
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Figure 22: Transverse Stresses in a Symmetric [0,90,0,90,0]S Plate

Under a linear temperature distribution ( T0 = 0, T1 ≠ 0 ) the bending deformation result in positive
values for σ 13 and corresponding negative values for σ 23 . With exception of the two central 0olayers it are again zig-zagging forms, but now symmetric with respect to the center plain. Again,
transverse normal stresses are rather small, with compressive values in the upper half and tensile
ones in the lower half. They can be explained by the compatibility constraints of concave and
convex deformation shapes due to positive and negative temperature difference, respectively.
Especially the shear stresses σ 13 is quite well modelled by the extended 2D method (FSDT), σ 23
is much worse. That is because of the larger membrane and bending stiffness in x1-direction as
compared to x2. The transverse normal stresses by the extended 2D method capture only the
bending effect, not the lentil-like deformations and is therefore no way near the exact results. The
cubic approximation (HO-3) delivers rather accurate transverse shear stresses, whereas the
normal stresses are 33% too large at the maximum. All results from the fifth order approximation
compare very well with the exact results.
The examples clearly point out that a variation in temperature difference over the reference surface
results in effects which cannot be captured by the FSDT. That holds especially for the transverse
normal stresses. Though their absolute values are relatively small they should not be neglected
since the corresponding strength in layered composites is also rather small. Therefore, in case of a
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temperature load with considerable gradients in the in-plane direction the application of higher
order theories (HO-3 or HO-5) is strongly recommended.
3.3 Thermally Induced Buckling
In aircraft and reentry vehicle structures there are many structural components which, caused by
its high slenderness and predominant in-plane loading, are prone to fail by loss of stability at a load
which is significantly below the strength limit. Thus, after having calculated the temperature field
(cf. chapter 2) and having checked the strength by use of thermal stress and failure analysis (cf.
chapter 3.1 and 3.2) the stability behaviour under combined thermo-mechanical loading must be
investigated.
The thermal buckling of laminated composite plates and shells has been investigated by several
authors (e.g. [18], [19], [20], [21], [22]), none of which however considered design rules for thermomechanical buckling of stringer stiffend panels. This is done subsequently by the example of a flat
stiffened panel. Previously, finite element modelling philosophy and test correlation are discussed
by the example of a curved, so-called validation panel, which might be representative for a
fuselage structure. The content is primarily based on the work reported in [23, 24, 25].

lu

v,w = 0
u| l u= defined

lo
v,w = 0
u| l o= 0

rotx = const.
roty = 0
w| y=const. = const.

z
x

y

Figure 23: Sketch of panel co-ordinate system and boundary conditions

In order to establish a validated finite element model a panel designed for global buckling (conf.
Figure 23) was tested and analyzed. It had a length of 800 mm, a radius of 400 mm and an arc
length of 420 mm. It was stiffened by six blade-stringers of 14 mm height. The stacking sequence
of the skin was [(+45/-45)2 / 90 / 0]s which yielded a thickness of 1.5 mm. The temperature
dependent material properties of Fiberite 954-2A/IM7 are given in table 1. The panel was tested
within the THERMEX-B facility of EXSACOM [26]. This test site is equipped with segmented
clamping boxes at both sides which allow for transverse expansion of the test panel (y-direction).
Furthermore the unloaded straight edges of the panel are fixed between two buckling supports
each in order to prevent wrinkling. It turned out that very precise modeling of these boundary
conditions is of major importance for realistic representation of the buckling behavior. A first
approach to model the buckling supports was the assumption w=0. This resulted in a very stiff
structure, because the panel behaved like being fixed in a stiff frame. The problem was solved by
coupling the rotational degrees of freedom of the nodes in the region of the buckling support. By
that means the straight edges acted like rigid structures which could perform any rigid body
movement (conf. Fig. 23). The areas of the FE-model with boundary conditions reflecting the
clamping (curved edges) were changed in their length, and a separate coordinate system was
defined to allow transverse deformations δν.
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E11,t
E22,t
E11,c
E22,c
ν12

Room temperature
156 GPa
9.2 GPa
155 GPa
9 GPa
0.34

150 °C
166 GPa
7.4 GPa
160 GPa
not obtained
0.30

Table 1: Material properties of Fiberite 954-2A/IM7

Another important modeling aspect concerns the eccentricity of the foot of the blade stringers.
Modeling the foot as local stiffening of the skin with unmodified reference plane is presumably an
efficient method which introduces only a minor inaccuracy. However, computational results reveal
an important influence on the buckling behavior. Thus, the exact eccentricity must be taken into
account, e.g. by modeling skin and foot with separate shell elements and connecting them by
beam elements. Two nominally identical panels were tested. The first one was subjected to pure
mechanical loading under room temperature until buckling. The global buckling pattern yielded
damaging of the panel. Thus the second panel was treated up to 150°C on the outside and, after
having reached steady state, was compressed until buckling. The temperature distribution was
calculated by finite elements and transferred to the buckling analysis model. Finally, a nonlinear
buckling computation taking into account temperature dependent material properties and initial
imperfections in the form of the first eigenmode (with amplitude δz=0.1 mm) was carried out. An
adequate choice of imperfections was crucial for the curved panel. A too small imperfection did not
affect the buckling at all, whereas a too big one dominated the behavior. Table 2 shows the
favorable agreement between calculation and experiment for both tests.

Calculation

Experiment

Pure mechanical
load

208.30 (linear)
185.22 (nonlinear)

182.0

Additional
thermal load 1

185.23 (nonlinear)

175.8

Table 2: Comparison of buckling loads

Fig. 24:Experimental and calculated buckling mode
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In Figure 24a very good comparison of buckling patterns can be seen. It is worthwhile to notice that
the additional thermal loading did not have a significant influence on the buckling load. This was
more thoroughly investigated by further computations.

Figure 25: Flat panel with six stringers for investigation of imperfection sensitivity

For this purpose flat stringer-stiffened panels were selected. Firstly, they are typical for wings of
supersonic aircraft, the curvature of which is negligible. Secondly, they exhibit a postbuckling
behavior which is quite different from curved panels. The latter resulted in a very low sensitivity
with respect to geometrical imperfections. Different amplitudes for imperfections in the form of first
and second buckling modes (conf. Figure 25b/c) were numerically tested but did not have a
significant effect. The same finite element modeling philosophy was used as for the curved
validation panel. The panel depicted in Figure 25a with (±45, 0)s - and (±45, 03)s - lay-ups for skin
and stringer, respectively and made from CIBA 6376/HTA (temperature dependent material

- 151 -

properties are given in [25]) was subjected to combined thermal and mechanical loading. The
design resulted from an optimization for buckling load maximization. The linear buckling load under
pure mechanical loading of 93.3 kN was basically not reduced by simultaneous heating within a
realistic range up to 150°C. This result was confirmed by geometrically and physically non-linear
computations which provided identical load-shortening curves for 25°C and 100°C. Again, like in
the previous investigation of the curved panel, the transverse expansion was unrestrained. In the
next step the unloaded edges (parallel to the stringers) were fixed in transverse and normal
direction (v = w = 0) whereas the rotations were left unrestrained. These boundary conditions might
be close to those of wing panels fixed to ribs and spars. Figure 26 shows that the buckling load
under pure mechanical load is less than half of the value obtained before. Furthermore, a very
pronounced reduction of the buckling load due to temperature increase could be observed. The
transverse expansion of the skin laminate is rather high under mechanical and thermal loading. In
order to reveal this influence two extreme designs were investigated. 0° plies only in the skin result
in maximum transverse expansion and yielded a rather high mechanical bifurcation load of 85.3
kN, whereas the critical buckling temperature difference was only 18.5°C (conf. table 3).
Consequently, pure 90° plies in the skin provided a lower bifurcation load (60.6 kN) and a higher
critical temperature (115.6 °C). An optimisation for maximum mechanical buckling load at room
temperature resulted in a (90 / 0)s design with a bifurcation load of 86.3 kN. Also the critical
temperature difference of 88.6 °C was rather high in this case.

Buckling load [kN]

50

40

30

20

10

0

0

10

20

30

40

50

60

Temperature difference [K]

Figure 26: Critical axial force – temperature difference diagram of linear bifurcation computations
of panel with fixed unloaded edges

Panel skin layup
0°

Mechanical bifurcation load [kN]
85.3

Critical temperature difference [K]
18.50

90°

60.6

115.59

(90°, 0°)s

86.3

88.625

Table 3: Mechanical bifurcation buckling loads and critical temperature differences for variations of skin layup

Summarizing the thermal buckling investigation of stiffened panels it can be stated that possibility
to expand transverse to the loading direction has a decisive influence on the optimum structural
design and on the effect of additional thermal loading. Thus, the designer has to make sure that
the boundary conditions of the panel to the surrounding structure are modeled precisely. Then,
independent of the boundary conditions chosen, an optimization for maximum mechanical buckling
load is also appropriate for additional thermal loading. When modeling panels with finite elements
not only the boundary conditions but also the connection between stringers, stringer foot and skin
must be represented accurately, especially representing eccentricities correctly.
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ABSTRACT
The ROSETTA Lander is part of ESA’s cornerstone mission ROSETTA aimed at the exploration of
the comet Wirtanen and will be flown pick-a-back on the ROSETTA Orbiter. The structure for the
lander is designed and built at the DLR Institute of Structural Mechanics in Braunschweig. The
challenge in the structural design of the lander is to find a minimum weight structure that can
accommodate all payload, meet the stringent thermal requirements of the mission, and resist the
mechanical loads during launch. The obvious choice is a structure fabricated almost entirely from
sandwich plates with carbon fiber reinforced face sheets.
In this paper the design requirements for the lander, and an overview of the lander structure, as it
is currently being manufactured for the qualification test cycle to be conducted in 1999, is given.
Further, the structural analysis, preliminary test results, and the development history are described.
INTRODUCTION
ROSETTA is an European Space Agency (ESA) cornerstone mission designed to explore the
comet P/Wirtanen which has a known trajectory and an estimated diameter of 1-2 km [1]. The
ROSETTA Lander will be flown pick-a-back on the ROSETTA Orbiter (Figure 1). The spacecraft,
scheduled for launch on an Ariane 5 in January 2003, will rendezvous with the comet in August
2011. During the approach to the comet the spacecraft will lower its velocity relative to that of the
comet from 100 m/s at 500000 km distance to the comet to a speed low enough to allow to go into
an elliptic orbit about the nucleus. After a several months observation period from the orbiter, the
ROSETTA Lander will be released from the orbiter to land on the comet’s surface and perform insitu measurements. More information on the ROSETTA and the ROSETTA Lander projects is
available on the internet [1, 2].
The initial structural configuration of the ROSETTA Lander was described in a previous ESA
Conference paper [3]. At that time it was envisioned to fly two small landers, named “RoLand”
(ROSETTA Lander) and “Champollion”, of approximately 45kg each. In fall/winter 1996, the two
landers were merged into one with increased payload, size and total mass (now 80kg). While the
principal design philosophy - the use of a lightweight carbon fiber structure - for the ROSETTA
lander could be maintained, the change to a one lander concept prompted several key changes in
the structural configuration.

⊗ presented at :

European Conference on Spacecraft Structures, Materials and Mechanical Testing,
Braunschweig, Germany, 4 – 6 November 1998
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Figure 1: Schematic of the ROSETTA Orbiter and ROSETTA Lander in stowed configuration

In the following the design requirements for and the key features of the ROSETTA Lander are
described. Then a brief summary of the design history is given, and finally analysis results for the
current lander configuration are discussed. It is important to remark that the lander structure is still
under development. The structure and analysis results as they are described herein represent the
status of the Experiment Intermediate Design Review held in October 1998. Currently, the
structural components are being manufactured and integrated for the STM (structural thermal
model) for the qualification test cycle to be conducted in 1999.
DESIGN REQUIREMENTS
The design drivers for the structural development of the ROSETTA Lander were:
1. Thermal requirements to ensure the survival on the surface of the comet. Electronics and other
temperature sensitive payload need to be placed in a “warm” compartment that is thermally
isolated from the environment.
2. Accommodation of several experiments on a platform such that they can operate on the comet's
surface.
3. Weight and volume of the structure: The mass budget for the lander structure is 15.7 kg. The
mass of the entire lander is approximately 80 kg. The entire lander has to fit in a 900 x 900 x 900
mm volume envelope.
4. Launch loads: Critical for the lander structure is the mechanical environment during launch of
the Ariane 5 as specified in the Experiment Interface Document, Part A (EID A) [4]. Relevant for
the analysis of the lander structure are the following requirements:
• Normal modes: specified is a minimum first global eigenfrequency of 100 Hz analytically and
80 Hz tested.
• Quasi-static load of 25g in any direction,
• Sine and random vibration as shown in Tables 1 and 2.
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Axis
All

Frequency [Hz] Acceleration [g]
5 - 15

±7.5 mm

15 - 50

7.0

50 - 100

4.0

Table 1: Sine vibration qualification levels

Axis

All

Frequency [Hz] Power Spectral Density
20 - 100

+ 3 dB/Oct

100 - 500

0.05 MM−+20
g 2 / Hz
1

500 - 2000

-3 dB/oct

Table 2: Random vibration environment

The accommodation and thermal requirements dictate the lander configuration while the
mechanical requirements dictate the sizing of the structural components. The current structure is
the result of an iterative process which will be described later.
The specified minimum first eigenfrequency of 100 Hz (analytically) for the lander structure was
used for initial sizing of the lander structural components.
STRUCTURE CONFIGURATION
The ROSETTA Lander structure is the mechanical basis for all other subsystems and payload
components and has common interfaces with all of them. It is mainly composed of carbon fiber
reinforced plastic (CFRP) sandwich plates or rods, because the given strength and stiffness criteria
can only be satisfied with the available mass budget when the superior mass-specific strength and
stiffness properties of carbon fiber material are utilized. For face sheets and laminated plates M40J
carbon fiber fabric is used and for the honeycomb core either Hexcel 1/4-5052-.0007 or 1/4-5052.0015 is used. The struts are high stiffness and strength uni-directional carbon fiber struts
manufactured by Schütze [5].
The structure configuration consists of three basic assembly units, each of which is composed of
several primary and secondary components (Figure 2).
Support Truss
Instrument
Carrier

Solar Hood

Base Plate
Balcony
Panels

Figure 2: ROSETTA Lander structure configuration
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Instrument Carrier
The instrument carrier is the central unit of the Lander structure. All those subsystem and payload
units which need thermal protection in a “warm compartment” of the lander are mounted on the
instrument carrier which is entirely wrapped with MLI when the accommodation is accomplished.
Once integrated, the only mechanical connections to the outer parts of the structure are low
thermal conductivity Kevlar elements.
The instrument carrier consists of a rectangular instrument platform, two auxiliary plates standing
perpendicular to this platform, a front plate and a top plate in between these auxiliary plates, some
stiffening struts and plates, and the Kevlar elements that connect the instrument carrier to the
remaining structure. All plates are sandwich plates with an aluminum honeycomb core and 3 layers
of CFRP face sheets. The core thickness is 50 mm (1/4-5052-.0015) for the instrument platform
and 14.5 mm and 4.5 mm (1/4-5052-.0007) for the auxiliary plates and the front and top plates,
respectively.
Base Plate and Support Truss
The base plate and the support truss are individually manufactured but monolithically connected
and therefore considered a single assembly unit.
The base plate carries the landing gear (not shown) and, on its free part, the so-called “balcony”,
the tools and instruments which must operate outside the warm compartment. It serves as
operating platform for the whole lander during cruise flight, eject, descent, and all operations on the
comet. The plate is a CFRP sandwich plate with a 50 mm core. To protect the CFRP face sheets
from the space environment, the exposed surfaces are coated with a thin layer of aluminum foil.
The support truss connects the pyro adapters of the lander-orbiter interface with the solar hood,
the base plate, and the Kevlar webs of the instrument carrier. It thus serves as mechanical basis
during launch and transfers all launch loads. The truss elements are uni-directional CFRP
sandwich struts.
Solar Hood
The solar hood serves as carrier structure for the solar cells, the thermal absorbers, and some
cameras. Simultaneously it is the protective casing for the warm compartment underneath. The
balcony panels are considered part of the solar hood and are needed to increase the mounting
area for the solar cells. The solar hood walls are CFRP sandwich plates with a core thickness of
10mm.
Design History
A brief outline of major design changes in the lander structure after the one-lander concept was
introduced is given.
A scaled up version of the lander structure configuration of the 45 kg lander as described by Block
[3] was selected as a starting point for the design of the new larger lander. This configuration is
schematically shown in Figure 3. The main difference to the current structure is in the design of the
support truss and the shape and mounting of the instrument carrier plate.
Eigenfrequency analyses of that configuration showed that the 100 Hz criterion could not be
satisfied without paying an unacceptable mass penalty. The support structure and mounting of the
instrument carrier proved critical. In addition to this eigenfrequency problem, the payload volume
had increased such that the instrument carrier plate mounting area became too small to
accommodate all payload in the warm compartment. To solve these problems, the support
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structure was redesigned and the instrument carrier plate was mounted differently (Figure 4). With
these changes, an acceptable eigenfrequency could be achieved.

Figure 3: Initial structural configuration

Figure 4: Intermediate structural configuration

However, new more detailed data on the payload showed that even this larger instrument carrier plate
could not satisfy all payload requirements. Therefore the auxiliary plates were introduced. These plates
finally allowed for adequate accommodation of all payload in the interior. In addition, the landing gear
was rotated by 180° to obtain more space for payload on the balcony. This configuration is
schematically shown in Figure 5.

Figure 5: Structural configuration with auxiliary plates

At that time MSC/NASTRAN optimization was used to reduce the weight of the structure. The core
and face sheet thickness of all sandwich plates, as well as the cross-sectional areas of the
individual struts in the truss were selected as design variables. The first eigenfrequency was used
as a constraint and the weight of the structure was used as the objective function. The optimization
runs showed that:
• the 50 mm core thickness of the base plate and the instrument carrier plates could not be
reduced without an unacceptable drop in eigenfrequency
• the base plate face sheet thickness should be doubled from 3 to 6 layers CFRP on the balcony
• the core thickness of the hood walls could be reduced by 50% and only one instead of two
CFRP fabric layers need to be used for the face sheets.
The optimization resulted in a mass saving of approximately 2 kg. The changes were implemented
in the subsequent analysis and hardware models.
This configuration with apparently minor changes in the instrument carrier auxiliary plate
configuration and payload mass distribution was used as a base for a test demonstration model. In
the test demonstration model the experiments were represented by mass dummies - wooden
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blocks with representative mass and center of gravity. Another idealization in the test model was in
the fixation to the shaker table. The interface elements used in the test are stiffer than the pyro
connections that will be used for the qualification tests. At the time of the manufacturing of the test
structure, the pyro elements were not yet well defined and therefore could not be included in the
test model.
The tests on the demonstration model (Figure 6) and eigenfrequency analyses on that model then
showed a surprising large drop of the first global eigenfrequency to about 78 Hz. The first global
calculated and measured eigenfrequencies agreed well for this case. However, this low
eigenfrequency was unacceptable. Analytical studies showed an extreme sensitivity of the first
global eigenfrequency to the payload mass distribution on the auxiliary plates. This problem could
be overcome by adding the stiffening plates and struts as described for the current configuration.
Through the addition of these plates, the eigenfrequency of the first global mode was increased by
more than 20 Hz to an acceptable level with only a small mass penalty. Tests on the improved
demonstration model confirmed this. This improved model is the current model as described in
detail above.

Figure 6: Normal modes test set-up.

STRUCTURAL ANALYSIS
Throughout the development process structural analyses were carried out by using MSC/PATRAN
for finite element model development and MSC/NASTRAN for finite element analyses.
Because the structure is stiffness critical, normal modes analysis was the main tool during the
design process. Linear static analysis with quasi-static loads was used for the current lander
configuration to verify that the structural components survive the launch loads. Currently the finite
element model is being correlated to the demonstration model test results. Once this correlation is
completed, frequency response analysis and random analyses will be carried out.
Finite Element Model
Modeling of Structural Components
Thin sandwich plates and laminated plates are modeled using shell elements with the
MSC/NASTRAN PCOMP card for the core and face sheets. Thick sandwich plates are modeled
with solid elements for the core and shell elements (PCOMP) for the face sheets. Mass of
adhesive, aluminum coatings, inserts, etc. is added as nonstructural mass.
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Modeling of Subsystem and Payload Items
Whenever possible, subsystem and payload items are modeled using point elements at the item's
center of gravity. The point masses are connected at the item's foot points to the lander structure
using RBE3 elements. The RBE3 elements distribute the forces to the foot points without adding
any stiffness to the structure. Assigned to the point masses are the mass and mass moments of
inertia of the subsystem or payload item. The foot points for the RBE elements in the model
correspond to the insert locations on the structure.
Modeling the connection with RBE3 elements is a conservative approach. To study the effect of
the experiment box stiffness, the mass points were also connected to their foot points with RBE2
elements which are infinitely stiff in the fixed degrees of freedom. Results are compared in a
following section.
More complex subsystem and payload items are modeled in more detail. The modeling of these
items is only as detailed as necessary for the analysis of the lander. Ideally these more complex
items would be included into the lander model using a substructure technique. However, at the
current design stage detailed subsystem or payload finite element models to be included are not
available.
The finite element models of the outer and inner structure are shown in Figures 7 and 8,
respectively.

Figure 7: Finite element model of the outer structure

Figure 8: Finite element model of the inner structure

Analysis Results
Test-Analysis Correlation
To compare the finite element analysis and the test results, a finite element model that
corresponds to the test structure was used. For the initial test on the structure without the stiffening
struts and plates the first global eigenfrequencies and modes showed good agreement. The
eigenfrequency from the test and the analysis for the stiffened structure did not compare that well the analysis results being lower than the test results. For this reason, the RBE3 were replaced by
the stiffer RBE2 elements for the experiments on the instrument carrier and auxiliary plates. This
led to a better agreement between analytical and experimental results. Currently, a thorough
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updating of the finite element model is performed. This includes matching of eigenfrequencies,
modes, and frequency response functions between test and analysis.
Normal Modes Analysis
Eigenfrequencies and effective modal masses calculated for the current configuration are shown in
Table 3. The shown frequencies were calculated using RBE3 elements for the experiment boxes.
The characteristics of the modes are also described in the table. The first global eigenfrequency at
91 Hz is shown in Figure 9. For illustrative purposes the solar hood and landing gear are not
shown. With RBE2 elements for the experiment boxes, the first global calculated eigenfrequency is
at 98 Hz and the mode shape is similar to the shown mode shape. Thus, it is expected that the
lander will show a first global eigenfrequency larger than 80 Hz when tested in the qualification test
cycle.
Frequency Effective Modal Mass [%]
[Hz]

x

y

z

Identification

89.26

0.01

0.00

0.08

Landing Gear (LG)

89.76

2.69

0.12

4.63

LG

91.56

0.81

0.60

36.15

1. Global

104.44

11.23

0.48

1.72

LG / MUPUS

105.10

2.71

14.85

14.69

LG / 2. Global

106.05

0.27

0.15

0.13

LG / MUPUS

108.56

8.09

12.03

12.55

3. Global

Table 3: Normal modes for the STM configuration with RBE3 elements for mass point connections.

Figure 9: First global mode
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Quasi-Static Analysis
The quasi-static analysis is used to:
• determine the quasi-static interface forces at the lander-orbiter interface
• verify that the structural parts survive the quasi-static loads.
For an 80 kg structure the quasi-static load to be used in the analysis is specified at 25g. This load
can act in any spatial direction (spherical load case). To calculate the results, the 25g load is
applied in the x-, y-, or z-direction. The maximum force/stress for the spherical load case can be
derived from the results for the acceleration being applied in x-, y-, or z-direction as
Rs = Rx2 + R y2 + Rz2 ,

where Ri can be any force or stress component. It should be noted that this equation holds true
only when it is applied to a single component. It can not be used for composite quantities such as
shear force resultants or quadratic failure criteria.
The calculated interface forces shown in Table 4 are used for the design of the interface elements
(pyros) that connect the lander and orbiter. The shown forces do not include any safety factor.
Node

Normal Force [N]

Shear Force Resultant [N]

10001

7420

5077

10002

9963

8363

10003

6990

7144

10004

10518

7938

Table 4: Quasi-static interface forces for 25g-spherical load case

To evaluate the structural strength a safety factor of 1.4 (conventional material) is used for all
primary structural components. For transverse normal stresses in the honeycomb (when modeled
with solid elements) a safety factor of 2.31 is used. To evaluate composite and sandwich plates,
the maximum stress criterion is used.
The quasi-static analysis showed that



all carbon fiber sandwich face sheets and plates can resist the quasi-static loads



all struts can resist the quasi-static loads



the Kevlar webs are loaded to their limit under the quasi-static loads (margin of safety near 0)



insert forces for some experiments may be critical. Should the frequency response analysis
show that the current inserts are not sufficient, then inserts with a larger load capacity can be
substituted, however, at the cost of some weight.

CONCLUSIONS
Preliminary shaker tests as well as normal modes and quasi-static analyses illuminated critical
components of the ROSETTA Lander structure. Based on the test and analysis results these
components could be improved.
The structure of the ROSETTA Lander as described in this paper was cleared in the Experiment
Intermediate Design Review in October 1998 to be manufactured, assembled and integrated for
the qualification test cycle to be conducted in 1999.
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Inspection of CFRP Components
by Ultrasonic Imaging with Air Coupling⊗
W. Hillger*, R. Meier**, R. Henrich***
* DLR, Institut für Strukturmechanik, Braunschweig,
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ABSTRACT
This paper reports on investigations of air coupled ultrasonic imaging techniques which are part of
the German research project MaTech. Project partners are Airbus, Bremen, Ingenieurbüro Dr.
Hillger, Braunschweig, and IntelligeNDT, Erlangen, with DLR, Braunschweig, as a subcontractor.
One task is the development of a modular ultrasonic imaging system which opens the possibility of
basic research of air-coupled ultrasonic techniques for composites.
The development and construction of special transducers for air-coupling and the development of a
system for echo technique are further research tasks of the MaTech project. This paper presents
the features of the demonstrator III and first results from investigations of transducers and their
application to composites.
INTRODUCTION
The air-coupled ultrasonic inspection is a very attractive method because it avoids the
disadvantages of the coupling liquid (water, squirter-, immersion technique) or coupling paste [1].
However, the large impedance mismatch between solids and gas (air) produces an amplitude loss
of more than 150 dB using through-transmission-technique with separate standard transducers as
a transmitter and a receiver on opposite sides of a CFRP-component [2].
Therefore, a special equipment consisting of transducers with impedance-matching to air, a highpower pulser and an ultra-low noise preamplifier have to be used [3].
In order to obtain a high signal-to-noise ratio, resonant transducers are applied. Their low damping
provides a high acoustic power output but a small bandwidth (about 10% of the centre frequency) .
Another method for increasing the signal to noise ratio is the application of narrow band filters in
the receiver because the electronic noise is proportional to the square root of the bandwidth .
Narrow band transducers can produce resonances in the transmission coefficient. Fig. 1 shows the
calculated λ/2-resonances in dependence of the thicknesses of CFRP-plates (sound velocity of
3100 m/s) in through-transmission technique using a test frequency of 350 kHz. It is shown that a
thickness of 4.4 mm (λ/2) produces a 10 dB higher receiver amplitude than a 2 mm thickness.
Because of the attenuation of 0,6 dB/mm the second resonance (2 λ/2) delivers only a maximum of
4.5 dB. These effects have to be observed by an inspection with narrow band pulses. It is possible
that areas with delaminations produce higher through-transmission amplitudes than those without
defects.
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On the other hand, broadband air-coupled transducer are available; their smaller sensitivity can be
compensated by pulse compression techniques [4].
There are several manufactures of air-coupled transducers. Usually the transducers are only used
with the special equipment of the transducer manufacturer, so that it is difficult to compare their
features and their technical data.

Figure 1. Resonances in the through-transmission coefficient in dependence of the thickness of CFRP-plates
calculated for a test frequency of 350 kHz and an attenuation coefficient of 0,6 dB/mm

This paper reports on the aspect of „air-coupled ultrasonic technique“ of the German research
project MaTech. It centres on the development of a fast imaging system (Demonstrator III), basic
research, development of special transducers and on investigations of the detection of pores and
delaminations in composites.
DEVELOPMENT OF THE DEMONSTRATOR III
The demonstrator III provides basic research of air coupled ultrasonic technique and fast ultrasonic
imaging. Fig. 2 shows the block diagram. The system is of modular design and enables different
excitation pulses such as burst and free programmable signals. The special features are:



transducers of different manufactures can be used, compared and evaluated;



extremely fast amplitude measurement in order to use pulse repetition frequencies up to the
physical borders;



online evaluation of the RF-receiver signal (not of the video signal);



single-shot technique, without averaging for high inspection speed;



dynamic range of amplitude measurement up to 50 dB (single-shot);



a quartz-controlled burst-transmitter with 1.2 kW output;



an electrical impedance
increase the acoustic power;



a 12 bit ADC-board for A-scan digitising;



full wave data recording;



C-scan-software with evaluation functions, profiles and zoom;



a free digital programmable transmitter in order to generate special pulses (such as "chirps" or
coded signals);

matching

of

the

transmitter

transducer

in

order

to
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real-time A-scan-display ;RF-output, trigger in- and outputs;



built-in computer with Windows NT operation system;

Figure 2. Block diagram of Demonstrator III

INVESTIGATIONS OF AIR-COUPLED TRANSDUCERS
Transducers from different manufacturers have been investigated within the frequency range of
< 120 kHz to 1 MHz.
The transducers have been characterised in through-transmission technique in air. The
transmitting transducer was excited by a rectangular pulse of Us = 200 V. The output from the
receiving transducer was directly measured by an oscilloscope. The sensitivity was calculated by
S (dB) = 20 log (Ur/Us),
where Ur is the voltage of the receiving transducer.
For the measurement of the frequency range of the transducers a spike-pulser based on
avalanche-transistors was used. This kind of pulser produces a very broadband excitation. The
received, amplified and gated signal was given to a spectrum-analyser. Tab. 1 gives an overview
of three different transducers.
Transducer

Nominal
frequency
kHz

Active
diameter
mm

Frequency
range
kHz

Focusdistance
mm

Beamdiameter
mm

1

120

19,3

115-135

30

13

-

-32 dB

2

250

50

232-247

50

1,4

10,3

-43 dB

3

1 MHz

25

470-740

50

0,7

10,3

-62 dB

Table 1. Transducers for air-coupled ultrasonic technique

Focal Sensitivity
Zone
mm
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The highest sensitivity of -32 dB was measured with 120 kHz-transducers (transducer 1). This
transducer is useful for the inspection of sandwich-components with foam-core (see chapter 4).
Transducer 2 with an active diameter of 50 mm produces a very small sound beam calculated as
1.4 mm. Note that the wavelength in air is also 1.4 mm using a frequency of 240 kHz!

25 mm distance of transducers

66 mm distance of transducers

Figure 3. Frequency spectra of transducer 3 measured in different distances

Transducer 1, 90 mm distance

Transducer 2, 90 mm distance

Figure 4. Profiles of the sound beams in focal distances
of different transducers
Transducer 3, 95 mm distance
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Transducer 3 provides a large frequency range of 470 kHz to 740 kHz, measured with a distance
of 25 mm (Fig. 3, left hand side). If the distance between the transducer is varying, the frequency
spectrum is changed, at a distance of 66 mm it is divided in two parts (Fig. 3, right hand side).
The results of the measured sound beam diameter are shown in Fig. 4. Two transducers of the
same type were used for these measurements. One transducer was fixed, the other one was
scanned in different distances around the centre. In different distances, C-scans were recorded.
The echo dynamics of the C-scans with the smallest beam diameter are shown in Fig. 4.
APPLICATION OF AIR-COUPLED TRANSDUCERS
Air-coupled transducers were used for ultrasonic imaging of defects in composites. Because the
demonstrator III is still in development, the HFUS 2400 AirTech was used for the investigations.
Sandwich components with cores of foam or Nomex can only be penetrated with frequencies in a
range of 50 to 800 kHz. Because of these low frequencies the ultrasonic wavelength is relatively
large and reduces the resolution. Inspections are usually accomplished in through-transmission
technique with separate transmitting and receiving transducers on opposite sides of the component
(coupling with water, Squirter technique).
Fig. 5 shows a complex component with foam core and skins of CFRP. The component is stringer
stiffened and was impacted with energies of 10 to 30 Joule at different positions (directly on the
stringers and between two stringers). Therefore the sizes of the defects are quite different. The Cscan recorded in through-transmission technique with air-coupling (two transducers type 1) clearly
shows the positions of the stringers with an amplitude of 0 dB, the areas with foam between the
skins (-9 dB) and defect areas with amplitudes of - 22 to -24 dB.
Fig. 6 presents a C-scan of a sandwich with Nomex-cores and skins of CFRP. Two tranducers 2
are used. The small beam diameter enables a clear presentation of the cores and of the defects.
The echo dynamic curve clearly presents the different amplitude ranges for different areas: CFRP
without cores deliver 0 dB , - 2 to –25 dB can be measured for defect-free areas with cores and –
31 dB for damaged areas with cores.
SUMMARY
This paper treats of ultrasonic investigations with air coupling which are part of the German
research project MaTech.
Subtasks are: development and construction of an ultrasonic imaging system ("Demonstrator III")
including special transducers, basic research of transducers, investigations of application to
composites, and further developments of the potential of the echo-technique.
The demonstrator is under construction and will have the following features:



application of transducers of different manufactures;



fast scanning with a single-shot data acquisition (without signal averaging);



C- scans and full-wave-scans with 12bit resolution;



transmitter with a peak-power of 1.2 kW;



different pulse for excitations: rectangle, burst, chirp- and coded signals;



true Windows software.

First investigations showed that :



air-coupled techniques provide a better resolution for sandwich-components than watercoupled ultrasonic techniques;



a low bandwidth can produce λ/2-resonances in through-transmission technique;
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broadband transducers have about a 20 to 30 dB lower sensitivity, which require methods like
chirp signals for increasing the signal to noise ratio.

Figure 5. Sandwich component with foam core, C-scan, construction (cross-section), and echo-dynamic curve

Figure 6. C-Scan and echo-dynamic curve of a CFRP- fabric sandwich component
with Nomex-cores (thickness of 21 mm)

Further investigations with free-programmable transmitter signals, signal analysis and multielement transducers will be carried out for the application of echo-technique.
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Advanced Liquid Resin Infusion A New Perspective for Space Structures⊗
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ABSTRACT
To reduce composite manufacturing costs, an optimised liquid resin infusion technology has been
developed at the DLR Institute of Structural Mechanics in order to manufacture high performance
composites with excellent laminate and surface quality at reasonable costs. Apart from the
laminate quality, priority was given to a reduction of preparation and lay-up efforts and a reduction
of raw material costs. To achieve these goals, a combination of dry fibre preforms and autoclave
technology showed the best results. This technology known as Single Line Injection-RTM (SLIRTM) proved its potential especially for a small and flexible series production or prototype
manufacturing in several applications.
1

MANUFACTURING OF COMPOSITES

With the exception of filament winding structures, high-quality, continuous fibre-reinforced
components are currently being industrially manufactured with the prepreg method. However, due
to rising production costs, research on the so-called liquid resin infusion method (LRI) has
intensified lately since this method promises a significant reduction in manufacturing cost.

Manufacturing of continuous fibre reinforced composites
high viscosity
resin

liquid resin

manual
lay-up

filament
winding

Resin Transfer
Moulding

Liquid Resin
Infusion

Prepreg and
Resin Film Inf.

(massive mould)

(single-sided mould)

(single-sided mould)

Fig. 1: Composite Manufacturing Technologies
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1.1

The Prepreg Autoclave Technology [2]

At present, the prepreg autoclave method is primarily being used for the manufacture of highquality composite components since it provides a very high and reproducible component quality
while requiring a moderate investment of tools. The high component quality is attained by
compacting the prepregs (resin impregnated, continous fibre products), in the autoclave. Simple
tools are required because only single-sided supporting tools are needed which have a flexible
vacuum cover. However, prepregs are costly due to their specialised manufacturing process. In
addition the lay-up process with prepreg is more complicated than with dry fibre material.
1.2

The Resin-Transfer-Moulding Method [2]

The Resin-Transfer-Moulding (RTM) method has become established in the past few years as an
alternative to the Prepreg Autoclave technology. In this method, a cost-effective and nonimpregnated fibre preform is placed in a massive mould to which a low-viscous resin system is
injected under pressure. The considerably lower costs of the semi-finished products are
advantageous here when the manufactured quantity warrants the enormous investment costs for
the vacuum-tight, temperature-adjustable, pressure-loaded, and often very complex and heavy
moulds. Since a compacting of the laminate which is even and expandable in all directions is not
possible in massive RTM moulds, a reduction in the quality of the laminate and fibre content must
be expected.
1.3

LRI / SCRIMP Technology

A promising subtype of the LRI (Liquid Resin Infusion) technology is the SCRIMP method. In the
SCRIMP (Seeman Composites Resin Infusion Moulding Process) method a flow aid is applied to
the dry fibre perform that enables a quick distribution of the resin over the parts surface during
infiltration. As opposed to RTM methods, the infusion and curing process take place at ambient
pressure. In contrast to classical LRI methods, the infiltration of the resin takes place perpendicular
to the flat fibre reinforcement. Normally, a single-sided mould is also used here which is sealed
with a vacuum bag. Because of the low fibre compacting as well as uncontrolled resin distribution,
the quality of the laminate is usually considerably lower than with the Prepreg Autoclave method.
2

THE SINGLE LINE INJECTION (SLI) METHOD [3]

Since the quality and economical manufacture of fibre composite components play decisive roles
in their successful introduction into the market, a manufacturing process was developed at the
Institute of Structural Mechanics with the goal of producing high-quality fibre composite
components with the best possible laminate and surface quality in a cost-optimised production
process. The process was to be optimised for the production of small series and prototype
components with a quantity of up to 500 pieces per year since a great market potential is
developing in the areas of aircraft, railway, and vehicle prototype construction.
2.1

The Principle of the SLI Method [3]

The approach for the development of the SLI method essentially is to combine the advantages of
the raw material of the liquid resin technology with the laminate quality of the Prepreg Autoclave
technology. The advantage of this method in comparison to the LRI method is that the resin is
injected under pressure and that the laminate can be compacted by the autoclave pressure. The
name of the method is an indication that the evacuation of the fibre preform as well as the injection
of the resin system is carried out with the same resin transfer line. This resin transfer line can be
arranged on the fibre preform in any arrangement to shorten the flow path and, with that, the
injection time.

- 175 -

With the SLI method, it is possible to combine cost-effective and dry semi-finished fibre products
such as fabrics, weaves, and warp knitted fabrics with the optimal matrix resin for each application.
In addition to the standard epoxy resins, vinyl ester resins, polyisocyanurats (Blendur), heatresistant resins such as bismalimide, cyanate ester and even phenolic resins can be processed.
The excellent and void-free laminate quality achieved by the Autoclave Process leads to a superb
component quality which almost reaches the status of a Class A surface.

pressure reducing valve
resin container
vacuum system

vacuum bag

resin transfer line
fibre preform
autoclave

single-sided tool

Fig. 2: Depiction of the SLI Method

2.2

Variation of the Fibre Volume Content

An additional characteristic of the SLI method is the possibility to directly influence the fibre content
by means of the process parameters. This is possible because the flexible side of the mould
enables the autoclave pressure to be in equilibrium with the inner resin pressure of the component
and the restoring force of the fibre material. If the autoclave pressure is adjusted to be the same as
the inner resin pressure, the fibre material can relax in the thickness direction and can support the
impregnation due to greater permeability. If the fibre preform is completely impregnated, the
autoclave pressing on the fibre material can be selectively increased by reducing the injection
pressure until the desired fibre volume content of typically 60% is reached.

Pautoclave

Pinjection

Pressure
Reducing
Valve

Pautoclave

Pautoclave

Pinjection

Pautoclave

Pinjection Pinjection
Injection
phase

Adjustment of
fibre content

Fig. 3: Pressure distribution during injection and adjustment phase
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3

APPLICATION OF THE SLI TECHNOLOGY

During the last 4 years more than 2500 parts have been successfully manufactured in SLI
Technology. Most of the structural parts where designed as highly integrated monolithic or
sandwich structures. In case of the sandwich structures Rohacell PMI foams showed the best
structural performance and they can be worked in 180°C production processes after being
appropriately tempered. The high degree of compressive strength of medium weight PMI foams
makes it possible to apply autoclave cycles with more than 0.5 MPas at temperatures of 180°C,
meaning they are suited to standard Prepreg and SLI production cycles.
3.1

The Solar Sail Project

Within the “Solar Sail” project the DLR Institute of Structural Mechanics was responsible for the
manufacturing of the boom structure. The boom structure had extremely weight critical
requirements meaning that only the finest Prepreg available was able to meet the demands. For
the processing of this special Prepreg a thermal expansion compatible tool had to be applied. To
reduce the tooling costs a CFRP tool manufactured in SLI Technology was chosen, because the
void free laminate quality ensured a sufficient gas tightness and a smooth surface without any
additional surface treatment.

Fig.4: CFRP tooling for the “Solar Sail” boom manufacturing

The highly complex “Solar Sail” deployment module was designed and manufactured by the
INVENT Company. The INVENT Company is a licensed user of the SLI Technology and highly
experienced in the field of efficient manufacturing concepts. One of the requirements of the
deployment module is the maximum Volume of 0,6m x 0,6m x 0,7m in a retracted configuration.
With expanded booms the Sail covers an area of 20m x 20m. The boom rotor, the base plate and
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the sail boxes are designed as foam sandwich structures with integrated inserts for load
introduction.

Fig.5: Deployment module

3.2

Nose Landing Gear Doors for the Fairchild Dornier 728 [3]

Based upon the experiences in manufacturing the „Solar Sail deployment module“ for Esa Estec
and various Class III Fairings for the Fairchild Dornier Do 328 Jet, INVENT was able to assert itself
against established international suppliers with the Nose Landing Gear doors and the RAT (ram air
turbine) door for Fairchild Dornier’s Do 728 regional jet. Right from the start the production of the
very first component set confirmed that using a fibre semifinished product with draping properties
and a precisely prefabricated foam core with locally adapted densities is successful both with
regard to production times and the costs of the semifinished products. In case of the Nose Landing
Gear Door and the RAT Door, the applied Rohacell PMI foam core is designed as a structural
sandwich element and also as effective Manufacturing aid. In case of the Fairchild 728 the decision
to use foam cores instead of honeycomb cores for this application was a clear customer
requirement coming from a major airline. The contribution of the DLR institute of Structural
Mechanics within the Fairchild 728 Project was the development of an effective tooling strategy
where several components are simultaneously infiltrated.

Fig. 6: Nose Landing Gear Doors of the Fairchild Dornier Do 728 with Rohacell foam cores
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4

FUTURE CFRP OPTIMISATION CONCEPTS [4]

Since 1995 the DLR Institute of Structural Mechanics is investigating new manufacturing concepts
using optimised fibre products in combination with LRI technologies. Within these activities a
number of demonstrator components have been manufactured using a variety of different densities
of Rohacell PMI foam cores because in many cases sandwich structures are the key to efficient
lightweight design . The primary goal of increasing the performance of foam core components was
improving shear strength and increasing the quality of the core-skin interface.
4.1

Foam cores as a manufacturing aid [4]

To reduce manufacturing efforts foam cores can be used as a production aid when being
combined with dry fibre semifinished products. To achieve this, the foam cores can be wrapped
with the required dry fibre semifinished products (fabrics, warp knitted fabrics, etc.) or hose-like
semifinished products can be used such as braided tubes. An UD fabric product developed by “von
Bauer” is especially adequate to this purpose because it makes it possible to handle the sandwich
preform excellently with the aid of a elastic Lycra weft thread worked in. The advantages of this
strategy were demonstrated with innovative fuselage designs developed within the HGF black
fuselage project[ref. 3].

Fig.7: HGF project “Black Fuselage” design demonstrator

4.2

Shear Strength and Skin to Core Interface Optimisation [4]

Increasing shear strength is an important approach for extending the range of applications of foam
sandwich components to heavily loaded light weight structural components. Since a high-quality
PMI foam core can only be improved in its performance by increasing its density, it is essential to
find a way to combine foam cores with a fibre reinforcement. A structurally very successful method
is integrating thrust webs under 45° whose dimension can be adapted to the expected stress [ref.
5]. An excellent interface between foam core and skin is also of significant benefit to impact and
crash critical applications. A possible approach is to use fibre reinforcements in z-direction to
optimise the interface behaviour between the surface skins and the foam core. An elegant method
for accomplishing a z-directional fibre reinforcement is the single-sided stitching technique where
loops of stitching thread are inserted through the surface skin and into the foam core using a
flexible single-side stitching head [ref. 4]. After infiltrating the component during the autoclave

- 179 -

process, the thread loops are impregnated with resin and after that consolidated in the curing
process.

Fig. 8: Shear Optimised, Sewed Sandwich / Single-Side Stitching Head (KSL, Lorsch)

4.3

Structural Interface Optimisation [6]

Although it is recommendable for composite structures to chose a highly integrated, fibre adapted
design structural interfaces can not be avoided completely. Even though bolted joints are not ideal
for composite structures they are widely used within the aeronautical industry. To improve bearing
performance of composite structures it is possible to combine carbon fibres with thin layers of
specially prepared titanium sheets. As a result of this approach the thickness of the laminate can
remain constant because doublers used for stress reduction in the interface area are no longer
necessary. To show the potential of CFRP/Titanium hybrid laminates this concept was used for the
main structural interfaces of the “black fuselage” demonstrator. This demonstrator shows different
innovative design and manufacturing concepts for future fuselage structures and was part of the
HGF (Hemholzgemeinschaft deutscher Forschungseinrichtungen) Project “Schwarzer Rumpf” .

Fig.9: CFRP-Titanium hybrid laminate
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5

CONCLUSION

The Liquid Resin Infusion technology has the potential to extend the field of composite
applications because manufacturing costs can be significantly reduced. That is mainly, because
less expensive and less storage critical semi finished products and effective textile technologies
can be applied. Apart from a pure cost reduction it is also important to ensure a high and
reproducible laminate quality because this is essential for successful lightweight designs. The
experiences with the Single Line Injection Technology proved, that it is possible to combine cost
effectiveness with high laminate quality for qualified space and aeronautical applications.
Current research activities of the Institute of Structural Mechanics concentrate on innovative
performing concepts for highly integral and fibre adapted structural designs. In addition the short
comings of foam core based sandwich structures and heavily loaded interfaces shall be reduced
to a minimum.
6
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Technology and Design Development for a CFRP Fuselage⊗
L. Herbeck, H. Wilmes, B. Kolesnikov, M. Kleineberg
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SUMMARY
The project “Black Fuselage“ of the German Aerospace Center DLR in cooperation with the
Forschungszentrum Karlsruhe (“black“= black color of the carbon fiber) will further develop the
competence of the aircraft design capabilities. The main objective is the reduction of the
manufacturing costs by 40% of today’s metal-constructed fuselage until 2010.
With a fiber reinforced design the fuselage weight of a commercial standard body aircraft can be
reduced by 30%. Additionally, Carbon Fiber Reinforcement Plastic (CFRP) needs less
maintenance compared to common metal-alloys. Also comfort and crash security, higher fireresistance and life expectancy will increase.
The object of this paper is the technological background, the essential steps of the production
process and the experiences made during manufacture of large foam core sandwich Panels for the
CFRP fuselage demonstrator manufactured in a Liquid Resin Infusion Technology.
The results of this work were displayed by a full-scale demonstrator that was presented to the
public for the first time at the ILA 2002 International Aerospace Exhibition in Berlin (see Figure 7).
1

INTRODUCTION

A few decades ago, it was hard to foresee the present degree of traffic volume in aviation. An
increase of up to 5% per year is estimated which will mean twice the amount of the present traffic
volume in aviation in the next few years as a consequence. As a result of this increase, the focal
point in aviation research has changed: Socio-economic aspects are coming to the fore. The
reduction of emissions such as noise and pollutants is becoming more significant. In particular, the
reduction of the weight of the structure of future aircraft is a central task that will enable a reduction
of fuel consumption and an increase in the payload.
The international competitive situation and the related increase in global competition in the air-craft
industry is additionally making it necessary to considerably reduce costs in the development,
production, and maintenance of the next generation of aircraft. The development time must be
considerably shortened in order to enter aircraft faster into service.
In addition to weight and cost, additional challenges in the future will be increased safety
requirements for aircraft in the case of accidents, etc. Improvements in these areas are
indispensable in order to ensure a high acceptance of this means of transportation in the future.
1.1

Technological Approaches in Aviation

Considerable technological efforts are necessary to realize the requirements for weight and cost
reductions and for an increase in the safety of future structures.
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Development and research topics in the area of conventional metal materials [1] range from
improvements of the material to more economical manufacturing methods: advanced materials and
alloys (aluminum 2524, aluminum lithium, Glare ®), the commissioning of improved automatic
riveting machines, the use of new assembly technologies (friction stir, laser beam welding) and
improved manufacturing technologies (the extrusion of complex aluminum structures). The
concepts of today figure in a reduction of costs - up to around 10-20% depending on the
technology. In addition, a reduction in weight in the range of about 10-20% is considered realistic.
However, both economical advantages and mass reduction for these different areas are not always
feasible.
Medium to long-term conceptions in the aviation industry require a reduction in manufacturing
costs of approx. 40% and a reduction in mass of about 30% for important structural elements in
comparison with today’s components. These goals can only be realized with technological
advancement. And the best means of achieving this is with composite technology.
Composite materials are used today for different types of components. Present potentials as well
as concept ional degrees of freedom as compared with metal have not yet been exhausted in the
structures that have been realized up to now. In addition, the use of carbon fiber-reinforced plastics
(CFRP) has a promising number of additional advantages compared to similar structures made of
metal: a decrease in maintenance due to fatigue, an increase in comfort, greater crash safety, and
improved burn-through safety.
However, these aspects make it necessary to adapt the design concepts which, in contrast to a 1:1
substitution of the aluminum construction, first and foremost have to take into consideration the
characteristics of the composite.
In the long term, a change in the aircraft configuration will become necessary in order to enable
additional savings. The “flying wing” that is al-ready being used in military aviation is certainly an
option with regard to cost and weight. But this also requires materials that allow for such structures
to be produced at an optimal weight and cost. The use of composite technology will there-fore play
a key role not only here but also in other areas, making it the material of the future.
1.2

HGF Project: “Black Fuselage”

The airplane configuration that has been used for decades consists of a weight distribution of 40%
for the wing and approx. 45% for the fuselage. The manufacturing costs for both of these large
structures are about in the same range.
Taking a typical standard body aircraft as an example, an approximately 30% reduction in the
mass of the fuselage of future aircraft would result in the reduction of about 3-4 tons and would
mean a fuel savings about 14 million litres of kerosene during the aircraft’s lifespan.
An essential part of the „Black Fuselage“ project was the development of a new design concept
that is appropriate for the composite, that makes optimal use of the potential of advanced
composite components and that provides answers on specific issues that come up in the new
concepts for aircraft structures. Different design concepts (e.g. the Gondola concept, the
Lampassen concept [2], [3], [4], [5]) were worked out that take aspects into consideration such as
crash, impact, notch sensitivity of the material while including an additional multifunctionality of the
structure.
In order to reach the economical goals that had been made, manufacturing concepts and ideas
based on proposed construction concepts were developed with the goal of an integral production
of advanced composite components. A main task was a considerable reduction of the present
manufacturing costs as compared with aluminium fuselages. A consistent resin injection
technology for CFRP composites was further developed and the possibilities of the using textile
technology for dry semi-finished products (preform technique, stitching technique, etc.) were
examined. The manufacturing concepts were supplemented with the development of new joining
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methods for advanced composites. See Proceedings: Workshop „Schwarzer Rumpf“ [6] for
additional information.
2

CFRP FUSELAGE DESIGN CONCEPTS

The requirements for a fuselage made of advanced composite are basically not much different
than those for a conventional fuselage made of aluminum. The following structural mechanical
loads have to be taken into consideration:



Forces that are introduced through the assembly attached to the fuselage (wings, empennage,
landing gear),



inertia forces of components, loads, and equipment that are stowed in the fuselage (including
landing impact, etc.)



mass forces of the fuselage construction,



air forces that run over the surface of the fuselage and



forces that are the result of the difference between the pressure on the inside of the fuselage
and its surroundings.

In addition to the above loads, crashes and impacts due to hail, blows from stones, area debris, as
well as fire must be taken into consideration in the design In addition, in-service aspects, comfort,
and compatibility must be taken into consideration in an aircraft. This large number of requirements
calls for a multifunctional construction.
2.1

Remark on the reference structure

The entire fuselage including the cargo compartment of an standard body aircraft is loaded with
inner pressure. The supporting pressure-ventilated lower panel contains large cut-outs for the nose
gear bay, for different cargo doors and for the landing-gear well, which is located in the area of the
greatest bending moments.
The big cut-outs greatly disturb the flow of forces that result from the bending stress. In addition,
the even frames and panels loaded with inner pressure do not represent an optimal lightweight
fuselage construction from a structural mechanics point of view.
The constructive designs of the above-mentioned cut-outs (especially those in the pressureventilated floor with pendulum and membrane areas) are very complicated and result in high
manufacturing costs.
2.2

Gondola concept – CFRP fuselage construction
with a pronounced “sacrificial” structure

The presented design concept for an aircraft of the next generation is characterized by the fact that
the aluminum material is completely replaced by CFRP. The passenger area is designed as the
primary structure and the entire cargo compartment and with that the sub floor area is
constructed as the secondary structure. In addition, the cargo compartment is not hermetically
sealed and therefore is not loaded with inner pressure.
2.2.1 Primary structure (passenger area)
The passenger area is built with two side shells and a floor structure with circular skins that form a
highly-integrated structure (Figure 1).
The skin of the floor structure is approximately twice the radius compared to the skins of the side
shells. The level of the floor slab runs through the intersection point of the upper and lower circular
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skins, which is ideal. This floor slab arrangement and the circular shells cause minimal bending
loads due to inner pressure. The floor slabs and seat rails of the floor structures are bearing load in
the Gondola Concept and, in view of the entire loading, take on the appropriate load level.
2.2.2 Secondary structure (cargo compartment)
The cargo compartment consists of a cargo platform that is suspended and fastened to the floor
structure (Figure 1). The platforms and the paneling elements are separated from each other in the
longitudinal direction so that they do not affect the entire load-bearing behavior. They can ideally
be made as modules and, with such an exchange, an adaptation of the cargo compartment to
different transportation assignments is possible. Therefore it is possible to use different cargo
compartment cross-sections depending the type of transportation.
side panel
seat rails
floor panel

floor structure

longitudinal beam
cargo platform

suspension of
the cargo platform

Figure 1: Cross-section of the CFRP fuselage built according to the Gondola concept

Because the cargo compartment is a secondary structure, only the inertia forces of the cargo as
well as safety requirements with regard to impact and crash are dimensioned. Because the cargo
compartment is not pressure ventilated, requirements for the tightness of the cargo doors and
therefore their stiffness are reduced. In addition, much less effort is required to reinforce the cutouts since the cargo compartment is a secondary structure.
2.2.3 Shell concepts
Different criteria were decisive in the assembly of the shells: An uncomplicated and economical
manufacture were very important as well as
stringer
particular consideration of the impact load. The
use of different materials was tested but the
stressed skin
stipulation for a greater fire resistance was also
detection layer
decisive in the choice of material. Great
importance was attached to profoundly
integrated structure in order to reduce costs.
foam core

frame

Figure 2: Set up of the shells:
local separation of the stiffening elements

During the assembly of the shells in the
passenger area, a single-shell construction with
stringers and frames was preferred. One
particularity is the local separation of both
stiffening elements since the stringers are
located outside of the skin and the frames are on
the inside and between the skin. The advantage
of this is that the cross-over points of the
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stringers and frames can be entirely avoided with this arrangement (see Figure 2). This also
completely eliminates the need to use clips (connecting elements between the skins and frame
used in today’s metal design).
The stringers can stand up perpendicular to the skin (see Figure 2) or at any angle (inclined webs).
Because of the chosen set-up, the inner frame has many degrees of freedom. LZ or omega frames
are also possible here as well.
An additional characteristic is the effort made to protect the skin from external impacts (e.g. hail). A
foam-core and an exterior detection layer is put on the stressed skin so that it has a 1 ½ shell
design.
The detection layer takes on the task of an aerodynamic surface and serves as an impact
indicator. This construction can considerably reduce maintenance efforts. An optical examination is
sufficient for large surfaces and only local, clearly identifiable areas require a more close
examination.
The foam has multifunctional tasks since it acts as both a heat and noise insulator. It also supports
the stringer against local buckling and serves as an aid during manufacture. However, demands on
the foam, particularly during manufacture, are relatively high. As a result, only those that perform
well with regard to temperature resistance and compression strength come into question.
A sandwich shell design comprising a hybrid core was selected in the cargo compartment taking
especially into account high impact and burn-through resistance.
3

CFRP FUSELAGE DEMONSTRATOR

In order to demonstrate the insights that had been obtained, a full-scale structure was
manufactured with which the different results and ideas could be demonstrated (Figure 3).

Upper panel - integral design
(incl. stringers, frames, and impact
protection)

Laps at the interface made of a
hybrid composite: CFRP/titan

Passenger area
as the primary structure
floor slab incl. seat rails
as a stressed component

primary crash element
Lower panel - integral design
(incl. impact protection)

Figure 3:

Middle panel - integral
design (incl. stringers)

Cargo compartment
as the sacrificial structure with
regard to crash and impact

CFRP fuselage demonstrator

Original measurements were used in order to counter any doubts that such as a structure could not
be used in practice. But precisely the high degree of integration can only be clearly demonstrated
by using such large structures. The goal was the manufacture of a half fuselage section (approx.
180°) with the length of one meter.
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3.1

Design

The design that was chosen for the demonstrator is based on the Gondola concept. The
demonstrator is divided into a primary and a secondary structure.
3.2

Manufacturing concept

The manufacturing concept was developed in such a manner that it could be used for a
comparable series production later on. A concept for the manufacture of the shells was developed
with the goal of cost-effectively fulfilling the design requirements. The single-line injection (SLI, see
Figure 4) method [7] was used to manufacture the primary structure (passenger area). Specially
formed stainless steel plates were used for the stiff toolings that represent the aerodynamic
surface (see Figure 5).
pressure reducing valve
resin container
Vacuum system

vacuum bag
resin transfer line
fiber preform

autoclave

single- sided tool

Figure 4: Single-line injection principle (SLI)

Figure 5: Tooling for the fuselage shells

Many of the ideas that were realized came about during the development of the design concept.
The detector layer was composed of only one CFRP fabric layer and was directly placed on the
attached tooling in order to achieve a good surface quality of the aerodynamic surface.

detector layer

foam core

fabric tubes stressed skin
UD-bands

Figure 6: Comparison of two impacted shells with
different detector layer materials

Figure 7: Set up of the shells

In order to attain a higher resistance against impacts, synthetic fibers such as Aramid or Zylon
(PBO) were also tested for the detector layer. Production studies with a similar composition and a
PBO layer have show that this can definitely be an option. Even significantly better results were
achieved at impact load with the synthetic fiber layer (see Figure 6).The foam was used as a
production aid. It enabled a very easy set up of the shells (detector layer, stringer, foam, stressed
skin and frames) in one step (see Figure 7).
The stringers were displayed by wrapping the closed-pored PMI foam [8] with dry carbon fiber
tubes and bands [9], [10] according to the stiffness requirements. These were then placed next to
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each other, fixed within the limit stops and compressed. The foam can be mechanically processed
according to the requirements or formed with heat. The foam-manufacturer is currently working on
an improvement of the foam with regard to processing using the liquid resin infusion (LRI) method.
One of the goals, for example, is to improve the absorption of resin at the open-pored edges. The
skin is laid on the wrapped tubes. A warp-knitted fabric [11] is used. Differences in the thickness of
the skin were achieved in the area of maximum bending stress by applying thinner foam cores.
This step is necessary to be able to apply the frame over the whole area with a constant bending.
The frame is carried out as a LZ frame. An aluminum tooling was used to display the contours. A
possible alternative would have been the use of an Omega frame where a foam tooling is used,
similar to the set up of the stringer.
This type of shell for the passenger area runs about 120° of the breadth and can be manufactured
at almost any length. Because of the breadth of approximately 4 meters for the present noncrimped fabric widths, however, an adjoining or overlapping of the stacks is inevitable.
In contrast to the primary structure, the cargo compartment shell was manufactured using the
vacuum-assisted resin infusion (VARI) process [12]. The panel consists of a sandwich with a
hybrid core comprising 50% thickness of highly fire resistant PEI foam [13] at the outside, and 50%
core thickness of Nomex honeycomb [14] at the inside. In the outer CFRF face sheet, a PBO-fabric
impact “catching” and burn through protection layer was integrated. Different constructive
measures for the absorption of energy in the case of a crash were carried out: integrated crash
tube in cargo compartment strut, tension band and “plastic” hinges to reduce forces in y direction
and to absorb additional energy.
3.3

Interfaces

In accordance with the design concept, three
longitudinal joints were planned for the breadth.
Mechanically joints were used for this purpose.
CFRP/ titan composites were used to introduce
additional stiffness and to reduce the weight of these
interfaces. This hybrid is characterized by a high
specific joining grade for bolted connections and
additionally shows an extremely high degree of
stiffness ([15], [16]) which is very useful in view of the
reduced cross-section.
The interface of the upper shells with the floor
structure also serves as a connection to the cargo
compartment. An additional connecting point of the
cargo compartment to the primary structure are the
frame and crash tube that are connected to the floor
structure.
The demonstrator was assembled in Brunswick and
set in a frame see figure 8. It has been made big
enough so that a person can walk around in it. The
demonstrator is supplemented with a lattice structure
shell that was manufactured by the CRISM (Crism
Cat) Russian institute [17] using the filament winding
method.

Figure 8: Demonstrator on ILA 2002
in Berlin
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4

OUTLOOK

A number of questions concerning complex problems of the aircraft fuselage could addressed only
marginally or not at all. A “typical” fuselage was primarily regarded here. Many detail problems and
questions that came up even during the project had to be set aside and are only part of further
work which will follow this project.
5
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Design Rules for a CFRP Outer Wing⊗
L. Herbeck, H. Wilmes
DLR, Institute of Structural Mechanics, Lilienthalplatz 7, 38108 Braunschweig, Germany

ABSTRACT
Design rules for composite components are an effective method for design engineers to realize a
design with an optimal weight. They help identify the decisive parameters and point out the
physical correlations.
The process of setting up and verifying design rules for the components of a CFRP outer wing are
explained in this report by taking bolted joints and stability for ribs and spars as an example.
Analytical calculation methods and a comparison with experiments in particular are addressed
here.
1 INTRODUCTION
The development and design of new large aircraft like the Airbus A380 leads to increased
dimensions and subsequently to higher load levels. Therefore, the use of advanced materials and
design concepts is essential. CFRP is intended for large, highly-loaded structures such as the
wing. Apart from the excellent specific values of CFRP in terms of stiffness and strength,
composite materials offer additional design parameters like the stacking sequence which lead to an
increase of flexibility in the structural design. In order to make use of these new options, the design
engineer requires fast calculation methods for the dimensioning of CFRP components. Apart from
the advantages of fast calculation analyses, design rules offer the possibility of detecting physical
interdependencies, thus enabling the detection of the main parameters in the laminate design.
The Institute of Structural Mechanics of the German Aerospace Center (DLR) was commissioned
by Airbus Germany to develop design rules for a CFRP outer wing. Working in joint teams, these
design rules were set up and verified for spars, ribs, thick laminates and mechanical joints. A
substantial part of this work was the development of test set-ups with realistic load and clamp
conditions.
Analytical calculations were primarily made for the set-up of optimized design rules. The standard
design methods in aerospace technology as provided by JAR and German aerospace design
handbook (LTH) (Part: Handbook of Structural Calculation) were also taken into account. Standard
finite element programs were used for detailed analyses as well. In order to prove the design rules,
the above-mentioned tests were evaluated extensively and the design rules that were obtained are
now part of the LTH.
The creation of design rules for a CFRP outer wing are shown in this report with two examples. A
design rule for the calculation of bolted joints is explained and the calculation, optimization, and
testing by means of experiments are shown with the example of the stability of unstiffened,
notched rips.

⊗ presented at:

23rd ICAS Congress, Toronto, Canada, 8 – 13 September 2002
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CFRP
outer wing

Fig. 1. Wing of a Megaliner: inner wing made of aluminum and outer wing made of CFRP

1.1 Bolted joints
The currently used Airbus design method for large CFRP structures, especially for highly-loaded
areas, is based on bolted joints for structural assembly. Up to now, almost no experience is
available on the required laminate thickness from 15 mm up to 30 mm as used in a CFRP outer
wing. A total of 900 specimens (notched strips and bolted joints) were tested to obtain reliable data
for the design and proof of these types of structures. The experiments included the examination of
typical parameters. The aim was to determine the influence of different loading conditions on
notches including the change of the load distribution in a joint and to figure out the effect of
secondary bending on the materials’ strength. The test program comprises examinations on single
and double-shear joints, different rows of bolts, several laminate stacking sequences, various bolt
geometries and materials for different laminate thickness from 5 mm up to 30 mm. These
parameters are examined for static and fatigue loading due to tension and compression. The
results were compared with detailed analytical and numerical analyses in order to set up design
rules for joints in CFRP. This guideline provides a program for the design of joints. Furthermore, an
option is now available to optimize the available parameters in reference to the strength of the joint.
1.1 Ribs
The design rules of ribs allow for the dimensioning of loaded areas where strength is the failure
criterion. Different cut-outs with various geometries were taken into account and optimized. For
loaded areas in terms of stability, the influence of shear, compression, and combined loadings
were investigated. In this case the stacking sequence and additional stringer stiffening were
analyzed by taking local and global buckling into consideration. These design rules were verified
by 108 coupon and component tests.
2 DESIGN RULES FOR BOLTED JOINTS
A dimensioning guideline was created for the dimensioning of the bolted joints found in the CFRP
outer wings of a megaliner in order to secure the design. A program with CFRP samples (carbon
fiber reinforced polymers) was carried out. Different parameters of bolted joints that typically occur
were recorded against the background of the great wall thickness of such a wing especially in the
15 mm to 30 mm interface of inner and outer wing.
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2.1 Bolted Joints for Fiber Composite Materials
Bolted joints are widely used in the aircraft industry. The advantages of these joints are that they
can be undone and that they ensure a reliable process with few risks. On the other hand, one
inevitable disadvantage is a reduction in strength due to a concentration of stress in the notches
which must be taken into consideration during the design process of the component.

LT
[%]

Fig. 2. Force progression of a single-shear, triple-rowed joint.

In order to design a bolted joint made of CFRP it is necessary to identify its critical area. The force
progression is depicted with the example of a single-shear, triple-rowed, bolted joints (Fig. 2).
It becomes clear that highest loads occur in the area of the outer bolts which is comparable to the
distribution of shear stress in bonded joints.
In addition to these irregular distributions of force, greatly varying loading of the joint piece occurs
along the length of the connecting area. Loading of each subsequent notch increases with each
bolt since the load that was previously transmitted is transferred past the hole as a bypass which
results in increased stress (tangential tension). The notch on the first (or last) bolt of each joint
piece is the most highly stressed area of the whole joint (Fig. 2) since the tangential tension here
consisting of load transfer and bypass load is the most highly superimposed.
Due to the bypass loading, maximum stress occurs in the laminate at the edge of the hole in the
area of the most narrow cross-section. The laminate in this area around the hole fails accordingly.
Excess tension caused by bypass loading is primarily determined by the laminate set-up [1]. In
addition, geometric measurements, the arrangement of the bolts (pitch, edge distance), and
particularly the absolute hole size influence the strength since a so-called hole-size effect can be
observed in fiber composites [2].
The load is transferred by the bearing between the bolt and the edge of the hole. This results in
radial tension at the edge of the notch because of the bearing and tangential tension which, in turn,
is due to load diversion of the transmitted force around the hole.
Several possibilities of laminate failure in bolted joints are the result.
Failure occurs in the rest of the cross-section (tension failure), as can also be observed in holes
without loads, and at the pressure point of the bolt (bearing of the hole, shear out failure) as well. In
addition, mixed forms occur in bolted joints during failure (clearage tension failure) (see also [3]).
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Influencing parameters in bolted joints are geometric measurements such as width, edge distance,
thickness and hole diameter, the laminate set-up, (number of plies in a certain direction),
abatement, material, stacking sequence, and fitting of the joint. Parameters such as environmental
influences, bolt material and clamping can influence the strength of such joints [4], [5].
2.2 Design Rule for Bolted Joints
In order to create a dimensioning guideline for multi-rowed bolted joints, it is assumed that the
fractured body can be seen as linearly elastic in the whole area. For this reason, any inelastic
procedures must be limited to small areas that correspondingly can be microscopically neglected.
This approach particularly applies to failure in the form of a brittle fracture that can be observed in
fiber composites particularly when fiber plies are positioned in the direction of the load.
Similar to the K concept of the linear fracture hypothesis, it is assumed that the linear elasticity
theory in the area of maximum tension around the notch no longer represents a sufficient
specification. The microscopic intermediate fiber fractures in the material run along the fiber
orientation and bring with them concentrations of inner forces (see Fig. 3).

Fig. 3. Intermediate fiber fracture in the area of a notch (x-ray)

In order to formulate a fracture criterion, a description of the definition for tension is chosen. The
influence of the high-energy area is taken into account by ki (notch stress factor) which is a type of
excess tension. The tension can therefore be formulated in the area of the notch, σK, in the
following context:

σ K = ki ⋅ σ B = ki ⋅

F
A

(1)

Factor ki shows to what extent the applied (total) tension, σB, is elevated in the area of the notch
and therefore which tension occurs in the notch (σK).
In order to formulate a fracture hypothesis, it is now assumed that the notched body fails when the
tension of the notch corresponds with the strength of the (unnotched) laminate, σLam. The following
is postulated for the fracture:

σ Lam. = σ K

(2)

A number of well-known concepts in scientific literature are based on similar principles [6].
It is assumed that the fractured body can be microscopically regarded linearly elastic. As a result,
the following notch load levels can be superimposed:
N

σ K = ∑ ki ⋅ σ B
i =1

(3)
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The highest notch load level in bolted joints results from the shares that are transferred into the
area of the first (last) bolt by means of bypass loading and load transfer:

FLT = LO ⋅ Fges , FBY = (1 − LO ) ⋅ Fges

(4)

and therefore the following applies for the notch loading:

κ k = (1 − LO ) ⋅ κ BY + LO ⋅ κ LT

(5)

The load transfer takes place by contact stresses of the bore edges and bolt. Depending on the
number of notches in the joint and the thickness of the joint piece, the bolt is additionally stressed
by bending. Bending the bolt causes an uneven surface pressure over the wall thickness of the
component and leads to a reduction in strength which must taken into account in the kLT factor
Jarfall [7] has already presented a similar model for the calculation of cyclically loaded metal joints
in which excess tension can be similarly superimposed for bolted joints.
Knowing the load transfer rate (LO) and the individual tension intensities (kBY, kLT) for both notch
loads and their dependencies on the corresponding influence parameters, dimensioning can be
carried out for a laminate with regard to the failure in the remaining cross sections (side fracture).
The influence parameters of the load transfer rate are primarily located in the stiffness of the plate
sections and in the stiffness of the joint elements and their number in the load direction. Semi
empirical research on this topic can be found in Tate, Rosenfeld [8], and Huth[9], among others.
2.3 Testing Program
In order to determine the notch loading factors, approx. 900 tests were carried out in order to
provide information on the dependency of different parameters. Stiffness at a 100% bypass were
determined based on corresponding open-hole tests.
Different bolted joint structures were tested as well. The main focus of this program therefore is on
different, typical parameters of bolted joints. Insights on joints and the influence of different load
transfers, bending influence and additional parameters (bolt material, abatement, secondary
bending) are analyzed here. The tests were carried out in constant geometrical conditions with
regard to width, edge distance, and pitch. On the other hand, absolute parameters with regard to
bolt diameter and thickness of the sample were changeable. Bolt diameters of 11.11 mm to 25.40
mm and sample thickness of 15 mm to 30 mm were examined.
These examinations were carried out with the HTS 6376 UD tape with a single layer thickness of
0.25 mm. Two different laminate structures were tested: a skin laminate (50/40/10) and a spar
laminate (10/80/10). Tests and joint pieces were made of the same laminate structure. HI-LOK
bolts were used for all tests whereby different bolt materials (titan and steel) and forms
(countersunk and protruding heads) were tested. A clamping torque fitted to the bolt diameter
(according to manufacturing standards) was provided for all tests.
The load transfer rate of the bolted joints was determined with the aid of an optical elongation
measurement. Stochastic patterns were applied to the surface of the samples and were taped with
a video camera before and during the loading (see Fig. 4). Elongation in different directions can be
determined when comparing the figures [10].
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Fig. 4. Elongation measurement: „pre-treated sample“ (l.) and deformation result (r.)

2.4 Analysis of the Results with Regard to a Design Rule
The necessary parameters for the calculation of the superimposition function can be determined by
the tests. These, however, are dependent on different parameters and in different forms. All of the
mentioned influence parameters could not be examined so that some correlations were only able
to be interpreted from certain geometric and manufacturing viewpoints. As already mentioned, the
main focus is to study the influence of the laminate thickness on bolted joints.
Samples with unloaded holes were used for tension intensity at a 100% bypass. It becomes clear
that, in addition to the laminate, the main parameter in such a study is primarily the diameter. A
positive result of the tests is that the thickness of the samples did not have a reduced effect. In Fig.
5 the notch stress factor between 15mm and 30mm is applied as a function of the diameter in the
thickness of the laminates.
4

t=5mm
t=15mm
t=20mm
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t=30mm

100% Bypass-Loading (Tension)
Diameter: 6,4-30,2mm
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2,5

2

Laminat
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1,5

1
0
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20
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35

diameter [mm]

Fig. 5. Notch stress factor at a 100% bypass

This figure clearly shows the increase of the notch stress factor with the diameter of both
laminates. It is noticeable that the stiffer skin laminate (50/40/10) apparently is more notch
sensitive than the spar laminate (10/80/10).
In order to determine the notch loading factors during load transfer, 2 and 3-rowed joints with
regard to a 100% loading transfer were converted with the help of Eq. 5.
Because of the uneven distribution of tension over the height of the laminate caused by the bolt
deformation, it becomes clear that the notch loading factor is heavily dependent on the thickness /
diameter ratio (t/d) (see Fig. 6).
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Fig. 6. Notch loading factor at a 100% load transfer (d=19.05mm, 50/40/10)

Here the difference between single and double-shear configurations becomes clear. Single-shear
samples are much more dependent on the t/d parameter due to strong bolt deformations.
Extrapolating the single and double-shear values (t/d->0) they lead in a common notch stress
factor. This is regarded as notch loading with neglect able bolt deformation (plane problem). The
notch loading kLT(t/d=0) may be a theoretical parameter but proves to be very useful in the
formulation of the notch loading factors for the load transfer.
Together with the determined notch loading factors, the dimensioning guideline now provides the
strengths of single and double-shear joints as a function of the load transfer. A dimensioning of the
bolted joints can be made with the knowledge of the geometrical boundary conditions and the load
transfer rate.
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Relative Strength

Tension failure

75%

100%

Load-Transfer

Fig. 7. Tension intensity factor at a 100% load transfer

In Fig. 7 an example of the correlation for single and double-shear joints is shown for a laminate
and a geometry. The dots represent tests for the corresponding geometry for single and doubleshear joint configurations.
A decrease in the strength as the rows decline and thus an increase of the load transfer as well as
a difference in the strength between single and double-shear joints become evident.
A statistical evaluation of the deviation of the design rule from the strength results shows that the
standard deviation is around 5% when both parameters are placed in direct proportion. This also
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lies approximately in the area of the scattering of the results and shows that the influence
parameters have been registered well enough.
Statistical research for fatigue tests was supplemented with R=0.1. No failure of the laminate was
observed in these tests, making it seem unnecessary to take the repeated loading during the
design of the laminate into consideration.
3 DESIGN RULES FOR RIB STABILITY
In this chapter, a design rule for the stability of unstiffened whole wall ribs with and without notches
is described. Additional Design Rules are described in Herbeck et. al. [14]. In addition to an
analytical and a FE calculation, an optimization of the ribs and an examination of the test
calculations using DMS and a 3D grid process are presented. The ribs can be calculated here as a
plate beam.
3.1 Calculation of the Rib Stability
3.1.1 Analytical Calculations
An estimation of the critical buckling loads can be made analytically. First the ribs are idealized as
a flexibly supported rectangle. The actual support at the connections to the wing shell and the
joints with the spars will be somewhere between “clamped” and “flexibly supported”. Choosing the
flexible support is always better since the buckling loads here are lower than with those that occur
with clamping.
Calculation of the stability of the unstiffened plate can be conservatively estimated by means of the
“combined buckling hypothesis”. Compare:
2

nz  n yz 
≤1
+
nzkr  n yzkr 

(6)

Critical buckling pressure and shear flow are assumed under the following conditions:



if the main orthotropy axes (1, 2) run in the direction of the rectangle sides,



if the laminate is symmetrical to the middle level and



if the calculated buckling flows are within the linear-elastic area

for the shear flow by:
π 
nyzkr = k s  
b

2
4

3
D11 D22

(7)

and for the critical pressure flow by
2

π 
nzkr = k D   D11
b

(8)

The buckling coefficients ks and kD are indicated in dependence of the effective side ratio
α=

b D11
4
a D22

(9)

which is also relevant to the bending stiffness of the plate, and the Seydel orthrotropy parameter
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η=

D12 + 2 D33

(10)

D11 D22

in [11] in the form of curved shells. The ribs that are to be studied here have a geometrical heightto-width ratio of 0.2. Therefore they can all be calculated as plate beams. The pressure buckling
value kD for all flexibly supported, orthotropic plate beams amount to 1, see [13]. The shear
buckling value, on the other hand, still depends on the Seydel orthrotropy parameter, the so-called
cross number. It can be approximated with the following equation:
k s = 3,3 + 2,5 η − 0,18 η 2

(11)

Since the precise stacking order of the laminate and the elements of the composite bending
stiffness matrix are not yet known during the design phase, calculations can be made more easily
with the middle bending stiffness
D11 =

Ext 3
,
12(1 −ν xyν yx )

D12 = ν xy D22 = ν yx D11 ,

D22 =

D33 =

E yt 3

12(1 −ν xyν yx )

Gxyt 3

,
(12)

12

These result under the assumption that the plies of each fiber orientation are evenly distributed
over the plate thickness so that a homogeneous plate is created. Depending on the actual order of
the layers, the calculated, middle buckling flows (Eq. 8 and 9) can deviate from the actual buckling
flow.
The analytical stability calculation of the notched ribs is not possible since the decline of the
buckling value due to a notch is not known. In order to still obtain a quick estimation of the critical
buckling load, comprehensive FEM calculations and tests were carried out, the results of which are
presented in the chapter on stability.
3.1.2 FEM Calculation
The finite element calculations of the rib stability were made with the isoparametric four-knot shell
element QUAD4 from the MSC/NASTRAN library that are based on bilinear approach functions.
The MSC/PATRAN program was used for modeling and networking, whereby the LAMINATEMODELER was used to define the multi-layer laminate. Based on the classical laminate theory,
fiber composite materials can be generated layer by layer from the previously defined UD single
layers. In addition, the CADFEM/ANSYS program package was used for linear calculations.
First, linear stability calculations were carried out by means of eigenvalue analyses which supply
explicit buckling loads and their respective buckling forms with arbitrarily normed amplitudes.
In order to make a correlation between the load levels of the experiments and the amplitudes of the
buckling form, a non-linear calculation was then performed. A small imperfection in the form of a
buckling shape determined by linear FEM was added onto the structure and then the load was
added in several steps.

knot displacement w [mm]
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non linear buckling load
B

A
C

D

loadfactor

Fig. 8. Non linear FEM calculation of the samples: graphic determination of the stability limit.

In order to precisely determine the occurrence of the stability case, knot displacement w to the
plate level of a selected knot is shown above the load. An evaluation diagram is shown in Fig. 8 as
an example in which guide lines necessary for the evaluation are depicted. A tangent is applied to
the curvature that runs through points A and B. The second guideline is given by the extrapolation
of the quasi-linear uncritical deformation area (C). From the intersection point (D) of the tangent
and guideline a perpendicular line is run to the load axis and marks the non linear critical buckling
load.
3.2 Optimization of Notched Ribs
During optimization of the unstiffened notched ribs, the only free parameter is the laminate set-up.
If the ribs are primarily loaded with pressure, the most reasonable choice is a laminate set-up with
a high 0° share of plies (in the force direction). As for the tested ribs that were primarily loaded with
shear, the optimum stability is almost independent of the chosen laminate set-up, as can be seen
in Fig. 9. This is because the high shear buckling value has small stiffness as a result and vice
versa. This leads to almost similarly critical shear flows over the entire force area of interest and
therefore the required wall thickness.
The optimization for the notched ribs depends on the requirements for optimal strength. For both of
the prevalent rib types this would be the laminate set-ups [10% 0°/ 80% ±45°/ 10% 90°] primarily
for shear loads and [50% 0°/ 40% ±45°/ 10% 90°] with even pressure and shear loads.

ny z

rib thickness

t [mm]

c

25/50/25

50/40/10

10/80/10

70/20/10

load flow nyz [N/mm]
Fig. 9. Influence of the stacking sequence on the required critical buckling wall thickness
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3.3 Stability Test Evaluations
3.3.1 DMS Evaluation
The evaluation of the tests that were carried out [15]to determine the empirical buckling load was
made by means of a graphic determination with the aid of a special evaluation diagram. The
opposing elongation measured value sequences of a measurement area are shown above the test
force. As an example, Fig. 10 shows the measured value sequences resulting from non-linearity
that occurred during buckling. A more common term for this is funnel curves. At the same time, a
third curve in this diagram that represents the arithmetic mean value between elongation measured
value sequences was also shown above the test force.
Tangents are shown in the linear overly critical area of the funnel curves. Starting a the points of
intersection of the two tangents with the mean value curves lines run perpendicular to the load axis
and show the empirical buckling limits of this measurement. The arithmetic mean value between
the upper and lower empirical buckling limit is defined as an experimentally determined buckling
load for the observed measurement area.
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Fig. 10. DMS evaluation of a shear test of sample body

This graphic evaluation is carried out at each measurement area within the test for all
measurement directions (0°, 45°, 90°). Within the values of each measurement direction, the
smallest value is defined as the buckling difference for that measurement direction and is then
arithmetically averaged.
3.3.2 Evaluation of a 3D Raster Method
In addition to the DMS measurements, 3D grid measurements were carried out on all samples (see
[16]). The 3D grid method is an optical measurement method that enables the determination of
displacement fields, among other things.
The order of the images in Fig. 11. indicates the changes that take place in the buckling shape
depending on the type of load. The buckling in Fig. 11a is below 45°. With an increase in the share
of pressure it is oriented to a 0° pressure load direction as seen in Fig. 11d.
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a

b

c

d

Fig. 11. Changes in the buckling shape with changed load forms
a) shear loading nxyz, b) nyz/nx = 5, c) nyz/nz = 1, d) pressure loading nz

3.4 Design Rules Stability with Notches
The below figure (Fig. 12) shows an interaction diagram for a combined notched pressure-shear
loading. The FEM calculation results for flexible support and clamping are recorded here. The
results of the individual buckling tests are noted as well. The diamond stands for the chosen
buckling value, the cross for the lowest buckling level and the circle stands for the highest buckling
level. All test results tend to lie between the FEM results of the flexible support and the results of
the tight clamping. The result of this comparison is that the flexible support demonstrates a
conservative estimation of the critical buckling values of the notched ribs under a combined
pressure-shear loading.
300,0
buckling load
minimum buckling load

250,0

maximum buckling load
FE flexible

shear [N/mm]

200,0

FE clamped

150,0
100,0
50,0
0,0
0,0

50,0

100,0
150,0 200,0
compression
[N/mm]250,0

300

Fig 12. Interaction diagram of the buckling of notched ribs

If the FEM calculation results of a flexible support of an unnotched rib are normed, the result is a
stability declination factor based on the relative notch size, see Fig. 13. This, in turn, depends on
the chosen stacking sequence. The declination factor does not continue to decrease with greater
notches but increases again with a high share of shear stacking. These surprising results
correspond well with the test results.

factor of stability reduction [ ]
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Fig. 13. Design Rule: Declination factor of the stability for notched ribs, laminate 50/40/10

NOMENCLATURE
α
effective side ratio
η
Seydel orthotropy parameter
εx
elongation in the x direction
γxy
shear strain in the x, y directions
εy
elongation in the y direction
σ
tension
BX1, X2
c
d
Dij
Ex ,y
F
Gxy
k
ks, kD
l
L0
nz, nyz
nzkr, nyzkr
t
v
w

bending stiffness on the pressure and tension sides
height of rib
notch diameter
plate bending stiffness of rib
elasticity module in x and y directions
force
shear module in the x, y levels
notch loading factor
buckling coefficient
width of ribs
loading share due to load transfer
pressure force flow
critical buckling pressure flow, shear flow
thickness
ratio of support requirement
width / displacement

Signs
BY
LT
max.
r
t

Bypass Loading
Load Transfer
maximum
radial
tangential
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ÜBERSICHT
Angesichts immer knapper werdender Ressourcen und zunehmender Umweltbelastungen müssen
über Energieeinspareffekte durch Leichtbauweisen hinaus zunehmend auch Aspekte der
Rohstoffgewinnung und stofflichen Verwertung nach dem Ende von Produktlebenszeiten
betrachtet werden. Bei der Verwendung konventioneller Kunststoffe und Faserverbunde sind
Produktion, Nutzung und Entsorgung unter dem Gesichtspunkt der Umweltverträglichkeit oftmals
sehr problematisch und mit erheblichem technischem Aufwand verbunden.
Einen Lösungsansatz bieten hier naturfaserverstärkte Polymere. Als Polymere eignen sich sowohl
Duroplaste als auch Thermoplaste auf Basis nachwachsender Rohstoffe. Werden Pflanzenfasern
wie z. B. Flachs, Hanf oder Ramie in biopolymere Matrizes eingebettet, so können Faserverbunde
hergestellt werden, die durch rohstoffliches Recycling oder durch thermische Verwertung
umweltverträglich im Stoffkreislauf geführt werden können.
Gerade naturfaserverstärkte Kunststoffe haben sich im Automobilbau fest etabliert. Ihre Vorteile
bei der Verarbeitung, die geringen Dichten und andere günstige Eigenschaften können auch im
Schienenfahrzeugbau genutzt werden. Hierzu ist es notwendig, die brennbaren Naturfasern und
Polymere flammhemmend so auszurüsten, dass sie die gültigen Normen erfüllen. Mit der
Brandschutzzertifizierung wurde der Eintritt dieser Werkstoffe in den Schienenfahrzeugbau
ermöglicht. Um ihren industriellen Einsatz voranzutreiben, waren und sind weitere Forschungsund Entwicklungsarbeiten erforderlich, die sich mit der Anpassung der Ausgangskomponenten für
die vorhandenen Fertigungsverfahren beschäftigen. Der Vortrag stellt die aktuellen
Einsatzmöglichkeiten dar.
BIOCOMPOSITES IN RAIL VEHICLE APPLICATIONS
In view of the increasing shortage of resources as well as growing ecological damage, the aspects
of the exploitation of raw materials and the recovery after the end of the lifetime of products have to
increasingly be taken into consideration. In addition, the aspect of saving energy by means of
lightweight constructions must also be regarded. The use of conventional, i.e. petrochemicallybased plastics and fibre-reinforced polymers, the production process, as well as usage and
recovery are often very difficult and demand considerable technical resources.
An answer to solve all these problems may be provided by natural fibre-reinforced biopolymers
based upon renewable resources. By embedding plant fibres, e.g. from flax, hemp, or ramie into
biopolymeric (both thermosettings and thermoplastics), fibre-reinforced polymers are obtained that
can be integrated into natural cycles in an environmentally-friendly manner, e.g. by classic
recycling or by CO2-neutral incineration.
Natural fiber reinforced composites have definitively been established in the automobile industry.
Their advantages in processing, their low densities and other favourable qualities can also be used
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in rail vehicle engineering. In order to fulfill the requirements of valid standards therefore it is
necessary to reduce the flammability of natural fibers and polymers. Obtaining the fire protection
certification was the admission of these materials for rail vehicle engineering. In order to further
propagate the industrial usage research and development have been and are still required that
deal with the adaptation of raw materials to be used with established manufacturing methods. The
lecture represents the state-of-the-art in rail vehicle applications.
EINLEITUNG
Faserverbundwerkstoffe verfügen über ein hervorragendes Leichtbaupotential bedingt durch
gezielte Orientierung der Fasern in Richtung der zu erwartenden Beanspruchungen. Dieses
Eigenschaftsprofil macht die Faserverbunde zu den Werkstoffen der Wahl für Anwendungen im
Bereich der Verkehrstechnik, da sich hier die erzielbaren Masseeinsparungen ganz entscheidend
zugunsten von Ökologie und Ökonomie auswirken, z. B. durch Erhöhung der Nutzlast,
Verringerung des Betriebsstoffverbrauchs oder höhere Reichweite.
Angesichts immer knapper werdender Ressourcen und zunehmender Umweltbelastungen müssen
über Energieeinspareffekte durch Leichtbauweisen hinaus zunehmend auch Aspekte der
Rohstoffgewinnung und stofflichen Verwertung nach dem Ende von Produktlebenszeiten
betrachtet werden. Bei der Verwendung konventioneller Kunststoffe und Faserverbunde sind
Produktion, Nutzung und Entsorgung unter dem Gesichtspunkt der Umweltverträglichkeit oftmals
sehr problematisch und mit erheblichem technischem Aufwand verbunden.
Einen Lösungsansatz bieten hier naturfaserverstärkte Polymere. Als Polymere eignen sich sowohl
Duroplaste als auch Thermoplaste, unabhängig von ihrer Rohstoffbasis, d. h. sie können
petrostämmiger Natur sein aber auch aus nachwachsenden Rohstoffen bestehen. Werden
Pflanzenfasern wie z. B. Flachs, Hanf oder Ramie (Zellulosefasern) in polymere Matrizes
eingebettet, so können Faserverbunde hergestellt werden, die durch rohstoffliches Recycling (z. B.
durch Vergasung zu Methanol), durch thermische Verwertung oder u. U. durch Kompostierung
umweltverträglich im Stoffkreislauf geführt werden können (Abb. 1-1).

Abb. 1-1:

Kreislauf der naturfaserverstärkten Polymere

WAS KÖNNEN NATURFASERN LEISTEN?
Gerade Naturfasern eignen sich hervorragend als Verstärkung für Verbunde, da sie eine hohe
Zugfestigkeit und Steifigkeit aufweisen, während die Matrix in der Regel ein zeit- und
temperaturabhängiges Materialverhalten aufweist sowie eine deutlich geringere Zugfestigkeit und
eine vergleichsweise höhere Dehnung besitzt. Das bedeutet, dass die mechanischen
Eigenschaften der Faser das Steifigkeits- und Festigkeitsverhalten des Verbundes entscheidend
prägen.
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Zur Beschreibung dieses Leichtbaupotentials werden bei der Verwendung von Naturfasern in
Verbundwerkstoffen deren spezifische mechanische Eigenschaften benötigt. Im folgenden
Diagramm werden die absoluten und die spezifischen Festigkeiten der technisch interessantesten
pflanzlichen Naturfasern mit denen von Glasfasern verglichen.
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Abb. 2-1: Naturfasern im Vergleich mit Glasfasern

Es ist ersichtlich, dass die absoluten Werte der pflanzlichen Naturfasern etwa auf halbem Niveau
der Glasfaserkennwerte liegen. Auf das spezifische Gewicht bezogen, sind die Kennwerte der
Pflanzenfasern mit denen der Glasfaser vergleichbar. Die Hanf- und Bromeliafaser liefern sogar
höhere spezifische Kennwerte als die Glasfaser. Neben Produkten in denen reine Naturfasern
verarbeitet werden (z. B. Dämmstoffe, Geotextilien), eröffnen sich damit vor allem bei der
Anwendung von Pflanzenfasern in Verbundwerkstoffen neue Alternativen im technischen
Leichtbau.
WAS SIND BIOPOLYMERE?
Biopolymere bezeichnen solche Polymere, deren
nachwachsenden Rohstoffen bestehen. Dabei können
Polymerkette als auch von der Seitenkette oder von
Monomeren gebildet werden. Hieraus resultiert eine
Abbildung 3-1 zeigt eine schematische Übersicht.

Grundbausteine überwiegend aus
die Grundbausteine sowohl von der
den zum Polymer zu verknüpfenden
Vielzahl von Bildungsmöglichkeiten.

Biopolymere

Polymer

Polymerkette

Monomer

biotechnische Synthese

natürliche Synthese

natürliche Synthese

physikalische Verfahren:
z.B. Compoundieren
chemische Verfahren:
z.B. Derivatisierung, Vernetzung

physikalische Verfahren:
z.B. Destrukturierung, Compoundieren
chemische Verfahren:
z.B. Derivatisierung, Vernetzung

physikalische Verfahren:
z.B. Compoundieren
chemische Verfahren:
z.B. Derivatisierung, Vernetzung

Abb. 3-1: Gliederung der Biopolymere

Im DLR wurden die nachfolgend aufgeführten Biopolymersysteme



Zelluloseester



Polyhydroxybutyrate



Polymilchsäure



Stärke Blends und Derivate



Holz und verschiedene Naturmaterialien
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Polyurethane



Epoxidharze



Acrylate



Schellack

hinsichtlich ihres Einsatzes für hochbelastbare Faserverbundwerkstoffe analysiert. Insbesondere
wurden dabei:



die Verarbeitbarkeit



die Stabilität



die Wärmeformbeständigkeit und



der Preis

bewertet. Bei der Analyse handelt es sich um einen kontinuierlichen Prozess, d. h. auch neue
Entwicklungsprodukte werden untersucht.
Es hat sich gezeigt, dass insbesondere die Duroplaste auf Pflanzenölbasis (Polyurethane, Acrylate
und Epoxidharze) sich hervorragend für den Faserverbundeinsatz eignen.
WERKSTOFFEIGENSCHAFTEN VON BIOVERBUNDEN
In Abb. 4-1 werden am Beispiel der Biegeeigenschaften ausgewählte BioVerbunde mit
glasfaserverstärkten Verbunden (GFK) verglichen. Dabei zeigt sich deutlich, dass bei gleichem
Faservolumengehalt die Eigenschaften von GFK bereits jetzt annähernd erreicht werden können.
Wird berücksichtigt, dass die Dichten der Naturfasern mit ca. 1500 kg/m³ deutlich unterhalb der der
Glasfasern mit ca. 2500 kg/m³ liegen, so kann bei gleichem Bauteilgewicht in einem gewissen
Rahmen ein höherer Faservolumenanteil bei den BioVerbunden eingestellt werden, der eine
größere Verstärkung bewirkt.

Abb. 4-1:

Biegeeigenschaften ausgewählter naturfaservliesverstärkter Verbunde

In Anlehnung an die bewährten Verfahren in der Faserkunststofftechnik werden beim DLR
Fertigungstechnologien zur Herstellung von BioVerbunden entwickelt, untersucht und optimiert.
Dabei handelt es sich insbesondere um die Presstechnik, die Laminier- und die Wickeltechnologie
sowie die Pultrusion.
FERTIGUNGSVERFAHREN
Glasfaserverstärkte Kunststoffe nehmen aufgrund ihrer guten Gebrauchseigenschaften sowie der
vergleichsweise günstigen und anerkannten Fertigungstechnologien im Bereich der
Verkehrstechnik eine herausragende Stellung bei der Realisierung von Kunststoffbauteilen ein. Zu
den mengenmäßig bedeutendsten Fertigungsverfahren zählen dabei das Handlaminieren, für das
im Jahr 2001 in Europa ein Umsatz von 194.000 to verzeichnet wurde, und das SMC-Verfahren
(Sheet-Molding-Compound) mit 186.000 to.
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Handlaminat
Aufgrund
der
überwiegend
manuell
durchzuführenden
Arbeitsschritte
zählt
die
Handlaminiertechnologie eher zu den einfacheren Verfahren zur Herstellung von
Faserverbundbauteilen. Mit Hilfe meist einteiliger Formwerkzeuge eignet sie sich insbesondere für
kleinere Stückzahlen und Prototypen sowie zur Herstellung von großflächigen Bauteilen.
Bei der Fertigung von Bauteilen im Handlaminierverfahren wird auf eine, ggf. mit Trennmittel
versehene, einfache Negativform lagenweise das Fasermaterial gelegt und schichtweise mit einem
kalthärtenden Harz getränkt. Um die Luft aus dem Verbund zu entfernen und somit eine
vollständige Benetzung des Fasermaterials zu erreichen, wird während des Fertigungsprozesses
durch kontinuierliches Streichen oder Rollen das Material an die Form gedrückt. Dieses Ausrollen
wird durch den Einsatz möglichst dünnflüssiger Harze wesentlich erleichtert, weshalb bei den
derzeit am Markt befindlichen Harzsystemen zu den ohnehin vorhandenen Lösungsmitteln
zusätzlich noch Styrol hinzugesetzt werden.
Als Bettungsmasse für die als Verstärkungskomponente eingesetzten Glasfasern werden
petrochemisch basierte, flüssige Harzsysteme, meist Polyester- oder Epoxydharze, verwendet.
Die Aushärtung erfolgt in der Regel drucklos bei Raumtemperatur, die üblicherweise erreichbaren
Faservolumengehalte liegen bei Verwendung von Mattenlaminaten bei ca. 15-20 Vol.-% bzw. bei
Geweben ca. 40-50 Vol.-%.
Für Einsatzbereiche wie den Schienenfahrzeugbau erscheint dieses Werkstoffkonzept bzw.
Herstellungsverfahren prädestiniert, da es die besonderen Anforderungen, wie z.B. Chemikalienund Feuchtigkeitsbeständigkeit, Strukturfestigkeit etc. bei gleichzeitig wirtschaftlicher Fertigung gut
erfüllt.
Feinschicht
Trennmittel

Glasseidenmatte

Werkzeugaussteifung
Glasseidengewebe

Werkzeug

Abb. 5-1: Handlaminieren

Faserspritzen
Als automatisiertes Handlaminieren wird das Faserspritzen angesehen. Dabei ist es für kleine bis
mittlere Serien geeignet. Es wird eine Faserspritzpistole verwendet, wie sie beispielhaft in der
nächsten Abbildung dargestellt ist. Die Aufgabe der Pistole ist dabei, Harz, Härter, Beschleuniger
und Langfasern kontinuierlich bereitzustellen, zu mischen und auf eine Form aufzutragen. Mittels
Schneidwerk werden die Rovings auf die gewünschte Länge geschnitten und mittels der Pressluft
ausgetragen.
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Abb. 5-2: Faserspritzpistole

Das innige Vermischen des Harzes mit der Faser sowie die Entlüftung erfolgt erst durch das
Rakeln auf der Form. Dazu wird üblicherweise eine Laminierrolle verwendet oder es wird ein Folie
auf die oberste Lage aufgebracht und so evakuiert, das Luftblasen entweichen können. Um eine
gute Oberfläche zu erzeugen, wird auch hier wie beim Handlaminieren zuerst ein Gelcoat
vorgelegt.
SMC
SMC sind Pressmassen, die im wesentlichen aus den Komponenten ungesättigtes Polyesterharz,
Härter, mineralischer Füllstoff, Verstärkungsfasern und einigen Hilfs- und Zuschlagstoffen
bestehen. Neben den Hilfsstoffen, die die Masse eindicken und so die Verarbeitbarkeit erleichtern,
werden auch thermoplastische Materialien zugefügt, die die Reaktionsschwindung verringern
(Low-Profile-Systeme). Diese Formmasse hat zur Zeit die größte wirtschaftliche Bedeutung
erreicht.
Hergestellt wird das SMC auf so genannten Mattenanlagen, wie sie in der folgenden Abbildung
dargestellt ist. In diesen Anlagen wird zunächst der fertig gemischte und nicht dünnflüssige
Harzansatz auf Trägerfolien aufgetragen. Eine der Folien läuft dabei unter einem Schneidwerk
entlang. Hier fallen geschnittene Rovings auf die berakelte Trägerfolie, um eine gleichmäßige
Verteilung der statistisch orientierten Fasern (vornehmlich Glasfasern) zu erreichen. In einem
zweiten Schritt wird die ebenfalls berakelte zweite Trägerfolie aufgebracht. In der folgenden
Walkstrecke wird eine intensive Durchmischung der Fasern mit der Harzmasse sichergestellt.
Die Matte hat eine typische Dicke von 2 – 3 mm und wird aufgewickelt. An diesen eigentlichen
Herstellungsprozess schließt sich dann eine mehrtägige Reifezeit an, in der die Zugschlagstoffe
ein Eindicken der ursprünglich dünnflüssigen Harzmasse bewirken. In die Produktionsstätte
gelangt das SMC dann als lederartige und klebrige, nicht fädenziehende Matte.
Das SMC wird mit einfachen Messern rechteckig zugeschnitten, die Trägerfolien entfernt und
entsprechend der Arbeitsanweisung übereinander gestapelt. Durch leichtes Andrücken der Lagen
wird ein Fixierung erreicht. Anschließend wird der Stapel in das heiße Werkzeug eingebracht und
die Presse zugefahren. Zufahrgeschwindigkeit, Haltezeiten etc. werden durch ein Programm fest
vorgegeben. Dabei müssen hierzu die Bauteilform und -dicke sowie andere wichtige
Prozessparameter berücksichtigt werden.

Abb. 5-3: Prinzipielle Herstellung von SMC-Halbzeugen
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BRANDSCHUTZ
Theorie
Flammschutzmittel werden Kunststoffen zugesetzt, um den Verbrennungsprozess zu hemmen,
oder im günstigsten Fall, zu unterbinden. Die Wirkung beruht, je nach Beschaffenheit der
Flammschutzmittel, auf physikalischen und / oder chemischen Vorgängen in bestimmten Phasen
der thermischen Zersetzung. Die Flammschutzmittel können in der Fest-, Flüssig- oder Gasphase
ihre Wirkung entfalten. Sie greifen bei der Erwärmung, Zersetzung, Zündung oder
Flammenausbreitung in den Verbrennungsvorgang ein.
Die verschiedenen physikalischen und chemischen Eigenschaften eines Flammschutzmittels
treten nie einzeln auf, sondern sind als komplexer Vorgang bei der Verbrennung zu verstehen, bei
der viele Einzelvorgänge gleichzeitig ablaufen. Es dominiert zwar meist eine Reaktion, aber die
Wirkungsschwerpunkte können sich ändern. So ist es nur schwer möglich, endgültige Aussagen
über den Wirkungsmechanismus eines Flammschutzmittels zu treffen. Die Wirkung ist außerdem
sehr stark vom chemischen Aufbau der Kunststoffe abhängig, denen diese Mittel zugesetzt
werden.
Die wichtigsten zur Zeit industriell verwandten Flammschutzmittel werden in folgende Kategorien
aufgeteilt:



halogenhaltige Flammschutzmittel



phosphorhaltige Flammschutzmittel



anorganische Flammschutzmittel

Auswahl geeigneter Flammschutzmittel für BioVerbunde
Für die BioVerbunde wird nur die Verwendung phosphorhaltiger oder anorganischer
Flammschutzmittel in Betracht gezogen, da halogenhaltige Flammschutzmittel ökologisch nicht
unbedenklich sind. Diese können beispielsweise bei einer Verbrennung störende toxische Gase (z.
B. Chlorwasserstoff) bilden. Im speziellen eignen sich die folgenden Systeme



Aluminiumhydroxide



Magnesiumhydroxide



Ammoniumpolyphosphate



Gemische aus Ammoniumphosphaten und stickstoffhaltigen Verbindungen



Gemische aus Ammonium- und Alkalisalzen anorganischer Säuren.

Brandschachttest für Schienenfahrzeuge
Im Brandschachttest werden Werkstoffe und Bauteile gemäß DIN 54 837 (E 1/1991) geprüft. Die
DIN 5510 Teil 2 klassifiziert das Brennverhalten, die Brandnebenerscheinungen (Rauchbildung,
Tropfverhalten) sowie die zugehörigen Prüfverfahren. Aus Gründen des vorbeugenden
Brandschutzes werden die Anforderungen, die an Bauteile und Werkstoffe beim Bau von
Schienenfahrzeugen gestellt werden, in dieser Norm festgelegt.
Der Einsatz von Faserverbundwerkstoffen auf der Basis nachwachsender Rohstoffe wird im ersten
Ansatz im Innenbereich der Schienenfahrzeuge gesehen. Für diese Bauteile gelten die
Brennbarkeitsklassen mit der Bezeichnung S 1 bis S 5. Kleinteile müssen der Klasse S 1 genügen,
während die Klassen S 2 bis S 5 für platten-, bahnen- und profilförmige Werkstoffe, Bauteile und
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Bauteilabschnitte sowie für Beschichtungen Gültigkeit besitzen. Materialien und Bauteile im
Innenausbau müssen dabei die Brennbarkeitsklasse S 3 - S 4 erreichen.
Es konnte bereits ein BioVerbund mit S 3, SR 2 und ST 2 zertifiziert werden. Dabei hat sich
gezeigt, dass auch noch eine höhere Brennbarkeitsklasse erreichbar ist.
PROJEKTE
Lirex
Für die Konzeptstudie „LIREX“ (leichter innovativer Regionalexpress, der erstmalig auf der
Innotrans 2000 in Berlin der Öffentlichkeit präsentiert wurde) der Firma Alstom LHB wurden mit
Mitteln des niedersächsischen Ministeriums für Ernährung, Landwirtschaft und Forsten
Luftsäulenverkleidungen (Abb. 7-1 und 7-2) entwickelt, die sich als Verbindungselemente zwischen
zwei Seitenfenstern im Sichtbereich des Zuges befinden.
Ziel dabei war es, die Einsatzfähigkeit von BioVerbundwerkstoffen für Innenverkleidungsteile im
Schienenfahrzeugbau zu prüfen. Die im Verbund notwendigerweise integrierten Additive wurden
dabei nach der Werkstoffphilosophie „BioVerbund“ ausgewählt, um eine größtmögliche
ökologische Nachhaltigkeit zu erreichen.
Im Rahmen der Komponentenauswahl standen Wirrfaservliese zur Verfügung, die abhängig vom
beabsichtigten Lagenaufbau, entsprechend in ihrer Vernadelungsdichte und dem Flächengewicht
ausgelegt werden können. Das ermöglicht, den Verbund aus einer oder mehreren Faserlagen
aufzubauen. Trotz Zugabe von Flammschutzmitteln konnte die Verbunddichte unter der
vergleichbarer GFK-Verbunde gehalten werden. Die dadurch erreichte Gewichtseinsparung kann
so zu einer Kraftstoffeinsparung oder Erhöhung der Nutzlast beitragen.

Abb. 7-1: Luftsäulenverkleidungen:
Einzeldarstellung

Abb. 7-2: Luftsäulenverkleidungen:
Eingebaut
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Neben der brandhemmenden Ausrüstung des BioVerbundes ist es gelungen, die Bauteile mit
Pigmenten einzufärben. Die erreichte Deckkraft und das Farbvermögen stehen dabei in einem
guten Verhältnis zur anvisierten Erkennbarkeit der eigentlichen Faserstruktur auf der
Bauteiloberfläche. Durch die Verwendung spezieller Vliese ist es gelungen, das geforderte
Lichtgrau in Abstimmung mit dem Designer zu realisieren. Vom Designer bestätigt, setzt die
Farbgebung von BioVerbunden mit Pigmenten neue Maßstäbe im Design und eröffnet zahlreiche
neue Möglichkeiten.
Die Ergebnisse zeigen, dass BioVerbundwerkstoffe auf spezielle Anforderungen auslegbar sind.
Dabei können sie in ihren Eigenschaften so ausgelegt werden, das z. B. durch die Pigmentierung,
neue Einsatzgebiete und Designmöglichkeiten für Produkte eröffnet werden. Durch die erhaltenen
Ergebnisse wird sichtbar, dass sich nachwachsende Werkstoffe hervorragend für
Innenverkleidungsteile eignen.
Fertigung von Nasspressbauteilen
Für die Firma Alstom LHB werden zur Zeit Prototypen einer Sitzkastenverkleidungen für den DT4
der Hamburger Hochbahn in Kooperation mit der Firma Invent gefertigt und eingebaut. Es zeichnet
sich aber ab, dass die Fertigung aus wirtschaftlicher Sicht noch Entwicklungsbedarf aufweist.
Insbesondere die zu erreichten Taktzeiten genügen zur Zeit nicht den industriellen Anforderungen.
Ein entsprechendes Fertigungskonzept, um diesen Mangel beheben zu können, wurde bereits
erarbeitet.

Abb. 7-3: Sitzkastenverkleidung DT4:
Einzeldarstellung

Abb. 7-4: Sitzkastenverkleidung DT4:
Eingebaut

Handlaminat
Ein Ansatz wurde bereits gemeinsam mit den Firmen Alstom LHB und Invent verfolgt. Ziel des
Forschungs- und Entwicklungsprojekts, gefördert durch das niedersächsische Ministerium für
Ernährung, Landwirtschaft und Forsten war es, einen handlaminierfähigen BioVerbund verfügbar
zu machen.
Insbesondere das Biopolymer so einzustellen, dass es bei Raumtemperatur aushärtet war
Kernstück. Bild 5-7 verdeutlicht die wesentlichen Entwicklungsfortschritte.
Es wurden für verschiedene Harzrohstoffe auf der Basis von Pflanzenölacrylaten
Härtungssystemen entwickelt. Dazu wurden in die entsprechenden Rezepturen Thermoelemente
eingebracht und die entstehende Reaktionstemperatur über der Zeit kontinuierlich aufgezeichnet.
Es zeigte sich, dass der Harzrohstoffs einen wesentlichen Einfluss auf den Temperaturverlauf hat.
Dieser Effekt kann noch zusätzlich durch ein optimiertes Härtungssystem verstärkt werden. Erst
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die frühen Peaks, die Temperaturen von über 80 °C erreichen ermöglichen eine gute
Durchhärtung bei Raumtemperatur.
Referenz

Referenz optimiert

Neuer Rohstoff

Neuer Rohstoff 1. Optimierung
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Abb. 7-5: Optimierung des Härtungssystems

Daneben musste ein neues Naturfaservlies entwickelt werden, welches nur wenig Harz aufnimmt
(bis zu maximal 70 Massenprozent). Es muss ohne wirksamen äußeren Umgebungsdruck eine
hohe Dichte aufweisen, trotzdem aber gut mit dem Harz imprägnierbar sein.
Konventionelle Nadelvliese sind deshalb weniger für das Handlaminieren geeignet, da durch den
Vernadelungsprozess anteilig Fasern in Dickenrichtung im Vlies orientiert werden. Sie sind
voluminöser, so dass zur Erreichung eines hohen Faseranteils im Verbund das Vlies verdichtet
werden muss.

Abb. 7-6: Fahrerstandstürinnenbekleidung DT 4
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Bei der Neuentwicklung des Faserhalbzeugs wurde das Prinzip der Papierherstellung genutzt.
Hierbei werden aus einer wässrigen Fasersuspension die Fasern auf einem Sieb abgeschieden
und somit nur zweidimensional ausgerichtet.
Aus diesen beiden neu entwickelten Komponenten konnten dann erste Prototypen wie in
Abbildung 7-6 dargestellt gefertigt werden.
ZUSAMMENFASSUNG
Die gewonnen Ergebnisse haben gezeigt, dass sich der BioVerbund in hervorragender Weise zu
Konstruktionsbauteilen verarbeiten lässt. Die gewichtsbezogenen mechanischen Eigenschaften
lassen es zu, Anwendungsbereiche anzustreben, die heute von glasfaserverstärkten Kunststoffen
beherrscht werden. Einschränkungen müssen zur Zeit noch in Bereichen mit extremen
Umweltbedingungen akzeptiert werden. Wesentliche Zielgruppe sind somit z. B.
Verkleidungselemente im Automobil- und Waggonbau, die Möbelindustrie sowie der gesamte
Markt der Freizeitindustrie. Speziell für den Schienefahrzeugbau erschließen sich interessante
neue Einsatzgebiete.
Zusammenfassend wird festgestellt, dass die langjährige Entwicklung unter Beibehalt des
hochgesteckten Ziels, nämlich die Verwendung von nachwachsenden Rohstoffen mit einem Anteil
von mindestens 80 % nicht zwingend zu Werkstoffunterschieden führen muss. Es wird erwartet,
dass sich in naher Zukunft die Marktakzeptanz deutlich durch die Einführung der ersten Produkte
aus BioVerbundwerkstoffen erhöhen wird und neue Märkte erschlossen werden können.
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Deployment Strategies, Analyses and Tests
for the CFRP Booms of a Solar Sail⊗
Ch. Sickinger, L. Herbeck
Institute of Structural Mechanics, German Aerospace Center (DLR), Lilienthalplatz 7,
D-38108 Brunswick, Germany

ABSTRACT
The DLR Institute of Structural Mechanics is developing ultralightweight deployable CFRP Booms
within the scope of the joint DLR/ESA Solar Sail technology demonstration [5]. After the functional
performance of the design was proven during a successful demonstration under simulated 0genvironment on ground at the end of 1999, the concept is being further developed with the aim of
an application under environmental space conditions. The refinement of the boom analysis
methods is one main objective because of its importance for the overall lightweight design.
Additionally, probabilistic design features were applied to both the design of the booms at
subsystem level and the Solar Sail at system level as an adequate method of putting the
lightweight philosophy into practice. Several development tests ranging from material
investigations to boom component tests under simulated space conditions were conducted.
Meanwhile, an alternative boom deployment concept has been developed and patented.
1

BOOM REQUIREMENTS AND DESIGN

Ultra-light, deployable booms are the essential structural element of the joint DLR/ESA Solar Sail
initiative. The booms must be able to maintain the structural mission requirements at the lowest
possible weight when in the deployed configuration. However, it is also necessary to develop a
concept for transportation into space that foresees a careful deployment while requiring very little
volume.
In the deployment concept, the booms are pressed down flatly and are rolled up in such a manner
that they can be stored and transported within a very small volume. The internal energy stored in
the booms can be used to aid the deployment process. Ultra-thin prepregs made of Carbon Fibre
Reinforced Plastics (CFRP) are used for the manufacturing of the booms. They are cured to two
half cross-sections by means of a conventional autoclave process. In the end, the two half crosssections are bonded together at the bonding flanges. It is important to note that conventional T300
fibres are used for the current boom design and an increase in stiffness must be expected if high
modulus fibres are used instead. The laminate set-up is made up of a combination of 0°- and ±45°
layers. In addition to a favourable influence on the buckling behaviour of the very thin-walled
structure, the choice of the laminate set-up is essentially based on the requirement to minimise the
bending that takes place during single-sided thermal loading. For this reason, the stiffness can be
considerably increased by reorienting individual ±45° layers in the laminate set-up, depending on
the application. The current boom design is based on requirements that were determined during a
Solar Sail technology demonstration [2]. Although only 14-meter long booms were built during the
demonstration phase, the design was realised for a length of 28 meters with respect to future
requirements of a space mission. The cross-section geometry takes place after a weight
optimisation while fulfilling a certain minimum bending stiffness. It is important to note that the

⊗ presented at:

European Conference on Spacecraft Structures, Materials and Mechanical Testing,
Toulouse, France, 11 – 13 December 2002
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boom geometry is restricted in the stored configuration due to very tight volume constraints.
Therefore, the current weight of approx. 100 g/m can be reduced even more with free optimisation
of the cross-section design.

FIG. 1: Methods of coating were recently investigated by manufacturing tests. The functional performance of
the deployment concept was proven by a successful Solar Sail ground demonstration [4].

2

STRUCTURAL BOOM ANALYSES

Because of the role it plays in the entire concept, the structural calculation of the booms is very
significant. Stiffness restrictions, such as those in the form of minimum bending stiffness, as well
as strength requirements are usually defined. From a global point of view, the booms can be
described by defining the beam stiffness EIx, EIy, GJz, and EA in a very good approximation with an
uniaxial beam model. The limit of loading, on the other hand, is characterised in the thin-walled
profile only by the buckling stability and not by the material strength. As a result, the computation of
the buckling behaviour is not only an essential part of the structural boom analysis. The description
of the stiffness is rather incomplete if the buckling behaviour is not taken into consideration,
because it must be analysed to which critical limit load the booms are able to provide a specific
beam stiffness. An estimation of the buckling behaviour that is as precise as possible is of central
importance, also due to the general lightweight philosophy of the design. The computation of the
snap-through buckling behaviour of a shell structure is rather complex due to its non-linear
character and can be done analytically in only a few exceptional cases.
The buckling behaviour is examined by means of finite elements. Programming is done with the aid
of the ANSYS implicit FE software. The post-buckling behaviour is computed with the explicit LSDYNA tool. The computation of any member force condition is basically possible, however, the
anti-symmetric transverse forces Fx and Fy in comparatively long booms play a subordinate role.
Torsion behaviour due to Mz is not examined any closer here either. Based on the reasoning that
the transverse forces are ’small’, it follows that the gradients of the bending moments are ’small’ as
well. The computation can therefore be made within a good approximation of the boom section, in
which constant member forces and moments are assumed for each section. In order to introduce
the forces and moments, a rigid bulkhead is modelled on one edge of the section being examined.
Symmetric boundary conditions are formulated on the other edge. The utilisation of symmetries
during the treatment of buckling problems is generally not possible without additional effort since
unsymmetrical buckling patterns can take in an energetic minimum. However, this is still done for
reasons of efficiency and because several computed examples have not show any significant
differences.
First, a computation of the general structural system answer is done after any type of load
combination Mx, My, and Fz. The results will show the beam stiffness in a simple way. A linear
eigenvalue buckling analysis is made after that. The computation of the eigenvalues and
eigenvectors help formulate reasonable load ranges for the non-linear computation. The
eigenvectors are also used to define geometrical imperfection patterns that are necessary to
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initiate the non-linear solutions. In this case, the first two eigenmodes are analysed and are applied
with a maximum imperfection amplitude to the size of the wall thickness. The geometrically
imperfect structure is then conducted to the bifurcation point by means of a non-linear implicit FE
calculation (ANSYS). The bifurcation point characterises the load that the system reacts unstably
to and switches to an energetically better position with greater deformations while forming a
buckling pattern. The post-buckling behaviour is quasi-statically analysed with the aid of the LSDYNA explicit FE software. The determination of the post-buckling behaviour has two essential
targets: First, only a qualitative interpretation of the post-buckling area together with the definition
of a buckling criterion enables a statement to be made on the sensitivity of the structure in relation
to the buckling phenomena. Second, stable deformation patters can occur even beyond the
bifurcation point that do not yet lead to a local transgression of the strength limit, making it possible
to include these areas in the dimensioning, as is done in the dimensioning of overcritical lightweight constructions.

FIG. 2: The buckling behaviour of the thin-walled CFRP boom is estimated
by use of implicit and explicit finite element codes.

Exemplary results of the computation are shown in Figure 2 for the elementary bending load cases
and the compression load. The applied loads and corresponding deformations in the end crosssection are shown. It is quite noticeable that the buckling behaviour of both bending load cases are
significantly different. Primarily elliptical and relatively weakly curved areas are loaded by a
compression load in load case Mx. A very pointed pike is formed until it reaches the bifurcation
point at Mx;cr=89.1 Nm. The snap-through on the post-buckling curve takes place abruptly and a
typical buckling pattern is formed. The corresponding load level is so low that the stability and
strength limits are identical during a force-controlled loading. In contrast, mostly even and
extremely curved areas are loaded by a compression load in load case My. The flange area is
apparently able influence the post-buckling behaviour to the extent that an increase in load beyond
the bifurcation point at My;cr=59.8Nm can be sustained. Successive collapsing doesn’t start until a
considerably higher strain level is reached. The buckling analysis of load case Fz assumes a
position between both bending load cases. A sharp peak is formed here at the critical load of
Fz;cr=2000 N, but the collapse indicated by the local formation of ’smaller’, stable buckling right
before the snap-through. One can suspect a supportive influence of the flange areas to be the
cause in this case as well since all areas of the cross-section are loaded by the compression load
in the same manner.
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FIG. 3: Typical snap-through buckling occurs if the boom is loaded by bending or compression loads.

3

PROBABILISTIC AS A MEASURE OF A SOLAR SAIL LIGHTWEIGHT DESIGN

When the structural behaviour is clearly influenced by scattered input parameters, a deterministic
dimensioning combined with restrictive safety factors can lead to dissatisfying results. As seen in
Section 2, for example, this is the case for the verification of the imperfection-prone buckling limits
of the boom. When defining loads at system level, a conventional, deterministic interpretation may
define requirements that are too conservative or that do not take entire load scenarios enough into
consideration. In Solar Sail applications, for example, small geometrical deviations of the flexible
structure combined with sail tension forces lead to member forces and moments that, from a
deterministic point of view, are not given enough attention. In terms of the global goal to realise a
design that is as light as possible, probabilistic approaches offer an additional savings potential, in
addition to conventional structural optimisation, particularly in the field of aerospace sciences [3].
The detailed computations of the boom behaviour have shown, for example, that there are
significant differences in sensitivity depending on the type of Mx or My load. Taking a constant
safety factor into consideration can therefore not only lead to a conservative restriction but also to
an underestimation of the phenomenon. This is why probabilistic methods at system and
subsystem level are considered during dimensioning. Significant structural and load parameters
are defined under the assumption of certain distribution functions. These functions are also used to
set up the boom requirements specification and to establish a boom quality assurance plan to
check the dimensional stability of a certain geometrical parameter, among other aspects.
Basically, every deterministic model can be probabilistically simulated by a corresponding definition
of the parameters. The deterministic model described in Section 2 is used for the probabilistic
computation of the boom. A simple model made of beam and link elements serves to determine
the probabilistically distributed boom loads at system level. It determines the boom loads by means
of geometrically non-linear computations as the result of sail tightening [2]. A worst-case load
scenario is examined in which a 40m x 40m Solar Sail (28m long booms) at a complete 90± pitch
and in a 450 km lower earth orbit is loaded by air drag and solar radiation pressure. The
probabilistic simulations are conducted with the ’Monte Carlo Method with Latin Hypercube
Sampling’ and the ANSYS probabilistic module. The following boom parameters are varied to
determine the probabilistic boom stiffness and buckling limits [6]:



CFRP material properties as a function of ply lay-up inaccuracies,



geometrical manufacturing tolerances of the boom cross-section,
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scattered shell thickness resulting from tolerances of the areal density of the CF-prepregs,



geometrical imperfection amplitude for the non-linear computation of the bifurcation point,



distortion of the boom cross-section with respect to the nominal loading direction.

The result of the Monte Carlo Simulation at boom subsystem level in comparison to the
deterministic values is shown in Table 1. The comparison clearly shows that the conservative
application of a safety factor FOS=2 cannot be confirmed in this case. Thus the definition of a
buckling safety factor, for example, leads to FOS=1.4 as a ratio between mean value and A-value1.
The probabilistic secant bending stiffness is used for the definition of the probabilistic solar sail
model at the system level for the determination of the boom loading. The following system
parameters are varied:



boom bending stiffness EIx, EIy (see Tab. 1),



degraded root stiffness at interface to the spacecraft (depends on present deployment
concept),



global geometrical boom tolerances due to manufacturing inaccuracies, misalignment, creep
and thermal deflection,



sail tension forces,



air drag force.

The analysis of the simulation for both Mx and My bending moments over the length of boom #1 is
shown in Figure 4. The scatter bands are defined by the mean values, the standard deviations and
the A-values. The probabilistic boom load limits are shown as well. It is clear that the evaluation of
the probabilistic computation provides considerably more information on the safety and reliability of
the design. Reasonable lightweight construction is characterised by the fact that the risk of failure
is homogeneously distributed over all of the critical system components. The sketched lines clearly
show that the rough deterministic concept that led to the current design actually led to a
conservative concept. In addition, the failure probability over the boom length is distributed very
differently, so that adjustment by means of a local change in the design directly leads to a
reduction in weight without increasing the overall risk. Figure 4 can therefore be regarded as the
first iteration step of a system optimisation from a probabilistic viewpoint. The mission risk has just
as much of a direct influence on the structural concept and overall weight of the system as do the
increase in quality requirements and, in turn, the smaller tolerances.
The same computation was done for a LEO at a height of 300 km. However, the risk of failure is
then so high due to the increased air drag so that a justifiable mission risk cannot be realised, not
even when the quality requirements are increased. The general design has to be reworked in such
a case. Significance analyses, for example, provide valuable indications in this case since the
effect of individual probabilistic input parameters on the probabilistic end result can be examined.
More targeted improvements can be made in the design and restrictive quality requirements that
entail more expenditure and that do not significantly lower the mission risk can be avoided.

1

An 85% reduction in stiffness and a factor of safety against buckling of FOS=2 is assumed in the
deterministic concept. The deterministic buckling limits are based on imperfection amplitudes that were
determined as standard deviations for the probabilistic simulation.
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FIG. 4: Probabilistic Solar Sail design: comparison of the scattered boom loading and the probabilistic buckling
limits along the length of a boom. z = 0 m: clamped boom root at sailcraft, z = 28 m: free boom tip.

TAB. 1: Deterministic vs. probabilistic boom design. The ’tangent stiffness’ is defined by a linearly loaded
boom that has no imperfection distribution, whereas the ’secant stiffness’ means the linearised
stiffness estimation at the buckling limit.

4

BOOM DEVELOPMENT TESTS

4.1

Material qualification tests

The manufacturing concept of the booms is based on a conventional prepreg technology in which
extremely thin-walled prepregs are used. A standard combination of T300/epoxy (EF =230 GPa)
and a M30/epoxy high modulus variation (EF =294 GPa) can be selected. The current boom
design is based on the T300 prepregs and, with application of stiffer M30 fibres, the property of the
booms can be further increased without great effort. Because the prepregs have not been qualified
for application in space up to now, considerable effort has been made to prove their serviceability
within the Solar Sail mission goals. The following tests have been carried out within the material
examinations so far:



tension tests: conventional material investigation on T300/epoxy and M30/epoxy coupons at
normal ambient conditions due to the estimation of the CFRP material stiffness and strength,



ECSS-Q-70-02A outgassing-tests: investigation on both systems T300/epoxy and M30/epoxy
regarding the total mass loss (TML) and the collected volatile condensable material (CVCM),
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ECSS-Q-70-04A thermal vacuum cycling tests incl. thermal tension tests: thermally cycled
T300/epoxy samples, visual inspection, afterwards tension test in nominal boom longitudinal
direction realising a temperature range of [-196° C; +100° C].

The CFRP stiffness and strength tests serve to control the theoretical assumptions, and very good
conformity with the theoretical expectations could be determined. In addition, the tests were
defined as a measure of quality assurance during the manufacturing process, as an incoming
inspection, for example. In terms of the probabilistic design philosophy, it could be proven that the
experimentally determined statistic deviations were lower than the assumed tolerance limits of the
CFRP material properties for the probabilistic design at the boom subsystem level. Both prepreg
systems have passed the outgassing test according to ECSS-Q-70-02A. Thermal vacuum cycling
tests according to ECSSQ- 70-04A were conducted on one part of the tension samples. No
damage to the samples could be determined. Tension tests in the nominal boom longitudinal
direction were conducted after the thermal ageing at temperature intervals of [-100° C; +100° C]. It
was even possible to realise a tension test at -196° C as a random sampling. The measured
stiffness and strengths do not provide any inferences on the degradation of the material properties
in the researched temperature intervals that would come as a result of thermal ageing.
4.2

Bending tests with and without thermal loading

Bending tests on boom segments with a free length of approx. 2m are defined to verify the boom
stiffness and buckling loads. Some of these tests are conducted under the influence of the
additional thermal load of a solar radiation on one side, as would be the case in a Solar Sail
application in earth orbit. The temperature distribution is set to a theoretical computation of up to
100°± C. The behaviour expected to take place in accordance with theoretical buckling
examinations can be generally confirmed. Load case Mx leads to a sudden collapse after it reaches
the buckling limit. However, the boom behaves much more tolerantly at bending My and overcritical
post buckling areas are formed which means that further load increase is possible even after
buckling occurs. A good agreement with the theoretical expectations can also be determined for
the absolute buckling load. Influence of the one-sided source of heat could only be determined on
the buckling loads. Even though the degradation is significant, the reduction of the critical moments
as a result of the additional thermal load is relatively low. Influence on the boom stiffness could not
be determined. The determination of the bending stiffness EIx leads to a much smaller value with
3850Nm2 than theoretically expected. This is probably the result of an insufficient introduction of
force (pneumatic pressing). Both the reaching of the buckling load Mx;cr, which comes close to
theoretical expectations, and the good agreement between theory and practice at stiffness EIy (real
clamping) lead to the assumption that neither the material nor local geometric weaknesses are the
problem but that the yielding is actually caused by an edge effect in the load application. For this
reason it is not possible to provide reliable information on stiffness EIx. It is important to note that
all determined bending stiffness EIy in terms of the introduced probabilistic design philosophy lie
within the tolerance bands that are defined for the system analysis. All boom test candidates would
therefore have passed a bending acceptance test. In addition, all determined critical buckling
moments Mx;cr and My;cr are considerably above the load limit that result after the probabilistic
system analysis (see Fig. 4). During the test, the booms were loaded several times within the
overcritical buckling area. Significant degradation in the stiffness and buckling loads were not
determined. Even a purposely damaged boom (random sample) was able to carry 92% of the
buckling load before it was damaged without losing much f its stiffness. This shows that the boom
design is very damage tolerant.
4.3

Environmental solar simulation tests

Theoretical research has shown that very thin-walled and lightweight shell structures that are
radiated from only one side are generally faced with thermal problems. Both the inhomogeneous
temperature loading that can lead to a bending of the boom and the absolute temperature maxima
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that occurs are critical. Coating measures were tried for this reason that, along with an
improvement of the thermal properties, offer additional protection against environmental space
conditions such as atomic oxygen. A thin Kapton film coating featuring a favourable alpha/epsilon
ratio was successfully integrated into the manufacturing process of the boom without decisively
increasing its weight (Figures 1, 5). Coated and un-coated test sections of booms were exposed to
a one-sided solar radiation of 1400W/m2 (appr. earth orbit) in the Solar Simulator at the DLR
Institute of Space Sensor Technology and Planetary Exploration at Berlin/Adlershof, Germany.
Comparison of the temperature runs shows that the coating measures considerably lowered the
temperature level and the differences between the sides of the boom exposed to the sun and those
turned away from it are less than those of the un-coated ones. The recording of absolute
temperatures do indicate deviations from the theoretical computations, however all measured
temperatures remain at tolerable levels. All examined boom test sections made it through the test
without any noticeable damage.

TAB. 2: Test results of a bending test.

4

BOOM DEPLOYMENT STRATEGIES

The bending tests described in Section 4.2 have clearly shown that the booms can fully display
their properties only when the force is appropriately distributed within the thin-walled structure. For
this reason, particular attention must be paid to the interface design at the boom tip and boom root.
The development and technical part of the current deployment concept was implemented at Invent
GmbH Brunswick, Germany within the scope of a Solar Sail technology demonstration. The
deployment module mainly consists of a central drum on which all of the booms are rolled up
together for storage. All of the partially deployed booms are supported by a guiding mechanism
during deployment. The boom roots have to be clamped by a special locking mechanism at the
end of the deployment process in order to realise full boom bending stiffness and proper load
introduction. A critical aspect is that the bending stiffness of the booms is not available during the
deployment process but only afterwards. This is particularly important in view of medium-term
mission requirements with boom lengths of approx. 100 meters and more since the loading
increases with the geometrical dimensions during and after deployment. This partially eliminates
one of the great advantages the deployable booms have compared to inflatables, namely their
ability to sustain relatively high loads even during deployment which facilitates a safe and
controlled deployment of potential huge deployable structures.
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FIG. 5: Structural/thermal and thermal/vacuum boom development tests. Means of coating were successfully
tested for an application under space conditions [1, 7].

The boom root is exposed to a certain degree of loading not only during the deployment procedure
but also when in the fully deployed configuration. However, low load levels can only be expected at
the free boom tip at any time (see Figure 4). Hence, in the alternative ’upside-down deployment
concept’, the storage drum is realised at the boom tip instead of the boom root. The bending
stiffness of the boom can therefore be demonstrated during the entire deployment procedure.
Complicated and difficult latching and locking mechanisms are then no longer required and a
controlled and safe deployment is facilitated. It is conceivable to even load the booms during
deployment by parallel deployment of the sail films of Solar Sails. In addition, simultaneously
realising a conical boom design will lower the volume requirement of the packed boom
configuration. The required space is determine by the largest cross-section which, in this case, is
rolled up at the end of the packing procedure. In the alternative upside-down concept, it is
important to note that the internal energy stored in the booms can be used much more effectively
for deployment. A maximum amount of stored energy is available at the beginning of deployment.
According to the upside-down concept, the need for rotatory and translatory inertia decreases as
deployment proceeds so that the stored and nearly linearly decreasing energy is sufficient for an
automatic deployment. In the current design, however, the need for translatory inertia increases as
deployment proceeds, because the amount of deployed booms mass which needs to be
accelerated permanently rises with proceeding deployment. Automatic deployment is not possible
particularly with long boom extensions and this results in having to transport heavy and complex
deployment supporting mechanisms and motors. An additional system rotation can be additionally
inserted as a deployment aid without creating non-sustainable loads at the boom root. Also, the
separate arrangement and alignment of the individual storage drums enable greater freedom and
flexibility in the design of the whole system. Figure 4, for example, shows that the mission risk can
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be lowered by simply reorienting the longitudinal axis of the boom since the boom’s maximum load
ability can be arranged in accordance to the maximum loads.
A number of disadvantages have to be taken into consideration, of course. For one, this concept is
only applicable to one-time deployment procedures, such as those needed for the Solar Sail
application. Another disadvantage is that more or less heavy single masses remain at the end of
the masts if they are not allowed to be jettisoned after deployment. Also, the synchronisation of the
individual drums can be difficult and particular attention must be paid to the design of the boom tip
devices. At a minimum fixed weight, they must be able to stop a chaotic boom deployment and
enable a controlled and careful deployment process. All in all, however, a decrease in the system’s
complexity and therefore in the risk can be expected. Particularly for Solar Sails, the upside-down
deployment concept denotes a significant reduction in the system’s entire weight, thus paving the
way to future mission goals.

FIG. 6: The patented ’upside-down’ deployment concept offers full boom stiffness
during the deployment process.
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ABSTRACT
KOBE- a test facility for the simultaneous simulation of solar and particle radiation in complex with
high vacuum and space heat sink is installed at the DLR - Institute of Space Sensor Technology
and Planetary Exploration. The development of the facility KOBE (KOmplexe BestrahlungsEinrichtung) is a collaboration together with the Institute for Low Temperature Physics and
Engineering (National Academy of Science of Ukraine) and the Institute of Physics and Power
Engineering (State Scientific Centre of Russia). One of the aims for the technical design and the
performance of KOBE is to get more knowledge about degradation effects especially for thermal
control surfaces and coated thin foils for solar sails.
In this paper the facility complex, the sample preparation and the measurement principles for the
simultaneous irradiation to simulate space environment properties influence on different kind of sail
foils will be presented, as well as measuring results will be discussed.
INTRODUCTION
A Solar Sail Spacecraft is equipped with large highly reflecting foils to use the sun light pressure for
the acceleration in space. These very thin high reflecting foils are influenced by different effects of
the space environment. The most important material defects in the free space originates from the
complex influence of the ultraviolet radiation at wavelength below 200 nm together and
simultaneously with particle radiation by protons and electrons.
The environmental effects coming from particle bombardment and ultraviolet radiation are
responsible especially for the degradation of optical and thermo-optical properties of foil materials
and their coatings. To find or to develop space-proofed materials the investigation of these effects
is a very important requirement particularly to make safe long term space missions.
EXPERIMENTAL FACILITY CONFIGURATION
A vacuum chamber with a useful volume of about 100 l provides a vacuum pressure < 10-4 Pa. The
space heat sink down to a temperature of 77 K is simulated by a lN2 cooled cryogenic shroud.
Possibilities for in-situ measuring of physical-mechanical properties (especially of synthetic
materials like composites and other low weight material components for use in space) are
available.

⊗ presented at:
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The complex of technical equipment for the simultaneous and codirected radiation includes a sun
simulator for wavelengths from 200 - 2500 nm and intensities up to 1 solar constant. The vacuum
ultraviolet (VUV) gas jet source for VUV radiation in the range 5 - 170 nm and accelerators for
particle bombardment by electrons and protons with energies in the range from 20 - 150 keV and a
particle density up to 1013 cm-2s-1 are the essential parts of the facility. The VUV simulator function
in principle by the electron impact excitation of supersonic gas jet. The gas is collected by
cryogenic trap on a cryogenic pump. An integral irradiation intensity by the VUV simulator up to
1,5·10-4 Wcm-2 is possible. The angle of incidence for the proton and electron radiation is a normal
incidence. Sun radiation and VUV shines in the test sample with a 24°/30o incidence.

Figure 1: Detailed view of the gas jet source

The maximum limit of size of the irradiated zone in the test area is 100 cm2. Possibilities for the
temperature measurement with platinum resistors for the cryogenic shroud and the test samples
are also available. The facility is located in a clean room area with a cleanliness class better than
100000.

Fig. 2 Configuration of KOBE
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INVESTIGATIONS OF DEGRADATION EFFECTS OF FOIL SAMPLES
Experimental testing with the КОВЕ facility were carried out with a number of samples of film
materials for the ”sail” and structural material for the booms which can be presumably used for
creating the Solar Sail S/C. The basis for the foil samples is kapton with different coatings on
surfaces and the boom material is a composition, based on carbon, sedimented from vapor phase.
Two series of irradiation were settled. The first series of experiments: irradiation of film materials by
protons and electrons with energies of 20 keV and 100 keV up to achievement of integral one year
and five years case doses.
The second series of irradiations in addition to proton and electron effects included simultaneous
irradiation by vacuum ultraviolet radiation. Taking into account limited possible time of continuous
operation for the VUV source the joint irradiation was limited within 26 hours.
In the present case, the limitation was also due to a large consumption of a special mixture of
noble gases necessary for the VUV source and really available quantity of this gas.

Fig. 3 Simulating factors in KOBE

Samples of tested materials were previously investigated for measurement of initial parameters of
surfaces as “zero measurings” before irradiation by the technique, accepted and tried previously
and described in [1]. In the chamber КОВЕ the samples were located on frameworks of plate from
aluminum established in the chamber on honeycomb type device for irradiation (Fig. 4). Before and
after irradiation the samples were photographed.
The thermo-optical parameters αs and ε (solar absorption and thermal emission) were measured by
the thermal measuring method described in [1]. During irradiation the temperature of plates for
samples was measured as well as intensity of proton and electron beams was determined. On the
basis of preliminary trial irradiations the permissible intensity of beams was determined so, that the
temperature of a plate during irradiation would not exceed 70°С.
The irradiation parameters are derived from Space Environmental Analyst (SAE) S/W- Tool for the
following orbital conditions as solar maximum parameters:



Apogee

= 36000 km



Perigee

= 610 km



Inclination = 7°

Environmental conditions selected for these orbital parameters are characterized by the natural
particle fluence in the energy range of 10 keV to several MeV for electrons and 100 KeV to several
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100 MeV for protons. The daily particle fluence lies in the range of 105 cm-2 to 1013 cm-2 at
electrons and for protons in the range of 107 cm-2 to 1013 cm-2. The test facility KOBE delivers only
mono energetic particles (electrons, protons). By choice of particle current in the range 0,1 µA to
100 µA and of integral particle energy in the range of 1 keV to 100 keV, irradiation energies in the
range of about 6·1012 eV cm-2 s-1 up to 6·1017 eV cm-2 s-1 is adjustable, in which the irradiated area
as a rule is 100 cm2 (10 x 10 cm). These mono energetic particles of the test facility should for our
opinion regarding surface near effects have on thin foils roughly the same degradation effect as the
natural in a relatively wide energy spectrum distributed particles of the free space if integral all of
the influenced energy is the same one.

Fig. 4 Honeycomb formed sample holder for irradiation

The irradiation of a great number of samples was executed; see the data in Table 1. Preliminary
measurements of αs and ε have shown essential changes of these parameters. In spite of the
relative short measurement times clear changes of the visible colour of the foil surfaces were
located. The visual differences between the radiated and the non-radiated samples are shown in
added photos. Even after minor doses of integrated irradiation by protons, electrons and VUV
radiation noticeable change was registered of the foil reflection coefficient.

Fig. 5 Kapton foil samples installed in KOBE chamber (before irradiation)
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only p+ and e-

p+, e- and VUV

Fig. 6 Kapton foil samples after irradiation (80 Mrad & 2,6 days VUV)

In summary we find out that all foil samples shown at least visually and also concerning their
mechanical stability clear degradation effects after radiation. The visual differences between the
radiated and the non radiated samples are shown in added photos. The additional essential
influence of VUV radiation was manifested clearly during simultaneous irradiation of several
samples when because of design features of КОВЕ and an obstruction in the drive of the
honeycomb formed sample holder, some samples appeared in a shadow from the VUV (see Fig. 5
and 6).
Table 1 shows the different samples and materials together with the measured thermo-optical
parameters before and after irradiation.
Sample №.

The description of a material

Irradiation in KOBE
Requirements of irradiation

Dose

Before irradiation
P /e

vuv Reflect
ance

+

-

Alpha s /
Epsilon

After irradiation
Reflect
ance

Alpha s/
Epsilon

1/SS/1-1

ATU1170,
8
MICRON Radiation on AI-side, fixed 170krd
Kapton/Aluminum one side 100 nm with Acryl-Transfer Adhesive

+

+

*)

*)

2/SS/1-2

ATU1170,
8
MICRON Radiation on Kapton-side, 170krd
Kapton/Aluminum one side 100 nm fixed with Acryl-Transfer Tape

+

+

*)

*)

3/SS / 2-1

7,5 µm Kapton/Aluminum ca 30-45 Radiation on AI-side, fixed 170krd
with Acryl-Transfer Adhesive
nm one side (from roll)

+

+

*)

*)

4/SS / 2-2

7,5 µm Kapton/Aluminum ca 30-45 Radiation on Kapton-side, 170krd
fixed with Acryl-Transfer Tape
nm one side (from roll)

+

+

*)

*)

5/B/3-1

Carbon-Prepreg P305F-02 with 12 Radiation on Kapton-side (Pl), 170krd
µm Kapton-Polyimid, one side fixed behind the sample
holder with Kapton Tape
Aluminum 40 nm (Prepr./AI/PI)

+

+

0,24/0,56

0,49/0,54

0,90/0,78

5/B/3-1

„

Radiation on Carbon-Prepreg

170krd

+

+

0,92/0,78

6/B/3-2

„

Radiation on Kapton-side (Pl), 510krd
fixed behind the sample
holder with Kapton Tape

+

+

0,24/0,56

7/B/3-3

„

„

850 krd

+

+

0,24/0,56

8/B/3-4

„

„

1200krd

+

+

0,24/0,56

9/B/3-5

„

„

340 krd

+

0,24/0,56

10/B/3-6

„

„

680 krd

+

0,24/0,56

11/B/3-7

„

„

1030 krd

+

0,24/0,56

0,50/0,54

11/B/3-7

„

Radiation on Carbon-Prepreg

1030 krd

+

0,91/0.80

0,91/0.80

12/B/3-8

„

Radiation on Kapton-side (Pl), 1370 krd
fixed behind the sample
holder with Kapton Tape

+

0,24/0,56

1.3E07 rd +

0,24/0,56

15/B/3-11

„

„
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Sample №.

The description of a material

Irradiation in KOBE
Requirements of irradiation

Dose

Before irradiation
+

-

P /e

vuv Reflect
ance

Alpha s /
Epsilon

16/B/3-12

„

„

2,6E07 rd +

17/B/3-13

„

„

1,3E08rd

+

0,47/0,24

18/B/3-14

„

„

2,6 E09 rd +

0,24/0,56

19/SS/4-1

Kapton 7,5 µm, FS: A1100 nm
BS: Chrome 30 nm

Radiation on Front side, fixed 80Mrd
on front of sample holder

After irradiation
Reflect
ance

Alpha s/
Epsilon

0,24/0,56

+

0,07/0,03

0,13/0,03

21/SS/5-1

Kapton 7,5 µm, FS: A1100 nm +
coating Ti02 30 nm BS: Chrome 30
nm

80Mrd

+

+

0,28/0,03

0,31/0,03

23/SS/6-1

Kapton 7,5 µm, FS: A1100 nm + Radiation on Front side, fixed 80Mrd
coating Si02 30 nm BS: Chrome 30 on front of sample holder
nm

+

+

0,10/0,03

0,16/0,03

Kapton 7,5 µm, FS: A1100 nm

+

0,06/0,03

0,17/0,03

25/SS/7-1

„

„

80Mrd

+

„

80Mrd

+

„

80Mrd

+

BS: Chrome 10nm
27/SS/8-1

PEN 4,O µm, FS:AI100nm

0,08/0,03

BS: Chrome 30 nm
29/SS/9-1

PEN 4,O µm, FS:AI 100nm + coating
Si02 30 nm BS: Chrome 30 nm

+

0,1/0,03

0,19/0,03

Table 1 Irradiated foil samples in KOBE

CONCLUSION
In view of some divergences in quantitative estimation of values αs and ε after irradiation obtained
at different methods of measurements for these parameters, the updated values are preliminary
and unverified results and they will be published later. However, it is possible to conclude even
now that the complex effect of VUV radiation and beams of protons and electrons influences highly
the long-term stability of characteristics especially for αs of the foils from Kapton with different
coatings which are supposed to be used for creation of solar sail S/C.
The КОВЕ facility has shown high capabilities not used in full; it is perspective for the realization of
testing developed film materials for long-term missions with spacecrafts and stations.
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ABSTRACT
Micro Satellites are one of promising instruments for near earth space research programs. The
strong restrictions to mass and power budget of satellite sub-systems and payload lead to choice
of mainly passive Thermal Control Systems (TCS), often with heat pipe (HP) integration. New
tendencies in micro satellite thermal requirements as multi temperature level payload instruments,
thermal stability of mounting structures for precision optical devices cause the corresponding
adequate modifications in thermal concept and in hardware realisation. Intended aim of this paper
is to present the experience collected by authors during thermal design and preflight thermal tests
of Micro Satellite BIRD, developed under the German small satellite program.
INTRODUCTION
The design-to-cost mission BIRD (Bispectral InfraRed Detection) is to demonstrate new and
compact infrared imaging sensor technologies as well as small satellite technologies for a microsatellite with a total mass less than 100 kg [1]. The main BIRD payload is a bi-spectral IR push
broom sensor dedicated to recognise and analyse high temperature events such as forest fires,
coal seam fires and volcanic activities on Earth surface.
BIRD S/C is a 3-axis stabilised micro satellite without a propulsion system. The mechanical
structure (satellite bus) is designed as a three boxes cubic main body, assembled from the service
segment, the electronic segment and the payload platform. The main body is covered with MLI
except windows for the instruments and the radiators. One fixed and two deployable solar panels
as well as the eject mechanism are mounted on the body. A general view to the BIRD S/C and the
main components is given in figure 1.
The payload is mounted on the special payload platform, which makes about 1/2 of the body
volume and 1/3 of the total mass of the spacecraft. To keep the line of instruments sights very
stable in all conditions, the payload platform is connected deformation free with the lower satellite
segments. Two heat pipes give the heat transfer of the payload platform to the main radiator on the
bottom side of the service segment in +Y - direction.
The heat transfer from the infrared instrumentation, included the cooler, is realised to the
separately IR – radiator, positioned on the top of the WAOSS – instrument in –Y direction. The
BIRD Thermal Control System (TCS) is designed as a passive TCS except for 2 emergency
heaters to ensure the batteries survival in non nominal conditions.
The BIRD S/C bus is designed for operations in a circular or elliptical low Earth orbit (LEO) and at
any inclination, it is prepared and qualified for a PSLV-launcher (India) into a low Earth orbit, but is
easy adaptable for a lot of launchers into LEO.
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Main-Radiator
Figure 1. Exploded view of BIRD satellite

THERMAL CONTROL SYSTEM CONCEPT AND HARDWARE
BIRD-TCS was planned to be passive by using merely the dissipated heat of all components of the
S/C system and payloads. The TCS is not a stand-alone system. The structure of the satellite is an
essential part of the TCS. So the design of the TCS has to correspond with the structure design
and vice versa. The TCS for the IR Payload Complex has been designed as an autonomous one
because the thermal requirements for the IR channels are very different from the requirements of
other payload and the bus system. Two Stirling Coolers are used for the cooling of the IR-sensors;
their operating heat losses are radiated to free space via a separate complex of heat storage, heat
transfer system and their own radiators. This IR-TCS is not subject of this paper.
For the developing of the Thermal Model it was necessary to embed the requirements of the
structure design and to merge with the thermal requirements. The core of the BIRD satellite bus
can be divided into three sections (from top to bottom):



the payload-platform as the base for the scientific instruments



the segment with all necessary onboard electronics for payload and satellite



the satellite service segment with mostly AOCS-components and batteries.

The Service Segment and the Electronics Segment are the primary structure. The back of the base
plate of the service segment is used as the (main) radiator. The service segment is positioned
directly on the separation system to get short guide lines for mass forces. The lower mass of the
payloads was coupled by a defined interface on the service system. The star sensors are mounted
on the payload platform for optical reasons.
The payload contains a volume of 450×450×250 mm3. It carries most of the payload components,
as they are built as stand-alone units and no additional housing is required. The two infrared optics
are assembled in one shared housing to match extremely accurate, while the detectors are cooled
down to 80 - 90 K. The payload platform was developed as a sandwich structure; it combines high
stiffness, good strength properties and good thermal conductivity to two side heat-pipe flanges. As
a result of this, fixed positions of components are guaranteed after the calibration process to
preserve the pixel matching between the instruments. The interface consists of supports with an
evenness tolerance of ± 20 µm.
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The segments of the BIRD satellite are shown in figure 1; the service segment as the lower part
with concentration of mechanical parts and the electronic segment in the middle. They are built of
two housing halves milled out of aluminium and joined together with approx. 80 screws of Titanium.
The position of flanges and fins reflects the requirement to lock payload bolts from the bottom.
Therefore, the stiffness is very high against bending and torsion in all three axes. Mounting parts
are used for the assembly of components, fulfilling special requirements like tetrahedral angles etc.
In the service segment, the mounting parts shall guide forces directly to the bottom of the body.
This leads to a reduction of the remaining structural loads. The completed housing is the base for
structure parts of the electronic segment, built by separated parts of aluminium. The subdivisions
are determined by the European standard layout for electronic boards of 160 * 100 mm. There are
two sections, each containing 12 boards and one motherboard. The electronic boards have a fixed
thermal interface to the structure.
The bottom of the service segment is equipped with radiator surfaces. On both sides the bottom
plate carries heat-pipe flanges for the heat distribution of the payload. The satellite structure will be
completed by solar panels with hinges and release mechanisms, magnetic torque coils, antennas
and a separation system, which is mounted on the radiator area of the main plate.
The BIRD TCS consists of 3 elements which are not concurrent components of other satellite
systems like the structure system. They are:



MLI cover



coating of radiator areas and the back sides of the outer solar panels



two Heat Pipes which thermally connect the service segment and the payload segment.

The used MLI blankets are delivered by SHELDAHL (USA) and have the following composition:
1st layer (outer layer)

1·1 mil ITO Kapton (back side aluminised)

2nd layer

1·1 mil embossed aluminised (both sides) Kapton

3rd to 22nd layer

1/3 mil perforated aluminised (both sides) Kapton
and Dacron net as spacer

23rd layer (inner layer)

1·1 mil aluminised (both sides) Kapton.

The manufacture of the BIRD MLI cover took place according the Thermal Blanket Construction
Standard of the Jet Propulsion Laboratory (Pasadena, California, USA). The outer layer was
chosen as ITO Kapton to minimise the degradation by Atomic Oxygen.
The used coating for the main radiator (the back of the service segment) and the two radiators for
the LWIR and MWIR camera head is a matt white paint with the trade name PSG 120 FD
(Specification ESA PSS-01-701, issue 1). This paint is also applied to the back of the outer solar
panels. The chemical composition is Silicone, Zinc Oxide. The manufacturer is ASTRAL –
AIRCRAFT DEPT. FRANCE. This paint has a solar absorptance α of 0,19 and a hemispherical
emittance ε of 0,88. Dornier Satellite Systems (Germany) according a certified procedure executed
the attaching of the painting on the main radiator, on the IR-radiators and on the rear solar panels.
Supervision review was delivered.
The used Heat Pipes are a specific development according to the BIRD requirements. They have
been developed and built by a scientific team of the National Technical University of Ukraine “KPI”,
Kyiv, Ukraine. In the development was included a full qualification and acceptance program. The
main specifications for the Heat Pipes are:



Construction: axially grooved capillary structure



Body material - aluminium alloy AD 31



Heat carrier – bi-distilled ammonia



Temperature range of heat pipe operation - 50... + 50 0C
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Rated transfer heat flux - 60 W



Maximum transfer heat flux - no less than 90 W



Thermal resistance actually HP - less than 0,1 K/W.

THERMAL MATHEMATICAL MODEL
The modeling method is, so called, lumped parameter method. This method is supported by the
used software packages ESARAD and ESATAN. The whole satellite is divided into thermal nodes,
which can interact radiating and/or conductive. The Thermal Mathematical Model (TMM) is built as
a model tree consisting of a main model and sub models e.g. for the several payloads. There is
realized a hierarchy in the form of children, grandchildren and so on. The advantage of this
possibility is that each sub model can be developed and evaluated as a stand-alone model. After
validation of all sub models they were linked together to the tree of the whole satellite.
THERMAL VACUUM TEST SEQUENCE ON UNIT AND SUBUNIT LEVEL
FOR ENGINEERING, PROTOFLIGHT AND FLIGHT MODELS
The test requirement definition is based on the BIRD model philosophy. Because of the low cost
project two satellite models in principle were developed a STEM (Structure Thermal Engineering
Model) and a PFM (Proto Flight Model). For all kinds of sub-unit/unit of each model a special test
matrix was defined where the test level was fixed. For the thermal vacuum testing we define the
qualification/ proto flight and the acceptance test conditions. The essential aim of proto flight test is
to obtain experimental safety and reliability for all components. As a rule the proto flight test level is
comparable with the qualification test level. The duration of influence is usually considerably
shorter than for qualification test level. For thermal vacuum testing with proto flight test level we
define a margin of 5°C more or less than the predicted mission temperatures. The number of
cycles was 3x16 with functional testing on each 1st and 16th cycle.
Because the qualification test level must be clearly above the mission temperatures we define the
temperature values 10°C more extreme. The acceptance loads for thermal vacuum cycling testing
were fixed on –20°C to 50°C with 1x16 cycles for space qualified units and 3x8 cycles for proto
flight units. Usually for all components and units which are not space qualified a combined thermal
vacuum cycling test with qualification test level was performed.

Figure 2. TVC test of FM-HF Telemetry unit

THERMAL VACUUM TEST OF SATELLITE ENGINEERING MODEL (STEM)
The STEM was used to test all components of the satellite, especially the TCS components in the
overall configuration (with thermal dummy’s for some components) and with respect to the TMM.
All functions and all temperature ranges that were calculated with the TMM should be found in the
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real STEM too. Also it had to be confirmed that the required temperature limits for all components
are kept.
All tests were realized in the WSA (Space Simulation Chamber) at DLR, Berlin. More than 80 PT100 temperature sensors were installed to monitor the temperature distribution. Different external
power supply equipment e.g. for the replacement heaters that simulate the internal power
dissipation as well as the external thermal loads at the solar arrays and the IR - radiator were
necessary. To simulate the average thermal loads at the main radiator a tempered screen was
used.
The three most important test campaigns of the STEM test were the experimental verification of
two thermal balance tests. For this the averaged hottest and coldest case from the given orbit
conditions have been validated. These two cases were realized in the Space Simulation Chamber
by a radiation screen located directly opposite the main radiator with a view factor ≈ 1. The screen
was tempered with liquid nitrogen to –90° and –50°C respectively and the equilibrium temperatures
were measured. After reaching the warm equilibrium the internal power dissipations of 5 measuring
cycles (along 5 orbits) were generated, that coursed the corresponding temperature increases on
all sensors. These 5 consecutive measurement cycles were a thermal worst case, because the
maximum number of consecutive measurement cycles in the nominal satellite operation is three.
SUMMARY OF STEM TEST RESULTS
Both the measured cold and hot equilibrium temperatures and the transient temperatures during
the measurement cycles were used for the smoothing of the TMM to the measured physical reality.
After the model correction by proper variation of the conductive and radiating interaction
parameters for the thermal equilibrium the maximum temperature differences between measured
and calculated nodal temperatures 4,3°C for the warm equilibrium and 4,0°C for the cold
equilibrium has been reached. Typical difference between calculated and measured nodal
temperatures was in the range of 1…2,5°C. The transient measured temperatures were used for
the fitting of the dynamic behaviour of the TMM. The heat capacities of some nodes were corrected
in a valid range. After this correction the deviations between transient measured and calculated
node temperatures in the range of ± 3°C has been obtained.
THERMAL VACUUM TEST OF SATELLITE PROTOFLIGHT MODEL
The tests with the PFM had to confirm the overall functionality of the satellite under real mission
conditions. The first test step was to prove the correct function of the solar array deployment
mechanism with temperatures like after 40 minutes eclipse.
Second part of the test should confirm that the required temperature limits for all components are
kept with main plate temperatures of +25°C and –10°C respectively. This temperature range is the
operational range for the batteries, which are thermal connected with the main plate.
The last test part was to evaluate the modified main radiator configuration. In contrast to the STEM
test is in the flight configuration the radiator area enlarged by the surface of the eject ring of
modified separation system. For the STEM test this eject ring has not been yet available.
SUMMARY OF THERMAL VACUUM TEST RESULTS OF THE PROTOFLIGHT MODEL
It was proved that the panel deployment works properly. All bus and payload systems worked
correctly and they did not exceed the predefined temperature limits. So acceptance test part was
passed by all components of the satellite.
It was measured that the enlarged surface of the main radiator by the eject ring caused an
improved radiation ability of the main radiator of 20% (the eject ring was also coated with the
radiator paint PSD 120 FD). By a modified mounting of the spacecraft MLI (without additional
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blankets) on the main radiator it was possible to cover its four edges. In this way the effective
radiator area was reduced by 23% so that the surface enlarging by the eject ring was compensated
nearly exact.
BEGINNING OF FLIGHT OPERATION
BIRD has been successfully launched 22.10.2002 with Indian Polar Satellite Vehicle. On its first
orbit the spacecraft was acquired over the Fairbanks ground station as planned. The onboard
sequence was executed nominally. The attitude control software is working very well; the satellite
acquired the sun after about 5 minutes after separation. The solar panels were successfully
deployed over the Fairbanks ground station during the 4th contact (3rd orbit). Since then the satellite
is in the planned sun synchronous orbit, the power budget is positive and the batteries are fully
charged. The on board power control application works properly.
EXTERNAL HEAT FLUXES CONDITIONS
Actual BIRD sun synchronous orbit is characterised by the following parameters: period 96 min,
apogee 580 km, perigee 551 km, and inclination 97,8 deg. Time of equator crossing in descending
node is about 10:30 local time. The NASA β -angle (angle between line Sun-Earth and orbit plane)
varies in the following range 15 – 26 degrees (curve 2 in figure 3). The diapason of β -angle
variation is very near to initial assumption (curve 1 in figure 3) based on the orbit parameters
available two years prior the launch.
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Figure 3. Variation of NASA β-angle in 2002, assumed for thermal analysis (1) and actual (2)

Variation of eclipse time for 2002 is presented on figure 4. It changes in the range 34 - 35 min. The
moderate variation in β -angle, solar constant (1340 -1410 W/m2) and eclipse duration in 2002
evidence about not affective change of external conditions during satellite operation time.
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Figure 4. Eclipse time for BIRD orbit

In course of BIRD thermal analysis the considerable work has been done to estimate the incident
and absorbed fluxes coming to the satellite sides during orbit movement. Keeping in the mind that
the satellite operation regime includes 5 long duration (duration from 20 min – several days) and 4
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short duration (less than 20 min) operational modes and that each mode is characterized by
specific satellite axes orientation respect to direction on Sun and to Nadir, the volume of orbital
heat flux analysis was extensive enough. As the sample, some details for one of important mode
„Safe Mode“ are presented.
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Figure 5. Absorbed flux density at different possible radiator position

In “Safe mode” the satellite has the defined sun orientation (-Z toward the Sun, solar arrays toward
the Sun) and arbitrary undefined position of other axes. So, the main radiator, defining the
temperature of satellite structure can be oriented arbitrary. The density of incident heat fluxes from
Sun, IR Earth, albedo coming for side is the function of side orientation. The analysis has been
performed for 8 possible orientation of this side relative to direction to North of Ecliptic. Figure 5
summarizes the absorbed flux density values with respect radiator optical properties (maximal and
minimal incipient, averaged per orbit) εqIR +α*(qAL+ qS ) as angle position of satellite radiator (0° radiator looks to North Pole of Ecliptic along orbit, 180° - it looks to South pole of Ecliptic along
orbit).
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Figure 6. Variation of incident flux density IR Earth and albedo for satellite side +Z in Safe mode
along orbit (0 min – ascending node)

The average incident flux for any side surfaces qIR +qAL+ qS is limited by values 100±20 W/m2 for
arbitrary axes X(Y)orientation. The satellite side + Z (anti sun direction) is affected by summarized
average incident flux of the value about 150 W/m2. Incident flux variation per orbit has the following
character (figure 6).
The characterization of external absorbed heat flux defined for each satellite element in intended
modes during satellite operational time serves as inputs for TMM, for TVT methods and for
analysis of its flight performance.
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THERMAL OPERATION OF DEVICES
- SUMMARY ABOUT THERMAL CONTROL SYSTEM PERFORMANCE
The figure 7 shows the measured cooling down of BIRD after eject from the launcher compared to
the TMM based prediction of this cooling. 5 minutes after eject the sun pointing was executed and
it took place a basic power dissipation of 39,5 W in the service segment.

Figure 7. Measured and predicted cooling of BIRD

The following figures 8-10 show some typical temperatures of the payload and the bus system
measured during and after an imaging cycle over Australia during the bush fires on January 4th,
2002. As seen, all temperatures are very moderate and far away from their critical limits. Especially
the main plate temperature is for the non measuring phases (with a basic power of 40 W nearly
exact along the predicted 5°C, namely between 4,6° and 5,6°C. Of course, the main plate
temperature arises caused by the increased power dissipation along a measurement cycle as to
seen in figure 8.

Figure 8. Temperature of main plate and 1st battery stack caused by a measurement phase

The figure 9 shows the temperatures of the process data-handling unit, the active spacecraft
computer and the s-band transmitter for the same time interval. The peak in the s-band transmitter
curve is caused by the downlink of data during a pass of the ground station. The figure 10 gives
the corresponding temperatures for a PCB of the electronic box of the IR camera and the
temperature of the focal plate module of the WAOSS camera again together with the main plate
temperature.
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Figure 9. Measured temperatures in the electronic segment caused by a measurement phase

Figure 10. Measured temperatures of payload components caused by a “Measurement phase of operation”

A detailed consideration of the dynamic thermal behaviour and especially a comparison between
calculated and measured temperatures will be possible if the commission phase is finished and the
nominal operating with fixed operation cycles is started.
CONCLUSION
The main milestones of thermal design /modelling /experimental verification and first on-orbit
telemetric contacts of German small satellite BIRD are considered. Obtained flight temperature
data confirm the correctness of accepted thermal control philosophy for small satellite mission with
multifunctional payloads. The detailed analysis of thermocontrol system operation, its interaction
with other satellite systems, influence of orbit environmental is followed.
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ABBREVIATIONS
BIRD

– Bispectral InfraRed Detection

DLR

– German Aerospace Centre

HP

– Heat pipe

IR

– Infrared

ITO

– Indium/tin oxide

LEO

– Low earth orbit

MLI

– Multi layer insulation

PCB

– Printed Circuit Board

PDH

– Process data handling

PFM

– Protoflight model

SBC

– Spacecraft board computer

S/C

– Spacecraft

STEM

– Structure thermal model

TCS

– Thermal control system

TMM

– Thermal Mathematical model

WAOSS

– Wide Angle Optical Stereo Scanner

WSA

– Space simulation chamber

